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CHAPTER |

INTRODUCTION

This thesis is written in two parts. The first part is related to the study of the
failure mechanisms of laser welds under quasi-static and cyclic loading conditions. The
effects of different sheet thicknesses and gap between the welded sheets on the stress
intensity factor solutions are also investigated. Chapters II, 11 and IV constitute the first
part of the thesis. The second part of the thesis is related to the experimental study of the
formability of Niobium cladded and polymer-graphite coated stainless steel sheets.
Chapters V and VI detail the results of the study for the Nb-clad and Polymer-graphite
coated stainless steel sheets, respectively. Note that all these chapters were prepared as
independent papers. Therefore, some parts of the thesis may be found repeated in these

chapters.

1.1.  Part I: Failure of laser welds in lap-shear specimens
Laser welding has been in the industry for over three decades now. It offers many
advantages over the conventional welding processes. These advantages include narrow
heat affected zone, high penetration, small weld width and high welding speeds. Laser
welding usually does not require a filler material which produces welds with little or no
contamination. Laser welding is also attractive for manufacturing and industrial

applications due to its inherent flexibility and ease of automation. Other benefits include



aesthetically appealing welds due to non contact single sided welding process. Laser
welding can also be carried out for some materials that are difficult to weld for example
Titanium and quartz. Laser welding is widely used in the medical devices
manufacturing. Laser welds are also employed in the automotive industry [1-3]. Tailor
welded blanks are available in the market using laser welding technology [4].
Automotive manufacturers have also realized the potential of laser welding for the
production of body-in-white assembly parts. Laser welded joints have been investigated
by many researchers in the past two decades. However, there is limited research on the
strength of laser welds in lap-shear specimens and is mostly experimental in nature.
Fatigue behavior of laser welded joints has been investigated more extensively.
However, the effects of weld geometry and sheet thickness on the failure mechanisms are
not explored in detail. The main objective of the research is to investigate the failure
mode and failure mechanisms in laser welded lap-shear joints under quasi-static and
cyclic loading conditions. The effects of weld geometry, sheet thickness and gap
between the welded sheets on the failure mechanisms are also investigated.

In Chapter I, the failure mode of laser welds in lap-shear specimens of non-
galvanized SAE J2340 300Y high strength low alloy (HSLA) steel sheets under quasi-
static loading conditions is examined based on experimental observations and finite
element analyses. Micrographs of the cross sections of laser welded lap joints were
obtained before and after quasi-static tests. Micro-hardness tests were conducted to
provide an assessment of the mechanical properties near the weld which has a varying
material microstructure due to the welding process. Scanning electron micrographs of

failed specimens were also obtained to understand the failure mechanism. The results of



the finite element analyses of Lee et al. [5] were summarized here and compared with the
experimental observations for completeness. Finite element analyses based on the non-
homogenous 3-zone material model of Lee et al. [5] were then conducted to obtain the J
integral solutions for the pre-existing cracks. The J integral solutions obtained from the
finite element analyses based on the 3-zone material model can be used to explain the
observed necking/shear failure mode of lap-shear specimens in the experiments. The
effects of the sheet thickness on the failure mode of laser welds in lap-shear specimens
were investigated for laser welds with a fixed ratio of the weld width to the thickness
based on the non-homogeneous 3-zone finite element models. The J integral solutions
from the finite element analyses are used to explain the failure modes of laser welds in
lap-shear specimens of different thicknesses. Finally, the failure load is expressed as a
function of the sheet thickness to demonstrate the use of the failure curves to determine
the failure load and the failure mode of the welds.

In Chapter 111, the fatigue behavior of laser welds in lap-shear specimens of non-
galvanized SAE J2340 300Y high strength low alloy (HSLA) steel sheets is investigated
based on experimental observations and two fatigue life estimation models. Optical
micrographs of the welds before and after failure under quasi-static and cyclic loading
conditions are examined to investigate the microstructure and failure mechanisms of the
welds. Scanning electron micrographs of the failure surfaces are also used to explain the
failure modes of laser welds in lap-shear specimens under quasi-static and cyclic loading
conditions. Finite element analyses of the laser welded lap-shear specimens with
consideration of the weld bead protrusion were carried out to obtain the global and local

stress intensity factor solutions for the main cracks and kinked cracks, respectively. The



stress intensity factor solutions are used to explain the kinked fatigue crack growth
patterns under high-cycle loading conditions. A kinked fatigue crack growth model
based on the global and local stress intensity factor solutions for finite kinked cracks
obtained from the finite element analyses and a structural stress model based on the
closed-form structural stress solutions of the beam bending theory are adopted to estimate
the fatigue lives of the laser welds. Finally, the estimated fatigue lives based on the
kinked fatigue crack growth model and the structural stress model are compared with the
experimental results.

In Chapter IV, the effects of the sheet thickness and the gap between the sheets on
the stress intensity factor solutions of laser welds in lap-shear specimens are investigated.
The analytical stress intensity factor solutions of Zhang [6] for spot welds with similar
material and different sheet thicknesses in terms of the structural stresses are adopted to
calculate the stress intensity factor solutions for laser welds in lap-shear specimens with
different sheet thicknesses. The structural stresses for the stress intensity factor solutions
are obtained from the beam bending theory for a two-beam model with connection under
plain strain conditions. Two-dimensional finite element analyses are carried out to
compare the computational results with the analytical stress intensity factor solutions. As
the stress intensity factor solutions are higher for the right pre-existing crack tip as
compared to those for the left pre-existing crack tip when the lower sheet is thicker than
the upper sheet, the stress intensity factor solutions are proposed for the right pre-existing
crack tip that can cover a wide range of the normalized weld width. Finite element
analyses are also carried out to study the effect of the gap between the sheets on the stress

intensity factor solutions for the cracks emanating from the pre-existing notches formed



by the gap. A closed-form structural stress solution is developed for laser welded lap-
shear specimens with a gap between the sheets. This closed-form structural stress model
is also used to investigate the effect of the gap between the sheets on the fatigue lives of

the welds.

1.2.  Part Il: Formability of bimaterial thin steel sheets

Fuel cells are emerging as an attractive alternative for fossil fuels. Fuel cells
directly convert the chemical energy into electrical energy without having an
intermediate combustion process. This makes them very efficient and environment
friendly. Polymer electrolyte membrane (PEM) fuel cells have the potential for use in
automotive propulsion system because of their low operating temperatures (< 80°C)
which gives them quick start-up time. They have higher power density as compared to
other fuel cells. They also respond swiftly to varying loads and can sustain large load
cycles. The main challenge facing the commercialization of fuel cells is their cost and
reliability. One of the important components of PEM fuel cells is the bipolar plate (BP)
which makes up about 80% of the total stack weight and 45% of its cost [7]. Many
materials have been considered for use as BPs, including machined graphite, coated/non-
coated metals and composite polymers. Each one has its own merits and disadvantages.
However stainless steel appears to be a promising candidate for future use as BP that can
meet the Department of Energy (DOE) targets set for BPs due to their relatively high
strength, high chemical stability, low gas permeability, wide range of alloy choice, and

applicability to mass production and low cost [8].



Candidate stainless steel sheets have been tested and used as BPs. However, its
main drawback is the corrosive products produced in a low pH environment of a fuel cell
and the contact resistance of the surface passivation film. To overcome this problem
coated metal sheets are under investigation. Two types of coatings, carbon-based and
metal-based, have been investigated for this purpose [8, 9]. Noble metals, metal nitrides
and metal carbides are some of the metal-based coatings. Different types of BP coatings
for stainless steels were also investigated [10, 11]. However, there is no commercial
product available yet due to the issues of corrosion resistance and electrical contact
resistance. Further the coefficient of thermal expansion of the base metal and the coating
should be as close as possible to eliminate the formation of micro-pores and micro-cracks
in coatings due to unequal expansion [12]. The main objective of the research is to study
the formability of biomaterial metallic sheets for application as bipolar plates in
automotive fuel cells. Nb cladding and polymer-graphite coating on stainless steel thin
sheets will be considered as model material systems.

In Chapter V, the results of an experimental investigation of Nb-clad 304L
stainless steel sheets are presented to study the effects of annealing conditions on the
ductility and formability of these sheets. As-rolled and annealed specimens were tested
in tension, bending and flattening tests to understand the mechanical behavior and failure
mechanisms of these sheets for different annealing temperatures and times. The annealed
specimens showed warping along the longitudinal axis during the tensile tests forming a
canoe-like shape. Nb layer delamination was observed above a uniaxial strain of about
27%. Micrographic analyses of bent and flattened specimens showed that the as-rolled

specimens have limited ductility and that the annealed specimens developed an



intermetallic layer of thickness of a few microns. The annealed specimens failed due to
the breakage of intermetallic layer causing localized necking and the subsequent failure
of Nb layer. The springback angles of the as-rolled and annealed specimens were also
obtained from the guided-bend tests. Nano-indentation tests indicated that the
intermetallic layer exhibits much higher values of hardness and elastic modulus as
compared to those of the stainless steel and Nb sheets.

In Chapter VI, the results of an experimental investigation of polymer-graphite
coated 316L stainless steel sheets are presented. The formability and ductility of
polymer-graphite coated stainless steel sheets and the failure mechanisms of the
protective polymer-graphite layer are investigated. A polymer-graphite coating EB-815
was selected in this investigation. Uniaxial tensile, bend and flattening and spherical
metallic punch deformation tests were carried out to determine the mechanical behavior
and failure mechanisms of these sheets under different straining conditions. Failure of
EB-815 coating was observed at about 17% tensile strain in the uniaxial tensile tests. A
micrographic analysis of the bent and flattened specimens showed that these specimens
can sustain a strain of about 15% without surface damage. Failure of the polymer-
graphite coating in the bent and flattened specimens depends on the bend radius and the
extent of flattening. The polymer-graphite coating can also survive the metallic punch
displacement of about 3.5 mm during the spherical punch deformation test without any
visible surface damage.

It is anticipated that the results presented in Chapters V and VI will provide a
better understanding of the mechanical behavior of cladded and coated thin metallic

sheets for use as bipolar plates in PEM fuel cells. The experimental results obtained from



these tests will be helpful in future application of these sheets as bipolar plates in PEM
fuel cells and will help realize the cost effective and reliable production of PEM fuel
cells. It will also help the commercialization of stainless steel based bipolar plates while

meeting the DOE requirements for fuel cell performance.
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CHAPTER 11
FAILURE MODE OF LASER WELDS IN LAP-SHEAR SPECIMENS OF HIGH
STRENGTH LOW ALLOY (HSLA) STEEL SHEETS
2.1.  Introduction
Laser welding has been used in the automotive and other industries. Advantages
of laser welding include narrow heat affected zone, high penetration due to increased
power density, low distortion, relatively high welding speed, potential for automation,
and inherent flexibility of the process. Laser welded joints have been a topic of extensive
research and investigation in the past two decades. A lap joint is a common weld joint.
The geometry of a lap joint provides pre-existing crack or notch tips at the edges of the
weld bead. Therefore, fatigue cracks were usually observed to be initiated from the pre-
existing crack or notch tips. Structures with laser welded lap joints are often subjected to
cyclic loading conditions. Therefore, many research investigations [1-9] were conducted
on the fatigue lives of laser welded lap joints. However, limited research investigations
were conducted on the strength of laser welded lap joints under quasi-static loading
conditions. Quasi-static tests were mostly carried out in conjunction with the fatigue
testing of laser welded lap-joints.
Ono et al. [10] investigated the static and fatigue strengths of laser welded lap

joints in thin steel sheets and correlated the static strength of laser welded lap joints with
the tensile strength of the base metal and the hardness values of the weld. Kaitanov et al.

[6] conducted experiments to determine the static and fatigue strengths of laser welded



lap joints of steel sheets with different weld widths and penetration depths. They found
that the weld width and pattern have significant effects on the static strength of the weld
joints. Chien et al. [11] examined the shear failure of laser welded aluminum blanks
under uniaxial and biaxial straining conditions. Taban et al. [12] experimentally
investigated the static and fatigue strengths of laser welded butt joints of 12% Cr stainless
steel plates. Casavola et al. [13] examined the static strength of laser welded butt joints
of titanium sheets as well as their fatigue strength. They conducted a two dimensional
plane strain elastic finite element analysis to understand the stress concentration near the
weld.

Recently, Lee et al. [14] conducted finite element analyses to investigate the
failure mode of laser welded lap-shear specimens of high strength low alloy steel sheets
based on the experimental results reported in this chapter. Lee et al. [14] developed finite
element models with consideration of different material sections for the weld and the
weld bead geometry based on the micrograph of the cross section near the weld reported
in this investigation. The tensile stress-plastic strain relation of the base metal obtained
from uniaxial tensile tests was used to scale the stress-plastic strain curves of the material
sections in the heat affected and fusion zones in the finite element models based on the
results of the micro-hardness tests reported here. The results of the finite element
analyses of Lee et al. [14] were compared very well with the results of the experimental
observations.

In this investigation, micrographs of the cross sections of laser welded lap joints
were obtained before and after quasi-static tests. Micro-hardness tests were conducted to

provide an assessment of the mechanical properties near the weld which has a varying
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material microstructure due to the welding process. Scanning electron micrographs of
failed specimens were also obtained to understand the failure mechanism. The results of
the finite element analyses of Lee et al. [14] were summarized here and compared with
the experimental observations for completeness. Finite element analyses based on the
non-homogenous 3-zone material model of Lee et al. [14] were then conducted to obtain
the J integral solutions for the pre-existing cracks. The J integral solutions obtained
from the finite element analyses based on the 3-zone material model can be used to
explain the observed necking/shear failure mode of lap-shear specimens in the
experiments. The effects of the sheet thickness on the failure mode of laser welds in lap-
shear specimens were investigated for laser welds with a fixed ratio of the weld width to
the thickness based on the non-homogeneous 3-zone finite element models. The J
integral solutions from the finite element analyses are used to explain the failure modes
of laser welds in lap-shear specimens of different thicknesses. Finally, the failure load is
expressed as a function of the sheet thickness to demonstrate the use of the failure curves

to determine the failure load and the failure mode of the welds.

2.2. Experiments

2.2.1. Lap-shear specimen

HSLA steel sheets with a thickness of 0.93 mm were welded together using a 6
kW CO, laser at a welding speed of 8 m/min. Helium was used as the shielding gas with
a discharge rate of 20 ¢/min. No heat treatment was carried out after the welding process.

The welded sheets were sheared into 275 mm by 27 mm strips that were used to make

11



lap-shear specimens for the present study. These lap-shear specimens were then
machined into a dog-bone shaped profile using a CNC milling machine. The specimen
geometry in general follows the guidelines of the ANSI/AWS B4.0:2007 standard for the
mechanical testing of welds. The objective of the reduced width for the central portion of
the specimen is to investigate the failure mechanism in the vicinity of the laser welds and
to avoid the failure of the specimen due to the necking of the specimen sheets far away
from the laser welds. Figures 2.1(a) and 2.1(b) show top and bottom views of a laser
welded lap-shear specimen, respectively. As shown in these figures, the laser weld width
is very narrow. The average weld width was measured to be about 1 mm. The width and
length of the uniform straight part in the reduced width section were measured at 8 mm
and 13.5 mm, respectively. Specimens with similar shapes were adopted by a number of
researchers for the study of laser welded joints, for example, see Anand et al. [15] and
Sripichai et al. [16].

Figure 2.1(c) shows a schematic of a lap-shear specimen. As shown in the figure,
the specimen has a width W, sheet thickness t, and overall length L for the upper and
lower sheets. The specimen has a width b and a length ¢ for the central portion of the
specimen, an overlap length V , and a width w for the weld zone which is indicated as
the shaded area in the figure. Two doublers were used for aligning the fixtures to avoid
the initial realignment of the specimen. The doubler has a length s and a width W as
shown in the figure. The detailed dimensions of the lap-shear specimens are listed in
Table 1. The loading direction is indicated by two bold arrows on the right and left sides
of the specimen. These bold arrows are also used to indicate the loading directions in the

subsequent figures. After machining, the specimen edges were manually smoothed by
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using 1200 grit coarse polishing papers. This was done to remove notches or

irregularities along the edges which may produce stress concentration sites.

2.2.2. Weld microstructure

The laser welded joints of the lap-shear specimens were sectioned using a low
speed diamond saw perpendicular to the welding direction. The specimens were then
ground through a series of grinding steps and polished by diamond polishing compounds.
The cross sections were then chemically etched to examine the microstructure of the
welded area. 3% Nital solution was used as the etchant. Samples were etched by
immersion in the etchant solution for about 20 to 30 seconds. Figure 2.2(a) shows an
optical micrograph of the etched cross section of a laser welded joint. Three different
regions can be identified from the micrograph based on their distinct grain structures,
namely, the base metal (BM), the heat affected zone (HAZ) and the fusion zone (FZ).
Close-up views of the BM, HAZ and FZ are provided in Figures 2.2(b), 2.2(c) and 2.2(d),
respectively. The base metal has fine and randomly oriented grains [15]. The HAZ
between the fusion zone and the base metal has a mixture of fine and coarse grains. The
coarse grain indicates grain growth in this region due to the welding process. The span of
this narrow HAZ varies from 0.05 to 0.17 mm on both sides of the fusion zone along the
thickness direction. The width of the fusion zone is about 0.80 mm along the middle
surface of the weld. A similar micro-structural composition of the three weld zones was
also reported for laser welded high strength galvanized steel sheets in Mei et al. [17].
The micrograph in Figure 2.2(a) also shows that the weld is free of porosities and other

welding defects such as cracks and voids.
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2.2.3. Micro-hardness test of welded joint

Micro-hardness tests were carried out using an automated CM-400AT Sun-Tech
Inc. Clark micro-hardness tester. All the indentations were made with a 500 grams load
and a dwell time of 15 seconds. The tests were done using a pyramidal tip to record the
Vickers hardness number. The indentations were carried out at a regular interval of about
150 pm in the transverse direction across the weld zone from the base metal to the fusion
zone and to the base metal on the other side. Figure 2.3(a) shows an optical micrograph
of the cross section of a laser weld with micro-indentations. The hardness values from
these tests are plotted in Figure 2.3(b) for both the upper and lower sheets as well as the
middle surface of the fusion zone between the pre-existing crack tips. Figure 2.3(b)
shows that the hardness variations remain fairly consistent along the thickness direction.
The base metal has a hardness value of less than 150 HV500. The hardness value
increases sharply in the heat affected zone from 150 HV500 and reaches the highest value
of about 230 HV500 in the fusion zone near the weld center. The hardness values
obtained from these tests were used to estimate the stress-plastic strain curves of the heat
affected and fusion zones based on the stress-plastic strain curve of the base metal for the

finite element analyses in Lee et al. [14] and the finite element analyses discussed later.

2.2.4. Tensile test of base metal
Tensile tests were conducted for the base metal sheets according to the ASTM
E8-04 standard for tension testing of metallic materials. The HSLA sheets were cut into

200 mm rectangular specimens with a gauge length of 50 mm. The dog bone profile was
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made by a water-jet cutting machine. The specimen edges were manually coarse
polished using 1200 grit grinding papers. The tests were carried out using an automated
MTS tensile testing machine with a 10 KN load cell. An extensometer with a two inch
gauge length was used to automatically record the extension in the uniform gauge
section. The cross-head speed was maintained at 2.54 mm/min throughout the tests. The
engineering stress-strain curves are shown in Figure 2.4 for the base metal from three
representative sheet specimens. A total of six specimens were tested. The material
parameters obtained from these tests are listed in Table 2. The stress-plastic strain curves
for the heat affected and fusion zones were estimated by scaling the stress-plastic strain
curve of the base metal according to the hardness values of the heat affected and fusion
zones [14]. These stress-plastic strain curves were used as the input parameters for the

finite element analyses in Lee et al. [14] and the finite element analyses discussed later.

2.2.5. Quasi-static test of lap-shear specimen

Quasi-static tests of lap-shear specimens were carried out under displacement
controlled conditions. These tests were conducted using an automated MTS testing
machine at a constant cross-head speed of 1 mm/min. Figure 2.5 shows the load-
displacement curves obtained from quasi-static tests of three lap-shear specimens. The
average failure or maximum load and the maximum displacement obtained from these
tests were about 3.1 kN and 2.16 mm, respectively. The results of these tests were used
as the reference load and displacement by Sripichai et al. [16] for fatigue testing of laser

welded lap-shear specimens of HSLA steel sheets.
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It was also observed during these tests that the weld bead rotated as the applied
displacement increased. Figure 2.6 shows the side views of four specimens that had been
subjected to different displacements during the quasi-static tests. Figures 2.6(a), 2.6(b)
and 2.6(c) show the side views of the specimens from the tests that were interrupted at
the displacement of 0.2 mm, 1.0 mm and 1.9 mm, respectively, while Figure 2.6(d)
shows the side view of a failed specimen at the final displacement of about 2.1 mm. The
angle of rotation continued to increase throughout the tests and the final angles between
45° and 50° with respect to the load line were observed for completely failed specimens.
A similar weld rotation was reported by researchers, for example, in Radaj et al. [18] for
resistance spot welds. Ono et al. [10] also observed the weld rotation in laser welded lap-
shear specimens and experimentally determined a maximum rotation angle of less than
25° for their specimens. The weld rotation is caused by the non-uniform plastic
deformation through the thickness in the two load carrying sheets of the lap-shear
specimen and by the relative rigidity of the weld bead as compared to the base metal [14].
The weld rotation is also dependent on the weld width [14]. The necking of the sheet
metal near the weld zone is also somewhat visible from Figure 2.6(d) for the separated
lower left sheet after the complete failure of the laser weld. For a total of eight tests, the
failure of all the specimens occurred in the lower left load carrying sheets near the weld
beads.

To further study the failure mechanism in detail, the tested specimens were
sectioned perpendicular to the weld direction using a low speed diamond saw and
prepared for a micrographic analysis. The sectioned specimens were ground with

grinding papers of different grit size in a series of steps to remove any cold work effects
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which might have been left at the sheet edges due to the machining. The specimens were
then polished using diamond suspension compounds. A detailed analysis of these

micrographs is presented in the following sections.

2.3.  Failure mechanism of welded joint

A micrographic analysis of nearly failed and failed laser welds under quasi-static
loading conditions is presented here. Figure 2.7(a) shows an optical micrograph of the
cross section near the weld in a specimen just prior to its complete separation. The bold
arrows in the figure indicate the loading direction. The upper right and lower left sheets
were the two load carrying sheets in these tests. The necking of the upper right and lower
left sheets can be observed. A crack formation at a distance from the pre-existing crack
tip on the inner surface of the lower left sheet can also be observed and is marked in
Figure 2.7(a). A close-up view of the region near the crack formation is provided as an
insert in Figure 2.7(a). The weld rotation with respect to the loading direction is also
visible from the figure. From the micrograph, it appears that this rotation causes the
relatively rigid weld bead to compress the outer surface of the lower left sheet to create a
notch. The notch further promotes the shear/necking instability and the final rupture of
the lower left sheet.

Figure 2.7(b) shows a micrograph of the cross section of a completely failed weld.
The thickness of the upper right sheet near the failure surfaces was noticeably reduced
due to the necking. It is noted that the necking took place at a distance from the pre-
existing crack tips. Although the opening of the pre-existing crack tips is observed from

the micrographs in Figures 2.7(a) and 2.7(b), the final failure was not initiated directly
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from these crack tips. The lower left sheet finally failed by ductile shear fracture as
shown in Figure 2.7(b). This may seem to be a departure from the existing understanding
of the fatigue failure of laser welds in which the failure is directly initiated from the pre-
existing crack tip due to the stress and strain singularities based on the fracture mechanics
approach [9, 10, 16, 19]. Therefore, the failure mechanism of the necking/shear for laser
welded lap joints of thin sheets under quasi-static loading conditions in the present study
seems to be different from that under cyclic loading conditions.

Figure 2.8(a) shows an optical micrograph of the etched cross section of another
completely failed weld. The opening of the pre-existing cracks and the sheet necking are
visible in the micrograph. As shown in the figure, the non-load carrying sheets were cut
for convenience of mounting the failed weld. As shown in the figure, the failure location
is near the boundary of the base metal and the HAZ of the lower left load carrying sheet.
The grains in this region are significantly stretched as seen in close-up views of the lower
left sheet near the failure surface and the upper right sheet near the pre-existing crack tip
in Figures 2.8(b) and 2.8(c), respectively.

In order to study the failure modes in the failed sheets, the failure surfaces of the
separated sheets were examined under a scanning electron microscope. Figure 2.9(a)
shows a scanning electron micrograph that gives an overview of the failure surface on the
separated sheet side as indicated in Figure 2.7(b). The upper portion of the failure
surface in Figure 2.9(a) shows the stretch marks corresponding to the stretched inner
surface of the lower sheet. The stretch marks suggest that this part of the sheet was
subjected to tensile deformation and experienced significant plastic deformation. Note

that the ratio of the width to the thickness is 8.6 for the specimens. The large ratio
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suggests that the majority of the weld was possibly subjected to plane strain loading
conditions. Only a limited amount of necking in the transverse direction on both sides of
the failure surface is shown in the figure. A close-up view of region I in Figure 2.9(a) is
shown in Figure 2.9(b). Three distinct regions A, B and C are identified from the
scanning electron micrograph of the failure surface. Region A exhibits a fracture surface
of large and small dimples. A close-up view of a portion of this region is shown in
Figure 2.9(c). This portion of the failure surface corresponds to the crack initiation and
growth. Region B exhibits a fracture surface with small elongated dimples. Region B of
the failure surface indicates a shear dominant failure mode. A close-up view of a portion
of the transition region between regions A and B is shown in Figure 2.9(d). Region C of
the failure surface in Figure 2.9(a) shows a flat and cleavage fracture surface. The
cleavage fracture surface corresponds to the final stage of the separation of the weld joint
due to the loss of the load carrying capacity. A close-up view of a portion of the
transition region between regions B and C is shown in Figure 2.9(e).

In a separate study [16], it was observed that the fatigue failure in laser welded
lap-shear specimens of HSLA steel sheets occurred due to the kinked crack growth from
the pre-existing crack tip. The experimental observations in the present study indicate
that the failure of laser welded lap-shear specimens under quasi-static loading conditions
is driven by two distinct mechanisms that occur concurrently. One of the mechanisms
involves the sheet necking/thinning due to the combined axial and bending nature of the
loading condition. The other mechanism is related to the weld rotation producing a notch
in the HAZ of the lower left sheet adjacent to the weld bead protrusion due to the

material inhomogeneity of the welded region and the geometry of the weld bead
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protrusion. The net area of the load carrying sheet to support the load is further reduced
by the crack formation on the inner surface of the lower left sheet. The lower left sheet
finally fails due to the loss of the load carrying capacity. The scanning electron
micrographs of the failure surface shown in Figures 2.9(d) and 2.9(e) indicate the
presence of both small elongated dimples and cleavage surface corresponding to the final
stage of the failure due to the loss of the load carrying capability of the sheet.

The results of the finite element analyses of Lee et al. [14] are briefly reviewed
here for completeness. Lee et al. [14] conducted finite element analyses with and without
consideration of void nucleation and growth to investigate the failure mode of the laser
welds in lap-shear specimens based on the experimental results reported here. They used
non-homogenous 3-zone and 6-zone material models to more realistically represent the
material behavior in the base metal, heat affected and fusion zones. The stress-plastic
strain curves for the material sections in the heat affected and fusion zones were
estimated by scaling the stress-plastic strain curve of the base metal according to the
hardness values of the different material sections of the heat affected and fusion zones.
The assumed hardness values and the yield stresses of the material sections in the 3-zone
and 6-zone models are listed in Tables 3 and 4, respectively. The detailed information on
the 3-zone and 6-zone material model can be found in Lee st al. [14].

Figure 2.10(a) shows an optical micrograph of the etched cross section of the
weld in a lap-shear specimen shown in Figure 2.7(a). The weld in Figure 2.10(a) was
subjected to the applied displacement of 1.95 mm prior to the final failure. Figures
2.10(b) and 2.10(c) show the deformed meshes near a weld in a lap-shear specimen at the

applied displacement of 2.4 mm from the finite element analyses of Lee et al. [14] based
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on the 3-zone and 6-zone models, respectively. The necking of the two load carrying
sheets is apparent in Figures 2.10(b) and 2.10(c). Figures 2.10(b) and 2.10(c) show that
the plastic deformation concentrates in the base metal near the boundary of the base metal
and the heat affected zone for both load carrying sheets. When Figures 2.10(b) and
2.10(c) are compared, the deformed mesh of the 6-zone model near the crack tips is
smoother than that of the 3-zone model. The details of the finite element analyses and
the selection of the material parameters can be found in Lee et al. [14] and are not
reported here. It should be noted that in these finite element analyses, no failure criteria
were adopted. Therefore, the finite element analyses can continue until a numerical
instability takes place.

The Gurson’s yield function was also adopted in the finite element analyses to
identify the fracture initiation site near the weld in lap-shear specimens under quasi-static
loading conditions. The location of the highest void volume fraction of the material
elements from the finite element analysis based on the Gurson’s yield function is
indicated on the deformed mesh in Figure 2.10(c). This location corresponds to region a
shown in the micrograph in Figure 2.10(a). The fracture surface with large dimples in
Figure 2.9(c) corresponds to region a in Figure 2.10(a). The creation of the artificial
notch due to the buckling of the outer surface of the lower left sheet is shown in the
deformed meshes in Figures 2.10(b) and 2.10(c). The creation of the notch from the
finite element analyses agree well with the experimental observation of a notch marked
as b in the micrograph in Figure 2.10(a). In general, the deformed meshes based on the
3-zone and 6-zone models resemble the experimental observations shown in Figure

2.10(a). Although Figures 2.10(a) and 2.10(c) correspond to different displacements, the
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general trend of the necking and the outer surface buckling of the lower left sheet can still

be qualitatively correlated.

2.4. J integral solutions for non-homogenous 3-zone material model

In this section the J integral solutions obtained from the finite element analyses
based on the 3-zone material model are used to explain the ductile failure mode observed
in the experiment. Figure 2.11 shows a schematic of a crack and an arbitrary contour I
surrounding the crack tip. As shown in the figure, a Cartesian coordinate system is

centered at the crack tip. The J integral is defined as [20]
ou. .
Wn —-T.— |ds, (i=Xx,Y,z 1
L(x .axj (i=xy.2) &)

where T" represents a counterclockwise contour from the lower crack face to the upper

crack face, ds represents the differential arc length of the contour T, n, represents the
X component of the unit outward normal n to the differential arc length ds, T,

(= oy j) represent the components of the traction vector T on the differential arc length
ds, and u; represent the components of the displacement vector u. In the above
equation, the strain energy density W is defined as

vv:j:" oydey;, (,i=%Y,2) )

The J integral is path independent for a crack in a homogenous non-linear elastic
material. For elastic-plastic power-law strain hardening materials under proportional
loading conditions, the J integral can be used to represent the singularity amplitude of

the crack-tip stress and strain fields. Figure 2.12(a) shows a schematic of a two-
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dimensional finite element model of a lap-shear specimen and the boundary conditions.
The Cartesian x—y coordinate system is also shown in the figure. The middle surface
of the left edge is fixed while displacement in the + x direction is applied at the middle
surface of the right edge. The specimen has the length L, the overlap length V , and the
weld width w. Both the upper and lower sheets have the same thickness t. The two-
dimensional plane-strain finite element model has the sheet thickness t =0.93 mm, length
L =95 mm, overlap length V =30 mm, and weld width w= 0.86 mm between the two
pre-existing crack tips. The width b of the central reduced width portion of the specimen
is taken as 8 mm to calculate the applied force. First-order, plane strain, quadrilateral,
reduced integration (CPE4R) elements are used in this model.

Figure 2.12(b) shows the finite element mesh near the weld based on the 3-zone
material model of Lee et al. [14] for the ratio of the weld width to the sheet thickness,
w/t =0.86. As shown in the figure, there are three types of material zones: base metal,
heat affected and fusion zones. A finer mesh is used near the pre-existing crack tips with
the element size of about 4.75 um. Figure 2.12(c) shows a close-up view of the mesh
near the right pre-existing crack tip. A total of eight contours were assigned in the HAZ
of the finite element model to obtain the J integral solutions. These contours are shown
as thick lines surrounding the right pre-existing crack tip in Figure 2.12(c). Since all
eight contours are in the HAZ which is homogenous, the J integral should be path
independent and represents a fracture parameter of the crack tip under nearly proportional
loading conditions. Note that near the crack tips in the HAZs, the grain size varies from
several pum to about 30 um as shown in Asim et al. [9]. The J integral, instead of a local

crack tip parameter such as the crack tip opening displacement (CTOD) or crack tip
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opening angle (CTOA), is selected here for the fracture parameter because the J integral
IS a macroscopic continuum path independent fracture parameter whereas the local
CTOD or CTOA is mesh dependent from finite element analyses.

The elastic modulus and the Poisson’s ratio are taken as 206 GPa and 0.3,
respectively, for the elastic material properties for the base metal, heat affected and
fusion zones in the finite element analyses. The three different stress-plastic strain curves
for the base metal, heat affected and fusion zones, scaled by the hardness values [14], are
adopted here. The hardness values and the scaled initial yield stresses for the base metal,
heat affected and fusion zones are listed in Table 3. The scaled stress-plastic curves for
the base metal, heat affected and fusion zones are shown in Figure 2.13. The Mises yield
function is adopted to describe the elastic-plastic behavior of the material with the tensile
stress-plastic strain curve used as the effective stress-plastic strain curve. The yield
surface evolution is assumed to follow the isotropic hardening rule. It should also be
noted that the residual stresses near the weld are not considered in this study due to the
lack of quantitative information. Computations were performed using the commercial
finite element code ABAQUS [21].

The J integral contours are numbered 1 to 8 where contour 1 is closest to the tip
and contour 8 is farthest away from the tip. The J integral solutions from the finite

element analysis for contours 4 to 8 for the right pre-existing crack tip are plotted as

functions of the normalized applied load in Figure 2.14. The reference load P, (= aobt)
was used to normalize the applied load where o, is the yield stress of the base metal. It

should be noted that the J integral solutions from the finite element analysis are higher

for the right pre-existing crack tip as compared to those for the left pre-existing crack tip
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due to the presence of the weld bead protrusion on the lower surface of the weld.
Therefore, the J integral solution for the right pre-existing crack tip is considered in this
study since the fracture will be initiated from the right pre-existing crack tip when the J
integral reaches a critical value. It should also be noted that the J integral is path
independent for a crack in a homogenous nonlinear elastic material [20]. The maximum
variation of the J integral solutions for contours 4 to 8 is less than 15% for a given load.
However, the general trends of the solutions are quite consistent.

Figure 2.15 shows the J integral solution for contour 8 as a function of the
normalized load from the finite element analysis. Figure 2.15 also shows the failure
curves that can be used to predict the failure mode of the laser welds in lap-shear
specimens. The vertical dashed line in Figure 2.15 represents the failure load due to the

plastic collapse or necking/shear as observed in the experiments. The normalized failure

load P, can be defined as

p ot
= 3

(o]

where P; is the failure load and P, is a reference load. The failure load P; can be
estimated as

P, = o bt (4)
where o, is the tensile strength, b is the reduced specimen width and t is the sheet
thickness. The reference load P, is again defined as

P, =o,bt ()

Therefore,
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P =t ©)

For the given HSLA steel, P, is 1.31 from the results of the tensile tests. This is in good

agreement with the experimental results of the failure or maximum loads of the laser
welds in lap-shear specimens. The horizontal dashed line in Figure 2.15 represents the

critical J_ of the heat affected zone in which the fracture initiation takes place at the pre-
existing crack-tip. Due to the unavailability of the actual critical J, for the HAZ of the

HSLA steel sheet under investigation, an average value of 40 kN/m for the fracture

toughness of low carbon steels is selected as the critical J_ for the heat affected zone to

demonstrate the use of the failure curves in the present study. Figure 2.15 shows that for

the specimen with a sheet thickness of t=0.93 mm, the weld is likely to fail in the plastic

collapse or necking/shear failure mode as the applied load reaches the failure load P;

before reaching the critical J..

2.5.  Discussion on the effects of sheet thickness on failure mode
Ono et al. [10] reported failures of laser welds in the base metal of lap-shear

specimens of thin steel sheets and correlated the weld strength to the tensile strength of
the base metal. They also reported failures of laser welds in the weld and correlated the
weld strength to the hardness of the weld. The failure mechanism of thin HSLA steel
sheets under quasi-static loading conditions in the present study is observed to be the
necking/shear in the base metal near the HAZ and the buckling of the lower left sheet, but
a different failure mode dominated by fracture initiation from the pre-existing crack tip
may be observed in welds of thicker sheets. In order to study the failure mode based on
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fracture initiation from the pre-existing crack tip and to evaluate the effect of sheet

thickness on the failure mode, the J integral approach is adopted and discussed below.

2.5.1. J integral solutions for specimens with different thicknesses

In this study, the sheet thickness t in the finite element model is varied in order to
investigate the effect of the sheet thickness on the J integral solutions and, in turn, on
the failure mode of the laser welds in lap-shear specimens. It should be noted that the
weld width, weld geometry and the material variation in the weld area can affect the
failure mode of the weld as investigated by Lee et al. [14]. Due to the unavailability of
the actual welded specimens of different sheet thicknesses, all the dimensions of the weld
and the specimen are scaled up proportionally by the sheet thickness in the finite element
models in the present study. Therefore, the ratio of the weld width to the sheet thickness,

w/t =0.86, is kept the same for all finite element models with different thicknesses. The

finite element models were scaled up by factors of 2, 3, 4 and 5 to represent the
specimens with larger thicknesses. Therefore, five different thicknesses of t, 2t, 3t, 4t
and 5t, were used in the finite element models. Here, t represents the sheet thickness of
the original lap-shear specimen and is equal to 0.93 mm.

Figure 2.16 shows the J integral solutions for contour 8 for the right pre-existing
crack tips from the finite element analyses of the specimens with the sheet thicknesses of
t, 2t, 3t, 4t and 5t. The J integral solutions are plotted as functions of the
normalized applied load for the specimens with the different thicknesses. Figure 2.16
shows that the J integral solutions for a given normalized applied load increase as the

sheet thickness increases. The failure curves in Figure 2.16 can be used to predict the
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failure mode of the laser welds in these lap-shear specimens. The vertical dashed line in

Figure 2.16 represents the normalized failure load due to plastic collapse or
necking/shear. The horizontal dashed line in Figure 2.16 represents the critical J. which
is taken as 40 kN/m for the weld in the present study. For the specimens with the sheet
thicknesses of t and 2t , the plastic collapse or the necking/shear failure loads are

reached before the critical J_ is reached. For the specimens with the sheet thicknesses of
3t, 4t and 5t, the critical J_ is met before the plastic collapse failure loads are reached.
A critical thickness t, = 2.22 mm can be determined for the given critical J, of 40 kN/m
and normalized failure load P, of 1.31 for the transition of the failure mode from the

plastic collapse to the fracture initiation from the right pre-existing crack tip. This critical

thickness depends on the critical J_ of the heat affected zone and the tensile strength of

the base metal. If the welding process causes a reduction of the critical J_ of the heat

affected zone, then a failure by fracture initiation from the right pre-existing crack tip is
more likely to occur for thinner sheets. Conversely, a lower tensile strength of the base
metal can cause a failure by plastic collapse or necking/shear for thicker sheets. It should
be noted that the effect of the weld width is not investigated in this study. Laser welds
normally have a very small weld width. However, a larger ratio of the weld width to the
sheet thickness is needed to prevent any interfacial fracture through the weld.

It should be noted that Ono et al. [10] reported that for the lap-shear specimens of
thin steel sheets used in their investigation with sheet thicknesses above 1.2 mm, the
fracture occurred in the weld metal instead of the base metal as observed in the

specimens with thinner sheets. This observation of the change of failure location of the
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welds based on sheet thickness motivates the present study and can be explained based on
the use of the failure curves in Figures 2.15 and 2.16. However, a more detailed
experimental investigation for welds with different sheet thicknesses and for other types

of metals can be conducted to verify the concept of the failure curves presented here.

2.5.2. Scalability of the J integral solutions

As shown in Figure 2.16, for a given normalized load, the J integrals are larger
for specimens with larger thicknesses. When the thickness t and the weld width w are
the most important length parameters for the homogenous material model of the lap-shear
specimen with a weld [14], the J integral should be scaled to the thickness for both

linear elastic and pure power-law hardening material for a fixed ratio of w/t. Inorder to

determine if the scalability of the J integral by the sheet thickness is possible for the
nonhomogenous 3-zone model, the J integral solutions normalized by the sheet
thickness t are plotted as functions of the normalized load in Figure 2.17. Figure 2.17
shows the values of the normalized J integral, 3(: J/t), for contour 8 for the right pre-
existing crack tips from the finite element analyses of the specimens with the sheet
thicknesses of t, 3t and 5t. Figure 2.17 shows that the normalized J integral solutions
collapse into a single curve. This indicates the scalability of the J integral by the sheet
thickness t for the specimens with different thicknesses for the given ratio of w/t = 0.86.
For pure power-law hardening homogeneous materials, the J integral should be
scaled by the only significant length dimension of the geometry of interest [22]. For the
laser welds in lap-shear specimens, when the weld width is significantly larger than the

thickness, the thickness becomes the only significant length dimension according to the
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beam bending theory. For the given ratio w/t =0.86, the stress intensity factor solutions

derived from the beam bending theory are reasonably close to the actual stress intensity
factor solutions obtained from the finite element analysis for linear elastic homogeneous
materials [8]. This suggests that the beam bending theory may be approximately
applicable to laser welds in lap-shear specimens for the given ratio w/t =0.86 under
elastic-plastic deformation. For pure power-law hardening homogeneous materials, it can
be shown that the J integral should be scaled by the thickness for the two-strip model of
Sripichai et al. [8]. For the 3-zone finite element model, the J integral for the crack tip
in the HAZ should depend on the sheet thickness, the width of the HAZ, the width of the
fusion zone, the remaining ligament between the crack tip and the fusion zone, and the
material variation in the weld zone. When the weld geometry is scaled up proportionally
with respect to the sheet thickness while the material variation is kept to be the same, the
J integrals is apparently scaled by the sheet thickness as indicated in Figure 2.17.

The failure curve and the scaled J integral curves for a sheet of unit thickness

can be used to conveniently determine the critical sheet thickness for the transition of the

failure mode. As a demonstration, the value J_ = J_/t obtained from the normalized J

integral curve in Figure 2.17 for the normalized failure load P, of 1.31 is about 18 MPa

as shown in the figure. Dividing the selected fracture toughness of 40 kN/m by this value

of J, gives a value of 2.22 mm for the critical sheet thickness t, as mentioned earlier.
Based on the earlier discussion, the failure load P; can be expressed as

P, =o,bt t<t, (7)

P, =o,btP(J,) t>t (8)
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where P(J,) represents the normalized load P as a function of J,. Figure 2.18 shows
the plots of the failure load P; as a function of the sheet thickness t based on Equations

(7) and (8) for specimens with different thicknesses. Different J_ values of 30, 40 and
50 kN/m are used to plot three different curves representing Equation (8). Figure 2.18
shows that for sheet thicknesses smaller than the critical sheet thickness t., for J, =30
kKN/m, t,, for J, =40 kN/m, and t_, for J, =50 kN/m, the failure load based on the
plastic collapse failure mode is lower than the failure load required to initiate fracture
from the pre-existing crack tips. For sheet thicknesses larger than the critical sheet
thickness t., for J_ =30 kN/m, t_, for J. =40 kN/m, and t_, for J, =50 kN/m, the
failure load to cause fracture initiation is smaller than the failure load based on the plastic
collapse failure mode, and the failure is likely to occur by fracture initiation from the pre-

existing crack tips. It should be noted that the critical sheet thickness t. decreases as the

critical J, decreases. This indicates that for a weld with a lower critical J_, the failure

by fracture initiation can occur at a smaller thickness. In summary, the failure criteria of
welds based on the plastic collapse failure mode should be used cautiously for welds of
thicker sheets due to possible lower failure loads due to the fracture initiation from the

pre-existing crack tips.

2.6.  Conclusions
In this paper, the failure mode of laser welds in lap-shear specimens of non-
galvanized SAE J2340 300Y high strength low alloy (HSLA) steel sheets under quasi-

static loading conditions is examined based on experimental observations and finite
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element analyses. Laser welded lap-shear specimens with reduced cross sections were
made. Optical micrographs of the cross sections of the welds in the specimens before and
after tests are examined to understand the microstructure and failure mode of the welds.
Micro-hardness tests were also conducted to provide an assessment of the mechanical
properties in the base metal, heat affected and fusion zones. The micrographs indicate
that the weld failure appears to be initiated from the base metal near the boundary of the
base metal and the heat affected zone at a distance from the pre-existing crack tip, and the
specimens fail due to the necking/shear of the lower left load carrying sheets. Finite
element analyses based on non-homogenous multi-zone material models were conducted
to model the ductile necking/shear failure and to obtain the J integral solutions for the
pre-existing cracks. The results of the finite element analyses are used to explain the
ductile failure initiation sites and the necking/shear of the lower left load carrying sheets.
The J integral solutions obtained from the finite element analyses based on the 3-zone
finite element model indicate that the J integral for the pre-existing cracks at the failure
loads are low compared to the fracture toughness and the specimens should fail in a
plastic collapse or necking/shear mode. The effects of the sheet thickness on the failure
mode were then investigated for laser welds with a fixed ratio of the weld width to the
thickness. For the given non-homogenous material model, the J integral solutions
appear to be scaled by the sheet thickness. With consideration of the plastic collapse
failure mode and fracture initiation failure mode, a critical thickness can be obtained for
the transition of the plastic collapse or necking/shear failure mode to the fracture
initiation failure mode. Finally, the failure load is expressed as a function of the sheet

thickness according to the governing equations based on the two failure modes. The
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results demonstrate that the failure mode of welds of thin sheets depends on the sheet
thickness, ductility of the base metal, and fracture toughness of the heat affected zone.
Therefore, failure criteria based on either the plastic collapse failure mode or the fracture

initiation failure mode should be used cautiously for welds of thin sheets.
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Table 2.1. Dimensions of the lap-shear specimen.

Width of the grip section (W) 27.0 mm
Width of the central portion (b) 8.0 mm
Fillet radius (R) 9.5 mm
Length of the central portion (c) 13.5 mm
Length of the doubler (s) 50.0 mm
Weld width (w) 1.0 mm
Length of each leg (L) 95.0 mm
Overlap length (V) 30.0 mm

Table 2.2. Material parameters from tensile tests of the base metal.

Elastic Yield . . Strength
Modulus Strength Tenm(ls/lﬁgr)ength Elxargﬁg::gn Coefficient K
(GPa) (MPa) P (MPa)
206 315 415 0.15 633
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Table 2.3. The hardness values from indentation tests and the scaled initial yield stresses
for the base metal, heat affected and fusion zones for the 3-zone model.

Base metal Heat-affected zone Fusion zone
Vickers hardness 150 190 230
Yield stress o, 315 400 484

(MPa)

Table 2.4. The hardness values from indentation tests and the scaled initial yield stresses
for the base metal, heat affected and fusion zones for the 6-zone model.

Base HAZ 1 HAZ 2 Fusion Fusion Fusion
metal zone 1 zone 2 zone 3
Vickers 150 166 182 198 214 230
hardness
Yield
stress o, 315 349 382 416 450 484
(MPa)
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Figure 2.1. (a) A top view and (b) a bottom view of a laser-welded lap-shear specimen,
and (c) a schematic of a lap-shear specimen with the loading direction shown as the bold
arrows.
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Figure 2.2 (a) An optical micrograph of the etched cross section of a laser welded joint
(3% Nital used as the etchant), and the close-up views of the optical micrographs of (b)
the base metal (BM), (c) the heat affected zone (HAZ) and (d) the fusion zone (FZ) as
marked in (a).
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Figure 2.3. (a) An optical micrograph of the cross section of a laser weld with the micro-
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indentations, and (b) the distributions of the hardness values across the weld.
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Figure 2.4. The engineering stress-strain curves for the base metal from three
representative sheet specimens.
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Figure 2.5. The load-displacement curves from quasi-static tests of three lap-shear
specimens.
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Figure 2.6. Side views of specimens at the applied displacements of (a) 0.2 mm (b) 1.0
mm (c) 1.9 mm and (d) about 2.1 mm with the left sheet separated from the weld.
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Figure 2.7. Optical micrographs of the cross sections of the weld for (a) a nearly failed
and (b) a failed weld.
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Figure 2.8. (a) An optical micrograph of the etched cross section of a failed weld, and
close-up views of (b) the lower left sheet near the failure surface and (c) the upper right
sheet near the pre-existing crack tip (3% Nital solution used as the etchant).
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Figure 2.9. (a) A scanning electron micrograph of the failure surface on the separated
sheet side, (b) a close-up view of region I in (a), and close-up views of portions of (c)
region A, (d) the transition region between regions A and B, and (e) the transition region
between regions B and C.
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Figure 2.10. (a) An optical micrograph of the etched cross section of a weld in a lap-
shear specimen at the applied displacement of 1.95 mm prior to the final failure, and the
deformed mesh near a weld in a lap-shear specimen at the applied displacement of 2.4
mm from the finite element analysis based on (b) the 3-zone model and (c) the 6-zone
model.
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(a)

Figure 2.11. A schematic of a crack and an arbitrary contour I" surrounding the crack
tip.
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Figure 2.12. (a) A schematic of a two-dimensional finite element model of a lap-shear
specimen and the boundary conditions, (b) the finite element mesh near the weld, and (c)
a close-up view of the finite element mesh near the right pre-existing crack tip.
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Figure 2.13. The tensile stresses as functions of the plastic strain for the base metal, heat
affected and fusion zones used in the 3-zone finite element analysis.
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Figure 2.14. The J integral solutions for contours 4 to 8 for the right pre-existing crack
tip as functions of the normalized load from the finite element analysis.

52



50 1 1 | I | | | I | 1 1 I 1 1 | I | | 1 I 1 1 1 I 1 III I 1 1 1

I ! ]

I | ]

40 ————
g -
> 30 -
< ]
E i
=3 ]
= 20 -
= .
3 i
10 -
P,

0 1 1 1 I Ll 1 I 1 1 1 I Ll 1 I 1 1 1 I 1 II- I 1 1 1

0 02 04 06 08 1 1.2 14 1.6
Normalized load (P/P)

Figure 2.15. The J integral solution for contour 8 for the right pre-existing crack tip as a
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Figure 2.16. The J integral solutions for contour 8 for the right pre-existing crack tip as
functions of the normalized load from the finite element analyses of the specimens with
the sheet thicknesses of t, 2t, 3t, 4t and 5t.
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CHAPTER 111
FATIGUE BEHAVIOR OF LASER WELDS IN LAP-SHEAR SPECIMENS OF
HIGH STRENGTH LOW ALLOY STEEL SHEETS
3.1.  Introduction
Laser welding offers many advantages over the conventional welding methods.

These advantages include relatively low distortions of the weld, narrow heat affected
zone, relatively high welding speed and high penetration. Over the past two decades,
extensive research efforts have been spent on studying the fatigue behavior of laser welds
for different materials and joint configurations. Lap joints have been commonly used to
assess the strength and fatigue behavior of laser welds under shear dominant loading
conditions. The geometry of a lap joint provides pre-existing cracks or notches at the
edges of the weld bead. Therefore, the fatigue cracks were usually observed to be
initiated from these stress concentration sites. Hsu and Albright [1] combined a static
stress analysis and Neuber’s rule to predict the fatigue lives of laser welded lap joints.
Wang and Ewing [2] compared the fatigue strengths of laser welds and resistance spot
welds in lap-shear specimens of steel sheets on the basis of equal weld volume. They
reported that the fatigue failure in laser welds is dominated by crack propagation in the
heat affected zone. Flavenot et al. [3] performed an experimental study to examine the
influence of laser beam type, weld bead geometry, gap between the sheets and the input
energy on the fatigue behavior of laser welded lap joints. Wang [4] correlated the

experimental fatigue lives of laser welds in lap-shear specimens with the values of the J
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integral obtained from finite element analyses. The results were also used to assess the
influence of parameters such as the weld geometry, sheet thickness, bead width, metal fit-
up and bead length. Ono et al. [5] investigated the static and fatigue strengths of laser
welded lap joints of thin steel sheets and correlated the fatigue lives of laser welded lap
joints with the maximum stress intensity factor ranges.

Terasaki et al. [6] examined the fatigue lives of laser welded lap joints and
correlated the experimental results by the stress intensity factor solutions. Zhang [7]
proposed structural stress solutions based on the outer surface strains of laser welded lap
joints. Kaitanov et al. [8] conducted experiments to determine the static and fatigue
strengths of laser welded lap joints of steel sheets with different weld widths and
penetration depths. They found that the weld width affects the fatigue strength of laser
welds. Cho et al. [9] examined the fatigue strength of laser welded lap joints with the
consideration of residual stresses obtained from thermo-mechanical finite element
analyses. Sripichai et al. [10] recently investigated the fatigue behavior of laser welds in
lap-shear specimens of high strength low alloy steel sheets based on the closed-form and
computational stress intensity factor solutions.

In this study, the fatigue behavior of laser welds in lap-shear specimens of non-
galvanized SAE J2340 300Y HSLA steel sheets is investigated based on experimental
observations and two fatigue life estimation models. Optical micrographs of the welds
before and after failure under quasi-static and cyclic loading conditions are examined to
investigate the microstructure and failure mechanisms of the welds. Scanning electron
micrographs of the failure surfaces are also used to explain the failure modes of laser

welds in lap-shear specimens under quasi-static and cyclic loading conditions. Finite
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element analyses of the laser welded lap-shear specimens with consideration of the weld
bead protrusion were carried out to obtain the global and local stress intensity factor
solutions for the main cracks and kinked cracks, respectively. The stress intensity factor
solutions are used to explain the kinked fatigue crack growth patterns under high-cycle
loading conditions. A kinked fatigue crack growth model based on the global and local
stress intensity factor solutions for finite kinked cracks obtained from the finite element
analyses and a structural stress model based on the closed-form structural stress solutions
of the beam bending theory are adopted to estimate the fatigue lives of the laser welds.
Finally, the estimated fatigue lives based on the kinked fatigue crack growth model and

the structural stress model are compared with the experimental results.

3.2.  Experiment

HSLA steel sheets with a thickness of 0.93 mm were used in this investigation.
The mechanical properties obtained from the tensile tests of the HSLA steel sheets are
already listed in Table 2.2. The sheets were welded using CO; laser with an output
power of 6KW. The laser beam was held stationary while the sheets were moved at a
speed of 8 m/min in the welding direction. Helium was used as the shielding gas with a
discharge rate of 20 €/min. The laser beam parameters are listed in Table 3.1. The
welded sheets were then sheared into 27 mm wide strips with a length of 275 mm. These
sheet strips were machined into specimens with a dog-bone shaped profile using a CNC
milling machine according to the guidelines provided in the ANSI/AWS B4.0:2007
standard for mechanical testing of welds and the ASTM E466-07 standard for conducting

force controlled constant amplitude axial fatigue tests of metallic materials. After

61



machining, the specimen edges were manually smoothed by using 1200 grit coarse
polishing papers. This was done to remove any notches or irregularities along the edges
which may produce stress concentration sites. Figures 3.1(a) and 3.1(b), again, show the
top and bottom views of a laser welded lap-shear specimen, respectively.

The geometry of the specimen was chosen to avoid failure due to the necking of
the sheets far from the weld zone and to allow an investigation of the failure mechanism
in the vicinity of the laser weld. Specimens with similar shapes were used for the study
of laser welded joints, for example, see, Anand et al. [11] and Sripichai et al. [10]. Figure
3.2, again, shows a schematic of a lap-shear specimen. As shown in the figure, the
specimen has a width W, sheet thickness t, and length L for the upper and lower sheets.
The specimen has a width b and a length ¢ for the central portion of the specimen, an
overlap length V , and a width w for the weld zone, which is indicated as the shaded
region in the figure. Two doublers were used to align the applied load to avoid the initial
realignment of the specimen under lap-shear loading conditions. The doublers have a
length s and a width W . The detailed dimensions of the lap-shear specimen are the
same as listed in Table 2.1. The loading direction is indicated by two bold arrows on the
left and right sides of the specimen in the schematic. Same types of arrows are used to
indicate the loading directions in the subsequent figures.

Figure 3.3(a) shows an optical micrograph of the etched cross section of a laser
weld in lap-shear specimen perpendicular to the welding direction before testing. Based
on their distinct grain structures, three separate regions can be identified from the
micrograph, namely, the base metal with equiaxed fine grains, the heat affected zone

(HAZ) with fine and coarse grains, and the fusion zone with columnar grains. The width
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of the fusion zone, as seen from the micrograph in Figure 3.3(a), is about 0.80 mm along
the middle surface of the weld between the two pre-existing cracks. The width of the
HAZ, as shown in the micrograph in Figure 3.3(a), is about 0.05 to 0.17 mm on both
sides of the fusion zone from the top to the bottom of the weld. The two pre-existing
cracks which are formed by joining the two steel sheets have been identified as N1 and
N2 in Figure 3.3(a). Figure 3.3(b) shows a close-up view of the base metal with a fine
grain microstructure. Figures 3.3(c) and 3.3(d) show close-up views of the left and right
pre-existing crack tips, respectively. The tips of these cracks are located in the zone with
both fine and coarse grains. These crack tips disappear in the fusion zone along the
middle surface of the weld. The micrograph in Figure 3.3(a) also shows that the weld is

free of porosities and other welding defects such as cracks and voids.

3.2.1. Quasi-static test of lap-shear specimen

Lap-shear specimens were first tested under quasi-static loading conditions by
using an automated MTS testing machine equipped with a load cell and a built-in position
sensor to track the movement of the cross-head. The cross-head speed was maintained
constant at 1 mm/min during these tests. The load and displacement histories were
simultaneously recorded during each test. The average failure or maximum load, defined
as the average of the maximum loads of the load-displacement curves obtained from the
quasi-static tests of five lap-shear specimens, is about 3.1 kN. This failure load was used
as the reference load to determine the applied load ranges in the fatigue tests. The

average maximum displacement obtained from these tests was about 2.16 mm. The
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average failure load and displacement were used as the reference values to set the
machine loading limits for the fatigue tests.

The tested specimens were sectioned perpendicular to the welding direction and
prepared for micrographic analyses. A detailed study of the failure mechanism of HSLA
lap-shear specimens under quasi-static loading conditions based on the micrographs and
finite element analyses was reported in [12, 13]. In the present study, the micrographs of
the cross sections of failed specimens under quasi-static loading conditions are presented
for comparison of the failure mechanisms of the lap-shear specimens under quasi-static

and cyclic loading conditions.

3.2.2. Fatigue test of lap-shear specimen

Lap-shear specimens were tested under cyclic loading conditions by using an
Instron servo-hydraulic fatigue testing machine with the load ratio R =0.2. A sinusoidal
loading profile was chosen and its frequency was set at 10 Hz during the tests. The test
was considered to be completed at the final separation of the welded sheets. A few tests
were interrupted before the final separation to study the fatigue crack growth patterns.
Life cycles to failure were recorded for different applied load ranges. A plot of the load
range versus the fatigue life in a log-log scale is shown in Figure 3.4. The fatigue tests
were terminated when specimens were subjected to one million loading cycles without
separation and recorded as a run-off. Note that two specimens tested at the load ranges of

0.69 kN and 0.70 kN were marked as run-off although the threshold of one million life

cycles was not reached. These two tests were interrupted at 1.86x10° and 2.6 x10°

cycles, respectively, to study the fatigue crack growth patterns under these load ranges.
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However, no fatigue crack was observed in the micrographs of the cross-sections of the
two specimens at these life cycles and load ranges. It is expected that the specimens
would have crossed the threshold of one million life cycles under these load ranges and
hence marked as run-off. The specimens failed under cyclic loading conditions were
sectioned perpendicular to the weld direction using a low speed diamond wheel saw and
prepared for micrographic analyses. Etching of the cross-sections was carried out using a
5% Nital solution. The failure surfaces of the failed specimens were also examined under
a scanning electron microscope. These scanning electron micrographs provided
additional information about the failure mode and crack propagation in lap-shear
specimens under different load ranges. The optical micrographs of the cross sections and
the scanning electron micrographs of the failure surfaces are presented in the following

section.

3.3.  Failure modes of laser welds under quasi-static and cyclic loading conditions
Experiments were conducted for laser welds in lap-shear specimens under quasi-
static and cyclic loading conditions. The experimental observations indicate that the laser

welds failed through the lower left sheets under quasi-static loading conditions and under

cyclic loading conditions with the fatigue lives less than 10* cycles (low-cycle loading

conditions). The laser welds failed through the upper right sheets under cyclic loading
conditions with the fatigue lives from about 10* cycles to about 6x10* cycles (high-cycle

loading conditions with high load ranges) and above 6x10* cycles (high-cycle loading
conditions with low load ranges). The amount of plastic deformation in the load carrying

sheets under high-cycle loading conditions with low load ranges is considerably less than
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that observed under high-cycle loading conditions with high load ranges. The results of
the present study show that laser welds failed in the base metal under quasi-static loading
conditions and in the HAZ under cyclic loading conditions. The failure mode of laser
welds in lap-shear specimens depends on the applied load ranges, and the failure location
can change from the lower left sheet under low-cycle loading conditions to the upper
right sheet under high-cycle loading conditions. Note that the definitions of low-cycle
and high cycle fatigue loading conditions in this study are only provided for convenient
presentation. In order to explain the change of the failure mode, a discussion of the
micrographs of partially failed and failed laser welds under different load ranges is first

presented in the following.

3.3.1. Failure mode under quasi-static (QS) loading conditions

Figures 3.5(a) and 3.5(b) show optical micrographs of the etched cross sections of
a partially failed weld and a failed weld in lap-shear specimens under quasi-static loading
conditions, respectively. The upper right and lower left sheets were the two load carrying
sheets in these tests. The loading direction is schematically shown by the bold arrows in
Figures 3.5(a) and 3.5(b). The dominant failure mode of the lap-shear specimens under
quasi-static loading conditions is the necking/shear of the lower left sheet. The ductile
failure was initiated in the base metal near the boundary of the base metal and HAZ as
shown in Figure 3.5(a). The lower left sheet was then separated from the weld as shown
in Figure 3.5(b). Figure 3.6(a) shows a scanning electron micrograph of the failure
surface of the lower left sheet of a failed specimen under quasi-static loading conditions.

The white vertical arrow in the micrograph indicates the crack propagation direction from
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the inner surface toward the outer surface of the lower left sheet. Note that white vertical
arrows in all the scanning electron micrographs indicate the crack propagation direction.
Three distinct regions A, B and C can be identified and are marked on the failure surface
in the figure. Region A of the failure surface in Figure 3.6(a) shows a fracture surface
with large and small dimples. A close-up view of a portion of region A of the failure
surface is shown in Figure 3.6(b). This region of the failure surface corresponds to a
ductile fracture of void nucleation, growth and coalescence. Region B of the failure
surface in Figure 3.6(a) shows a fracture surface with small elongated dimples. Region B
of the failure surface corresponds to a shear dominant failure mode. A close-up view of a
portion of the transition region between regions A and B is shown in Figure 3.6(c).
Region C of the failure surface in Figure 3.6(a) shows a flat and cleavage fracture
surface. The flat and cleavage fracture surface corresponds to the final failure of the
sheet that took place in this region. A close-up view of a portion of this region is shown
in Figure 3.6(d).

The results of the finite element analyses [12] show that the failure in lap-shear
specimens under quasi-static loading conditions occurs in the lower left sheet due to the
inhomogeneous material properties of the weld area and the geometry of the weld bead
protrusion. The failure of the laser welds in lap-shear specimens is due to the large
plastic strains in the material elements of the base metal located near the boundary of the
base metal and HAZ and, finally, the necking/shear of the sheet. The weld bead
protrusion imposes an additional geometric constraint to the lower left sheet and
therefore, the plastic strains and the void volume fractions are larger for the material

elements in the base metal near the boundary of the base metal and HAZ on the inner
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surface of the lower left sheet, compared with those of the upper right sheet. Therefore,
the welds failed through the lower left sheets. In summary, the laser welds mainly fail
from the necking/shear of the lower left sheet and the failure is initiated at a distance
from the pre-existing crack tips under quasi-static loading conditions. For a total of eight
quasi-static tests, all the failures were observed to occur through the lower left sheets near

the weld bead protrusion.

3.3.2. Failure mode under low-cycle (LC) loading conditions

Figures 3.7(a) and 3.7(b) show optical micrographs of the etched cross sections of
a partially failed weld at the fatigue life of 6.47 x10° cycles and a failed weld at the

fatigue life of 8.6x10° cycles under a load range of 1.99 kN, respectively. The upper
right and lower left sheets were the two load carrying sheets in these tests. The loading
direction is schematically shown by the bold arrows in Figures 3.7(a) and 3.7(b). The
lap-shear specimen with the partially failed weld was subjected to the same load range as
the lap-shear specimen with the failed weld. However, the test for the lap-shear specimen
with the partially failed weld was terminated at about 75% of the fatigue life of the lap-
shear specimen with the failed weld under the same load range to examine the fatigue
crack growth pattern before the final failure. The same notation will be followed for the
other figures presented later. Figure 3.7(a) shows two kinked fatigue cracks emanating
from the pre-existing crack tips. The length of the kinked fatigue crack in the upper right
sheet appears to be longer than that of the kinked fatigue crack in the lower left sheet.

Figure 3.7(b) shows the necking of the failed lower left sheet and a large weld rotation.
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These features are quite similar to those shown in Figure 3.5(b) for the failed weld under
quasi-static loading conditions.

Figure 3.8(a) shows a scanning electron micrograph of the failure surface of the

lower left sheet of a failed specimen at the fatigue life of 5.44x10° cycles under a load
range of 2.11 kN. The white vertical arrow in the micrograph indicates the crack
propagation direction from the inner surface toward the outer surface of the lower left
sheet. Three distinct regions A, B and C are identified and marked on the failure surface
in the figure. Region A of the failure surface in Figure 3.8(a) is mainly characterized by
large and small dimples. A close-up view of a portion of region A of the failure surface
is shown in Figure 3.8(b). The micrograph indicates that the fatigue failure mechanism is
still void nucleation, growth and coalescence as those under quasi-static loading
conditions. Region B of the failure surface in Figure 3.8(a) exhibits a fracture surface
with small elongated dimples. A close-up view of a portion of region B of the failure
surface is shown in Figure 3.8(c). This portion of the failure surface indicates a shear
dominant failure mode before the final failure of the sheet. Region C of the failure
surface in Figure 3.8(a) shows a flat fracture surface. A close-up view of a portion of this
region is shown in Figure 3.8(d). The flat fracture surface corresponds to the final failure
of the sheet.

As shown in Figure 3.7(b), the dominant failure mode for the specimens under
low-cycle loading conditions appears to be the through-thickness crack propagation and

necking of the lower left sheet. This type of failure mode corresponds to the applied load

ranges greater than 1.90 kN and the fatigue lives less than 10° cycles as indicated in

Figure 3.4. In summary, the laser welds mainly fail from the through-thickness crack
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propagation and necking of the lower left sheet under low-cycle loading conditions. The
failure is most likely initiated from the pre-existing crack tips, in contrast to that under
quasi-static loading conditions. A total of three specimens were tested to a complete

separation failure under these load ranges and they all exhibited the same failure mode.

3.3.3. Failure mode under high-cycle loading conditions with high load ranges (HCHL)

Figures 3.9(a) and 3.9(b) show optical micrographs of the etched cross sections of
a partially failed weld at the fatigue life of 1.02x10*cycles and a failed weld at the

fatigue life of 1.45x10" cycles under a load range of 1.65 kN, respectively. The loading
direction is schematically shown by the bold arrows in Figures 3.9(a) and 9(b). In Figure
3.9(a), two kinked fatigue cracks appear to emanate from the pre-existing crack tips and
propagate into the upper right and lower left sheets. However, the length of the kinked
fatigue crack in the upper right sheet is longer than that of the kinked fatigue crack in the
lower left sheet. It will be shown later that the presence of the round weld bead
protrusion on the outer surface of the lower left sheet lowers the global and local stress
intensity factor solutions of the main crack and the kinked crack, respectively,
corresponding to the lower left sheet as compared to those corresponding to the upper
right sheet. This in turn provides a more favorable condition for the kinked fatigue crack
propagation in the upper right sheet as compared to that for the lower left sheet. Figure
3.9(b) shows the etched cross section of a failed weld after the separation of the upper
right sheet from the weld. This failure mode is different from that observed under low-
cycle loading conditions as discussed earlier. Note that the fatigue crack propagated into

the upper sheet thickness in the HAZ to about the middle of the sheet thickness and then
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propagated into the fusion zone close to the boundary of the HAZ due to the fast fracture
of the final stage of the specimen failure.

In Figure 3.9(b), the necking/shear can also be observed for the lower left sheet
due to large plastic deformation. The kinked fatigue crack in the lower left sheet did not
propagate through the lower left sheet. Another round notch can also be observed on the
outer surface of the lower left sheet near the weld bead protrusion due to the weld
rotation under lap-shear loading conditions. This weld rotation caused the relatively rigid
weld bead protrusion to compress the material near the outer surface of the lower left
sheet and created a notch as shown in Figure 3.9(b). However, the presence of this notch
near the weld bead protrusion does not result in the final failure and separation of the
lower left sheet.

Figure 3.10(a) shows a scanning electron micrograph of the failure surface of the

upper right sheet of a failed specimen at the fatigue life of 1.08x10* cycles under a load
range of 1.64 kN. The white vertical arrow in the micrograph indicates the crack
propagation direction from the inner surface toward the outer surface of the upper right
sheet. Three distinct regions A, B and C can be identified and are marked on the failure
surface in the figure. Region A of the failure surface is mainly characterized by large and
small dimples. A close-up view of a portion of region A of the failure surface is shown
in Figure 3.10(b). As shown in Figure 3.10(b), the failure in this region is due to void
nucleation, growth and coalescence. Region B of the failure surface in Figure 3.10(a)
shows small elongated dimples which indicate a shear dominant failure mode. Region C
shows a flat cleavage fracture surface. The flat fracture surface indicates the final failure

of the sheet. A close-up view of a portion of the transition region between region B and
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region C is shown in Figure 3.10(c). Small elongated dimples are visible in the lower
part of Figure 3.10(c) and flat fracture surface is shown on the upper part of Figure
3.10(c).

The dominant failure mode for the specimens under high-cycle loading
conditions with high load ranges appears to be the through-thickness crack propagation in

the upper right sheet. This type of failure mode corresponds to the applied load ranges

between 1.10 kN and 1.90 kN and the fatigue lives between 1.0x10* cycles and 6.0x10"
cycles as indicated in Figure 3.4. In summary, the laser welds mainly fail due to the
kinked fatigue crack emanating from the right pre-existing crack tip and propagating
through the upper right sheet thickness under high-cycle loading conditions with high
load ranges. A total of sixteen specimens were tested to a complete separation failure

under these load ranges and they all exhibited the same failure mode.

3.3.4. Failure mode under high-cycle loading conditions with low load ranges (HCLL)

Figures 3.11(a) and 3.11(b) show optical micrographs of the etched cross sections
of a partially failed weld at the fatigue life of 1.09x10° cycles and a failed weld at the

fatigue life of 1.65x10°cycles under a load range of 0.82 kN. The loading direction is
schematically shown by the bold arrows in Figures 3.11(a) and 3.11(b). It should be
mentioned that although it was intended to stop the test of the specimen with the partially
failed weld shown in Figure 3.11(a) at 75% of the fatigue life of the specimen with a
failed weld shown in Figure 3.11(b), it appears from the micrograph for the partially
failed specimen shown in Figure 3.11(a) that the specimen was close to a complete

failure at the time that the test was interrupted. However, the micrograph shown in
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Figure 3.11(a) is still helpful to explain the fatigue crack growth pattern. In Figure
3.11(a), two kinked fatigue cracks emanated from the pre-existing crack tips and
propagated into the upper right and lower left sheets. However, the length of the kinked
fatigue crack in the upper right sheet is much larger than that of the kinked fatigue crack
in the lower left sheet. The right kinked fatigue crack has almost propagated through the
thickness of the upper right sheet whereas the left kinked fatigue crack in the lower left
sheet has been blunted into a notch. As mentioned earlier, the partially failed weld as
shown in Figure 3.11(a) appears to be close to the final failure. The failure mode seems
to be similar to that under high-cycle loading conditions with high load ranges. However,
no visible necking is observed for the upper right and lower left sheets under this load
range.

The more favorable path for the kinked fatigue crack propagation appears to be
through the upper right sheet under these load ranges for the same reason as mentioned in
the previous section. Figure 3.11(b) shows that the kinked fatigue crack has propagated
through the thickness of the upper right sheet. However, at a distance close to the outer
surface of the upper right sheet, the kinked fatigue crack seems to propagate in the fusion
zone close to the boundary of the HAZ. This is similar to the behavior of the kinked
fatigue crack propagation under high-cycle loading conditions with high load ranges.
Figure 3.12(a) shows a scanning electron micrograph of the failure surface of the upper
right sheet of a failed specimen at the fatigue life of 1.65x10° cycles under a load range
of 0.82 kN. The white vertical arrow in the micrograph indicates the crack propagation
direction from the inner surface toward the outer surface of the upper right sheet. Three

distinct regions A, B and C can also be identified and are marked in the failure surface in
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the figure. Region A of the failure surface is mainly characterized by large and small
dimples, tearing ridges and inconspicuous striations. Two close-up views of portions of
region A of the failure surface in Figure 3.12(a) are shown in Figures 3.12(b) and 3.12(c).
This region corresponds to the kinked fatigue crack propagation and spans about 85% of
the sheet thickness. Region B of the failure surface is mainly characterized by small
elongated dimples that indicate a shear fracture mode. A close-up view of a portion of
the transition region between regions A and B is shown in Figure 3.12(d). Region C of
the failure surface is characterized by a flat fracture surface that indicates that the final
failure took place in this region due to the loss of load carrying capability of the sheet.
The span of region C is quite small for this case. A close-up view of a portion of the
transition region between regions B and C is shown in Figure 3.12(e).

The dominant failure mode for the specimens under high-cycle loading conditions
with low load ranges appears to be the through-thickness crack propagation in the upper

right sheet. This type of failure mode corresponds to the applied load ranges less than

about 1.0 kN and the fatigue lives more than 6.0x10" cycles as indicated in Figure 3.4.
In summary, the laser welds mainly fail due to the kinked fatigue crack emanating from
the right pre-existing crack tip and propagating through the upper right sheet thickness
with very limited plastic deformation under high-cycle loading conditions with low load
ranges. A total of six specimens were tested to complete sheet separation failure under
these load ranges and they all exhibited the same failure mode. For load ranges less than
0.81 kN, the laser welds of the given HSLA steel sheets appear to exceed one million life

cycles to failure.
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3.4. Global and local stress intensity factor solutions

Here, the stress intensity factor solutions of the pre-existing cracks and the kinked
fatigue cracks are developed in order to explain the change of the failure from the lower
left sheets to the upper right sheets when the applied load range decreases. Also, the
stress intensity factor solutions are used to correlate with the fatigue lives of the
experiments. Sripichai et al. [14] developed closed-form global stress intensity factor
solutions for idealized laser welds (without weld bead protrusion) in lap-shear specimens
based on the beam bending theory, Westergaaard function and finite element analyses.
For the laser welds in lap-shear specimens with the ratio of weld width to sheet thickness,

w/t, of 0.86 in this investigation, the approximate global stress intensity factor solutions

in [14] are
_\/§ Fw
AN ‘1)
F
Kn _m (2)

Figure 3.13 shows a schematic of a main crack and a kinked crack with the kink

length a and the kink angle «. Here, K, and K, represent the global stress intensity
factors for the main crack, and k, and k,, represent the local stress intensity factors for
the kinked crack. Note that the arrows in the figure represent the positive values of K, ,
K, . k, and k,, solutions. For kinked cracks, when the kink length approaches to 0, the
k, and k|, solutions can be expressed as functions of the kink angle « and the global K,

and K, for the main crack. The local stress intensity factor solutions for kinked cracks

with vanishing crack length are given as [15, 16]
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The local stress intensity factor solutions for kinked cracks with finite crack

lengths for laser welds in lap-shear specimens can be expressed as functions of the
normalized kink length a/t as in [14] as

kl(a): f, '(kl)o 5)
ku(a): fi '(kl)o (6)
where f, and f, are geometric functions which depend on the geometric parameters of
the laser welded lap-shear specimens such as the weld width w and the sheet thickness t .
The local stress intensity factor solutions for idealized laser welds in lap-shear specimens
were obtained and presented in the normalized form in [14] for w/t =1 and 2.

The fatigue lives were estimated based on Equations (1) and (2) and the local
stress intensity factor solutions in Equations (5) and (6) for w/t =1. The fatigue life
estimations are in good agreement with the experimental results. However, the stress
intensity factor solutions for idealized laser welds in lap-shear specimens in [14] cannot
be used to explain the change of the fatigue crack growth pattern and the failure mode
observed in the experiments as discussed earlier. Finite element analyses are therefore
adopted to investigate the effects of the weld geometry on the stress intensity factor
solutions.

Figure 3.14(a) shows a schematic of a two-dimensional finite element model of a

lap-shear specimen with the boundary and loading conditions. Here, the shaded region
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represents the weld zone. The specimen has the sheet thickness t, the length L, the
overlap length V , and the weld width w. Both the upper right and lower left sheets have
the same thickness t. The x —y coordinate system is shown in the figure. The left edge
has a fixed displacement condition at the middle surface while the right edge has a
concentrated force per unit width, F /b, applied at the middle surface in the + x
direction. Here, F denotes the applied force and b denotes the width of the central
portion of the specimen with the reduced width.

The two-dimensional plane-strain finite element model has the weld width w =
0.8 mm, sheet thickness t =0.93 mm, length L =95 mm, and overlap length V =30 mm.
The width b of the central portion of the specimen is taken as 8 mm to calculate the
applied load per unit width for the finite element analyses. The ratio of weld width to

sheet thickness, w/t, is 0.86. Figure 3.14(b) shows a close-up view of the finite element

mesh near the weld. The weld bead protrusion is modeled based on the geometry of the
weld in Figure 3.3(a). Second-order quarter point crack-tip elements (CPE8R) with
collapsed nodes were used to model the 1/+/r singularity near the crack tip. The weld
metal and the base metal are assumed to be linear elastic with the Young’s modulus E =
206 GPa and the Poisson’s ratio v =0.3. Computations were performed using the
commercial finite element software ABAQUS [17].

The normalized computational global stress intensity factor solutions for the two
pre-existing crack tips for models with and without weld bead protrusions are listed in
Table 3.2. Note that the computational stress intensity factor solutions have been

normalized by the analytical K, solution in Equation (2). The results of the finite

element analysis for the idealized weld without the weld bead protrusion give the same
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K, and K, solutions for the two pre-existing crack tips. The results of the finite element

analysis for the weld with the weld bead protrusion show that the K, and K|, solutions
are higher for the right pre-existing crack tip as compared to those for the left pre-existing

crack tip. This indicates that the presence of the weld bead protrusion increases the K,

and K, solutions for the right pre-existing crack tip and decreases those for the left pre-

existing crack tip. The results can be used to explain the favorable condition for kinked
fatigue crack propagation in the upper right sheets under high cycle loading conditions.
As observed from the micrographs of partially failed specimens, kinked fatigue
cracks are initiated from the pre-existing crack tips and propagate through the sheet
thickness of the upper right sheet under high cycle loading conditions. From the
micrographs of the failed specimens, the kinked crack angle was found to be very close to
90° for all the load ranges. Figure 3.15(a) again shows a schematic of a two-dimensional
finite element model of a lap-shear specimen with two kinked cracks and the boundary
and loading conditions. The boundary and loading conditions of the specimen are the
same as those for the finite element model shown in Figure 3.14(a). In Figure 3.15(a),
the thin solid lines indicate the two kinked cracks. The kink angle in this investigation is
selected to be 90°. Ten normalized kink lengths, namely, a/t =0.025, 0.05, 0.075, 0.1,
0.2,0.3,0.4, 0.5, 0.6, and 0.7 are considered in this investigation. Figure 3.15(b) shows a

close-up view of the finite element mesh near the right kinked crack tip for a/t =0.2.

Figure 3.16 shows the values of k, /(k, ), for the kinked cracks emanating from

the right and left per-existing crack tips as functions of the normalized kink length a/t

for w/t =0.86 and & =90°. The results of Sripichai et al. [14] for an idealized weld with
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w/t=1and «=90° are also shown for comparison. Note that the solutions are
normalized by (k, ), in Equation (3) with kink angle & =90° and the analytical global
stress intensity factor (K, ), and (K, ), solutions based on the beam bending theory in

[14]. The solutions in [14] based on the beam bending theory are

J3 F
(K, )e = bk (7)
(Kn )B :% (8)

Figure 3.16 shows that the values of k, /(k, ), increase monotonically with the kink
length. However, it is also seen that the values of k, /(k, ), are higher for the kinked
crack emanating from the right pre-existing crack tip as compared to those for the kinked
crack emanating from the left pre-existing crack tip. The values in [14] agree well with
those of Kk, /(kI )0 for the kinked crack emanating from the right pre-existing crack tip.
This indicates that the effects of weld width and weld bead protrusion are not significant
on the k, solutions for the kinked crack emanating from the right pre-existing crack tip
for the value of w/t close to 1. However, the difference between the values of the local

stress intensity factor solutions for the right and left kinked cracks explains the propensity
of the kinked fatigue crack propagation in the upper right sheet under high-cycle loading

conditions.

Figure 3.17 shows the values of k, /(k, ), for the kinked cracks emanating from

the right and left per-existing crack tips as functions of the normalized kink length a/t

for w/t =0.86 and & =90°. The results of Sripichai et al. [14] for an idealized weld with
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w/t=1and a=90° are also shown for comparison. Note that the local stress intensity
factor k,, solutions are negative based on the definitions shown in Figure 3.13. Figure
3.17 shows that the absolute values of k,, /(k, ), decrease monotonically with the kink
length for the kinked crack emanating from the right pre-existing crack tip. The values in
[14] agree well with those of k,, /(k, ), for the kinked crack emanating from the right pre-
existing crack tip. This again indicates that the effects of weld width and weld bead
protrusion are not significant on the k,, solutions for the kinked crack emanating from
the right pre-existing crack tip for the value of w/t close to 1. However, Figure 3.17 also
shows that for the kinked crack emanating from the left pre-existing crack tip, the values
of k, /(k, ), change sign from negative to positive at about the normalized kink length of
a/t=0.4, due to the effect of the weld bead protrusion. Figures 3.16 and 3.17 show that

the kinked fatigue crack growth is under mixed mode I and Il loading conditions with

mode | being the dominant mode. Tables 3.3 and 3.4 list the normalized local stress

intensity factor k, and k, solutions, respectively, for w/t =0.86 and «=90°,

3.5.  Astructural stress model
The structural stress approach appears to be promising to estimate the fatigue
lives of weld joints in thin sheets. Tran et al. [18, 19] recently used the closed-form
analytical structural stress solutions for spot welds to estimate the fatigue lives of
aluminum spot friction welds. The fatigue life estimations are in good agreement with
the experimental results. In the present study, the structural stress solutions are based on

the beam bending theory. The central portion of the lap-shear specimen with a reduced
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width is modeled as two beams with connection. Figure 3.18(a) shows a schematic of a
two-beam model under lap-shear loading conditions. The idealized weld is shown as the
shaded region. Figure 3.18(b) shows a schematic of the two-beam model under an
equivalent loading with the membrane force per unit width, F /b, and the bending
moment per unit width, Ft/2b, applied at the middle surfaces of the upper and lower
beams. Both the membrane force per unit width, F /b, and the bending moment per unit
width, Ft/2b, contribute to the structural stress at the edge of the weld. The structural
stress at the inner surface of the upper right sheet or the inner surface of the lower left
sheet of the laser weld in a lap-shear specimen is

_4F

= (9)

O

Based on the structural stress ranges at the edge of the weld bead from Equation (9)
and the experimental stress-life data of the HSLA steel, the fatigue lives of laser welds in

lap-shear specimens can be estimated.

3.6.  Fatigue life estimations

The local stress intensity factor k, and k;, solutions as functions of the
normalized kink length a/t can be obtained from the linear interpolation between the
normalized local stress intensity factor k, and k,, solutions obtained from the finite
element analyses. The variations of the k, and k, solutions in the range of

0.7<al/t<1.0 isassumed to be the same as those for 0.6 <a/t <0.7. The local and
global stress intensity factor solutions obtained from the finite element analyses as

expressed in Equations (5) and (6) and the experimentally observed kink angle of 90° are
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used in a kinked fatigue crack growth model. The Paris law is adopted to describe the
propagation of the kinked fatigue cracks emanating from the pre-existing crack tips of

laser welds in lap-shear specimens. The Paris law is given as

8~ clak, @) (10

where a is the kink length and N is the life or number of cycles. The material constants

mm/cycle

for ferrite-pearlite steels C =6.89x10°° and m =3 [20] are used. Here, Ak,
(MPaym]

is the range of the equivalent stress intensity factor under mixed mode loading conditions.
For the kinked fatigue crack growth model, the range of the equivalent stress intensity

factor Ak, is given as

a)= Ak, (a)} + Ak, (a) (11)
where ¥ is an empirical constant to account for the sensitivity of material to mode 11
loading conditions. The value of y is taken as 1 here. The fatigue life N, can be

obtained numerically by integrating the Paris law in Equation (10) as

0.02%’ 0.05t’ —m t’ —-m
j Ak, ( ] da+ [lak,(@)] da+..+ [[ak,(a)] da (12)
0.025t’ 0.70t’

here 0, 0.025, 0.05, 0.075, 0.10, 0.20,..., and 0.70 represent the values of the normalized

kink length a/t where the computational local stress intensity factor solutions are

available and t' is the crack growth distance (=t/sina). For ¢ =90°, t'=t.

In this investigation, two kinked cracks of the same length emanating from both
pre-existing crack tips are modeled in the finite element analyses to represent the kinked

cracks in the laser weld as shown in the micrographs of partially failed specimens.
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Usually, one kinked crack becomes dominant and results in the final failure of the
specimen. Finite element analyses for a weld with single kinked crack of different kink
lengths were also carried out. The results indicate that the effective local stress intensity
factor ranges and then the fatigue lives are almost the same for the welds with single and
two kinked cracks for a given normalized kinked crack length a/t. Note that the stress
intensity factor solutions based on the model of two kinked cracks are also used to
estimate the fatigue lives for kinked fatigue cracks emanating from the left pre-existing

crack tips and propagating in the lower left sheets for low-cycle loading conditions.

Figure 3.19 shows the fatigue life estimations based on the kinked fatigue crack
growth model in Equation (12) with the global and local stress intensity factor solutions
from the finite element analyses, the fatigue life estimations based on the structural stress
model in Equation (9) and the experimental results. The stress-life data for the SAE
300Y HSLA (with the yield strength of 315 MPa) used here were not available.
Therefore, the stress-life data of SAE 950X (with the tensile yield strength of 350 MPa)
provided by Dr. P. Friedman were used here in the structural stress model. It should be
noted that the fatigue lives of laser welds based on the kinked fatigue crack growth model
are plotted as thick and thin solid lines that correspond to the estimated fatigue lives
under low-cycle and high-cycle loading conditions, respectively. The fatigue lives under
low-cycle loading conditions were estimated based on the local stress intensity factor
solutions for the kinked cracks emanating from the left pre-existing crack tips and
propagating in the lower left sheets. The fatigue lives under high-cycle loading
conditions were estimated based on the local stress intensity factor solutions for the

kinked cracks emanating from the right pre-existing crack tips and propagating in the
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upper right sheets. The fatigue life estimations based on the idealized laser weld model in
Sripichai et al. [14] with two kinked fatigue cracks are also included in Figure 3.19 for
comparison. The fatigue life estimations based on the kinked fatigue crack growth model
in Equation (12) with the global and the local stress intensity factor solutions from finite
element analyses are in good agreement with the experimental results. For the three
fatigue tests with the load ranges less than 0.8 kN, the specimens did not fail. The values

of the effective stress intensity factor range AK,, obtained from the finite element

analyses are less than4 M Pa/m for the right pre-existing crack tips. The values of the
AK,, for low alloy steels with R =0.2 are about 5.8 M Pavm [20]. Itis possible that the

values of AK under mixed mode loading conditions are less than the threshold values
of AK,, for this HSLA steel. Therefore, fatigue cracks were not initiated under these

load ranges. Therefore, a horizontal dash-dotted line is plotted in Figure 3.19 as the
fatigue limit based on the concept of fracture mechanics. The fatigue life estimations
based on the structural stress model are in agreement with the experimental results under
higher load ranges and are higher than the experimental results under lower load ranges.
However, it is interesting to note that the trend for the increase of fatigue life estimation
at low load ranges based on the structural stress model is somewhat consistent with that
of the experimental results with consideration of the fatigue limit based on the existence

of a threshold value of AK .
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3.7.  Discussion
Estimations of the plastic zones size based on the linear elastic fracture mechanics

(LEFM) were also carried out for different kinked fatigue crack lengths under various
load ranges. Plastic zone sizes were determined using 2o, with o as the initial cyclic

yield strength of the base metal. The initial cyclic yield strength for the HAZ should be
higher due to the higher hardness. Therefore, the estimations of plastic zone sizes should
be conservative. The estimations of the plastic zone sizes vary from 2% to 10% of the
sheet thickness as the kinked fatigue crack propagates to about 20% of the sheet thickness
for a load range of 0.60 kN to 1.60 KN. It is interesting to note that most of the fatigue
life cycles are spent for the kinked fatigue crack length to reach about 20% of the sheet
thickness. The plastic zone sizes become more than 33% of the sheet thickness as the
kinked fatigue crack length reaches 40% of the sheet thickness for load ranges above 1.90
KN. This means that under these load ranges, the plastic zones extend about more than
the half of the remaining ligament of the sheet. This can be used to explain the similarity
of the failure modes under quasi-static loading conditions and low-cycle loading
conditions under load ranges greater than 1.90 kN as discussed earlier. It is likely that the
failure mechanisms similar to the ones observed under quasi-static loading conditions are
dominant under low-cycle loading conditions and cause the failure of the lower left sheet
by necking/shear instead of the failure through the upper right sheet by fatigue crack
propagation.

Note that the structural stress solutions were used to estimate the stress intensity
factor solutions at the critical locations of spot welds to correlate with the experimental

results under cyclic loading conditions (Zhang [21, 22]). Note also that the effects of the
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mean stress intensity factors on fatigue lives may not be significant at the load ratio R of
0.2 in this investigation. Therefore, the mean structural stress has not been considered in
the structural stress model. Further investigation is needed to fully investigate the effects
of the mean stress for the structural stress model. It is also noted that in this
investigation, the residual stresses in the weld, HAZ and base metal are not considered
for lack of any quantitative information on the residual stresses from the laser welding
process. When the residual stress distributions are available, the stress intensity factor
solutions due to the residual stresses can be considered for fatigue life estimations within

the context of the linear elastic fracture mechanics as in Chien et al. [23].

3.8.  Conclusions

In this paper, the fatigue behavior of laser welds in lap-shear specimens of non-
galvanized SAE J2340 300Y high strength low alloy (HSLA) steel sheets is investigated
based on experimental observations and two fatigue life estimation models. Optical
micrographs of the laser welds before and after failure under quasi static and cyclic
loading conditions are examined. The micrographs show that the failure modes of laser
welds under quasi-static and cyclic loading conditions are different. Under quasi-static
loading conditions, the weld failure appears to be initiated from the base metal near the
boundary of the based metal and the heat affected zone at a distance to the pre-existing
crack tip and the specimens fail due to the necking/shear of the lower left load carrying
sheets. Under low-cycle loading conditions, the weld failure appears to be initiated from
the pre-existing crack tips and the specimens finally fail from the ductile fracture through

the lower left load carrying sheets. Under high-cycle loading conditions, the weld failure
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appears to be initiated from the pre-existing crack tips and the specimens finally fail from
the kinked fatigue crack propagating through the upper right load carrying sheets. Finite
element analyses of the laser welded lap-shear specimens with consideration of the weld
bead protrusion were carried out to obtain the global and local stress intensity factor
solutions for the main cracks and kinked cracks, respectively. The stress intensity factor
solutions can be used to explain the kinked fatigue crack growth patterns under high-
cycle loading conditions. A kinked fatigue crack growth model based on the global and
local stress intensity factor solutions for finite kinked cracks obtained from the finite
element analyses and a structural stress model based on the closed-form structural stress
solutions of the beam bending theory are adopted to estimate the fatigue lives of the laser
welds. The fatigue life estimations based on the kinked fatigue crack growth model agree
well with the experimental results of the welds whereas the fatigue life estimations based
on the structural stress model agree with the experimental results under larger load ranges

but are higher than the experimental results under smaller load ranges.

Acknowledgements
Partial support of this work by the National Science Foundation under Grant No.
DMI-0456755 is greatly appreciated. The support of Dr. M. Li of TWB (Monroe, Ml) to
provide the laser welded specimens used in this investigation is also greatly appreciated.
The support of Dr. P. Friedman of Ford is also acknowledged for providing the

experimental stress-life data for SAE 950X HSLA steel.

87



Table 3.1. Laser beam parameters

Parameters

Output power

Laser output mode

Laser quality, M?

Unfocused beam diameter

Spot size diameter (theoretical)
Focusing mirror focal length
Shielding gas (Helium) discharge rate

Welding speed

Values
6 kW
TEMgo
3.3

41 mm
0.27 mm
250 mm
20 £/min

8 m/min
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Table 3.2. The normalized computational global stress intensity factor K, and K,
solutions for the right and left pre-existing crack tips.

Table 3.3 The normalized local stress intensity factor k, /(k, )

IZI lZII
Model with weld bead Right cracktip | 0.327 | 1.088
protrusion Left crack tip 0.321 | 1.016
Model without weld bead )
protrusion 0.361 | 1.057

solutions for w/t =0.86

0
and o =90°.
alt | 0.00 o.gz 0.05 O'é” 01 | 0203|0405 06] 07
Righ | 0.02 | 1.49 | 1.70 | 1.88 | 2.06 | 2.79 | 3.67 | 4.88 | 6.72 | 9.82 | 15.76
tip | 9 | 3 | 7 | 3| 2| 1| 1|5 | 7] o 2
Left | 0.87 | 1.42 | 1.63 | 1.80 | 1.O7 | 2.64 | 3.43 | 4.47 | 5.98 | 8.37 | 12.56
ip | 1| 7 | a2 3] 71| 1]|3]°6s 1

Table 3.4 The normalized local stress intensity factor k, /(K, ), solutions for wj/t = 0.86

and a =90°.
alt 0.00 0.025 0.05 0.075 0.1 02 |03
Right tip | -0.366 | -0.184 | -0.166 | -0.154 | -0.145 | -0.132 | -0.123
Lefttip | -0.345 | -0.172 | -0.151 | -0.136 | -0.124 | -0.088 | -0.039
Table 3.4 (continued).
alt 0.4 0.5 0.6 0.7
Right tip | -0.105 | -0.079 | -0.049 | -0.024
Left tip 0.0563 | 0.217 | 0.515 | 1.120
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Figure 3.1. (a) A top view and (b) a bottom view of a laser welded lap-shear specimen.
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Figure 3.2. A schematic of a lap-shear specimen with the loading directions shown as the

bold arrows.
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Figure 3.3. (a) An optical micrograph of the etched cross section of a laser weld in lap-

shear specimen perpendicular to the welding direction, and close-up views of (b) the base
metal, (c) the left and (d) the right pre-existing crack tips.
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Figure 3.4. The experimental results of the fatigue tests of laser welds in lap-shear
specimens under cyclic loading conditions.
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(b)

Figure 3.5. Optical micrographs of the etched cross sections of (a) a partially failed weld
and (b) a failed weld under quasi-static (QS) loading conditions.
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(d)

Figure 3.6. (a) A scanning electron micrograph of the failure surface of the lower left
sheet of a failed specimen under quasi-static (QS) loading conditions, and close-up views
of portions of (b) region A, (c) the transition region between regions A and B and (d)
region C of the failure surface.
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Figure 3.7. Optical micrographs of the etched cross sections of (a) a partially failed weld

at the fatigue life of 6.47 x10° cycles and (b) a failed weld at the fatigue life of 8.6x10°
cycles under a load range of 1.99 kN (low-cycle (LC) loading conditions).
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(d)

Figure 3.8. (a) A scanning electron micrograph of the failure surface of the lower left

sheet of a failed specimen at the fatigue life of 5.44x10° cycles under a load range of
2.11 kN (low-cycle (LC) loading conditions), and close-up views of portions of (b)
region A, (c) region B and (d) region C of the failure surface.
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(b)

Figure 3.9. Optical micrographs of the etched cross sections of (a) a partially failed weld
at the fatigue life of 1.02x10" cycles and (b) a failed weld at the fatigue life of

1.45x10* cycles under a load range of 1.64 kN (high-cycle loading conditions with a
high load range (HCHL)).

98



(b) (©)

Figure 3.10. (a) A scanning electron micrograph of the failure surface of the upper right

sheet of a failed specimen at the fatigue life of 1.08x10* cycles under a load range of
1.64 kN (high-cycle loading conditions with a high load range (HCHL)), and close-up
views of portions of (b) region A and (c) the transition region between regions B and C of

the failure surface.
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(b)

Figure 3.11 Optical micrographs of the etched cross sections of (a) a partially failed weld

at the fatigue life of 1.09x10°cycles and (b) a failed weld at the fatigue life of 1.65x10°
cycles under a load range of 0.82 kN (high-cycle loading conditions with a low load
range (HCLL)).
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(b) (©)

(d) (e)

Figure 3.12. (a) A scanning electron micrograph of the failure surface of the upper right

sheet of a failed specimen at the fatigue life of 1.65x10° cycles under a load range of
0.82 kN (high-cycle loading conditions with a low load range (HCLL)), close-up views
of portions of (b) region A, (c) region A, (d) the transition region between regions A and
B, and (e) the transition region between regions B and C of the failure surface.
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Figure 3.13. A schematic of a main crack and a kinked crack with the kink length a and
the kink angle « .
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Figure 3.14. (a) A schematic of a two-dimensional finite element model of a lap-shear

specimen with the boundary and loading conditions, and (b) a close-up view of the finite
element mesh near the weld with w/t = 0.86.
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Figure 3.15. (a) A schematic of a two-dimensional finite element model of a lap-shear

specimen with two kinked cracks and the boundary and loading conditions, and (b) a
close-up view of the finite element mesh near the right kinked crack tip for a/t =0.2.
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Figure 3.16. The values of k, /(k, )0 for the kinked cracks emanating from the right and
left per-existing crack tips as functions of the normalized kink length a/t for w/t =0.86

and a=90°. The results of Sripichai et al. [14] for an idealized weld with w/t =1 and
a =90° are also shown.
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Figure 3.17. The values of k, /(k, ), for the kinked cracks emanating from the right and
left per-existing crack tips as functions of the normalized kink length a/t for w/t =0.86

and a=90°. The results of Sripichai et al. [14] for an idealized weld with w/t =1 and
a =90° are also shown.
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Figure 3.18. (a) A schematic of a two-beam model under lap-shear loading conditions.

The idealized weld is shown as the shaded region and (b) a schematic of the two-beam
model under an equivalent loading of (a).
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Figure 3.19. Experimental results and the fatigue life estimates based on the kinked
fatigue crack growth models and structural stress model.
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CHAPTER IV
EFFECT OF SHEET THICKNESS AND GAP BETWEEN THE SHEETS ON

STRESS INTENSITY FACTOR SOLUTIONS FOR LASER WELDS IN LAP-
SHEAR SPECIMENS

4.1. Introduction

Laser welding is used in the automotive industry due to its advantages such as
relatively low distortion, narrow heat affected zone, relatively high welding speed, high
penetration and flexibility. Over the past two decades, extensive research efforts have
been spent on studying the fatigue behavior of laser welds for different materials and
joint configurations. Lap joints are a common joint configuration. The geometry of a lap
joint provides pre-existing cracks or notches at the edges of the weld bead. Therefore,
the fatigue cracks were usually observed to initiate from these stress concentration sites.
Hsu and Albright [1] conducted an experimental investigation to evaluate the effects of
weld pattern and other factors such as the sheet thickness, gap between the sheets and the
joint prebending on the fatigue strength of laser welded lap joints. They reported that the
weld pattern can significantly affect the fatigue strength of the welds. Wang and Ewing
[2] compared the fatigue strengths of laser welds and resistance spot welds in lap-shear
specimens of steel sheets on the basis of equal weld volume. They reported that the
fatigue failure in laser welds is dominated by crack propagation along the periphery of
the weld bead in the heat affected zone. Flavenot et al. [3] performed an experimental
study on the influence of laser beam type, weld bead geometry, gap between the sheets

and the input energy on the fatigue behavior of laser welded lap joints. Wang [4]
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investigated the fracture mechanics parameters for the fatigue resistance of laser welds in
lap-shear specimens of steel sheets. The values of the J integrals were obtained from
finite element analyses to correlate the fatigue lives of laser welds. These results were
also used to assess the influences of parameters such as the weld geometry, sheet
thickness, bead width, metal fit-up and bead length on fatigue lives. Kaitanov et al. [5]
conducted experiments to determine the static and fatigue strengths of laser welded lap
joints of steel sheets with different weld widths and penetration depths. They found that
the weld width affects the fatigue strength of laser welds. Sripichai et al. [6] recently
investigated the fatigue behavior of laser welds in lap-shear specimens of high strength
low alloy steel sheets based on the closed-form and computational stress intensity factor
solutions.

In this study, the effects of different sheet thicknesses and gaps on the stress
intensity factor solutions of laser welds in lap-shear specimens are investigated. The
analytical stress intensity factor solutions of Zhang [7] for welds with similar material
and different sheet thicknesses in terms of the structural stresses are adopted to calculate
the stress intensity factor solutions for laser welds in lap-shear specimens with different
sheet thicknesses. The structural stresses for the stress intensity factor solutions are
obtained from the beam bending theory for a two-strip model with connection under
plane strain conditions. Two-dimensional finite element analyses were carried out to
investigate the effects of the weld width and different thicknesses on the stress intensity
factor solutions. The computational results are compared with the analytical stress
intensity factor solutions. Approximate stress intensity factor solutions as a function of

the normalized weld width are proposed for the right pre-existing crack tip of the load
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carrying upper right thinner sheet with larger stress intensity factor solutions. Finite
element analyses were also carried out to study the effects of gaps on the stress intensity
factor solutions for cracks emanating from the pre-existing notch tips. Finally, a closed-
form structural stress solution is developed for laser welded lap-shear specimens with a
gap between the sheets. The closed-form structural stress model is also used to

investigate the effect of the gap on the fatigue lives of the welds.

4.2.  Stress intensity factor solutions for sheets with different thicknesses

4.2.1 Analytical stress intensity factor solutions for specimens with different sheet
thicknesses

Figure 4.1 shows a schematic of a lap-shear specimen with sheets of equal
thicknesses. The weld zone is shown as the shaded region. As shown in the figure, the
specimen has a width W, sheet thickness t, and length L for the upper and lower sheets.
The specimen has a width b and a length ¢ for the central portion of the specimen, an
overlap length V , and a width w for the weld zone, which is indicated as the shaded
region in the figure. Two doublers were used to align the applied load to avoid the initial
realignment of the specimen under lap-shear loading conditions. The doublers have a
length s and a width W .

Figure 4.2(a) shows a schematic of the cross section near an idealized weld in a
lap-shear specimen as a two-strip model of different thicknesses with connection under
lap-shear loading conditions. The weld bead protrusion is not considered for the

idealized weld. The two strips have thicknesses t, and t, for the upper and lower sheets,
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respectively, with t, >t,. For the two-strip model shown in Figure 4.2(a), F/b
represents the force per unit width of the central portion with a reduced width. The
forces per unit width, F/b, are applied along the interfacial surface of the two strips. In
Figure 4.2(b), the forces per unit width, F/b, become the membrane forces per unit
width, F/b, and the bending moments per unit width, Ft,/2b and Ft, /2b, applied at the

middle surface of the upper and lower strips, respectively. Both membranes forces and
bending moments shown in Figure 4.2(b) are statically equivalent to the shear forces of
the two strips shown in Figure 4.2(a). Figure 4.3(a) shows the left half of the two-strip

model near the crack tip with the distributions of the normal stresses through the

thicknesses. In Figure 4.3(a), the normal stresses o;, o,,, 0,; and o,, represent the
normal stresses at the inner (i) and outer (o) surfaces of the upper (u) and lower (1) left

strips, respectively. The normal stresses o, and o, represent the normal stresses at the
upper and lower surfaces of the right strip, respectively. Zhang [7] obtained the closed
form stress intensity factor K, and K, solutions for spot welds joining sheets of
different materials and thicknesses using the analytical solutions of Suo and Hutchinson
[8]. The K, and K, solutions interms of o;, o,,, 0}; and o, for spot welds joining

two sheets of different thicknesses are [7]

t 2
< S {[u 35 +65 tanw_l}%

' 2J2(1+8)(1+36+352 ) (1+tan’ ) || V3(1+5)

| 1+30 0(1-30) - 1+36
{—\/é(“g)tan a)+l}0'uo {—\@(H&)tan o+ 2+é}0'|, 5{—J§(1+5)tan a)+1}0,0}

D)
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where the ratio of the sheet thicknesses, ¢, is defined as ¢ =t, /t, , and the values of the
angular quantity o are listed in Suo and Hutchinson [8] for different values of & . Itis
noted that the stress intensity factor solutions in Equations (1) and (2) are expressed in
terms of the structural stresses o;, o,,, o; and o, as shown in Figure 4.3(a). The
structural stresses required to determine the stress intensity factor solutions in Equations

(1) and (2) for the two-strip model shown in Figure 4.2(b) are obtained from the beam

bending theory. Figure 4.3(b) shows a schematic of the two-strip model with the linearly

distributed structural stresses. The structural stresses o, o

ui? uo!

o and o, represent the

normal stresses for the region behind crack tip A at the inner (i) and outer (o) surfaces

of the upper (u) and lower (1) right strips, respectively. The structural stresses o, ., ,

o and o, represent the normal stresses for the region behind crack tip B at the inner

(i)and outer (o) surfaces of the upper (u) and lower (1) left strips, respectively.

Based on the beam bending theory and the two-strip model in Figure 4.3(b), the

normal stresses for the region behind crack tip A in Figure 4.3(b) are given as

(3a)
oy = 4F/bt,

(3b)
o =—2F/bt,
o =opn=0 (3c)
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Similarly, the normal stresses for the region behind crack tip B in Figure 4.3(b) are given

as
Oy =0y =0 (4a)
(4b)
o; =4F/bt,
(4c)
o =—2F/bt,

The stress intensity factor K, and K, solutions for crack tip A can now be obtained

from Equations (1) and (2) using the normal stresses in Equations (3a), (3b) and (3c)

_a F
KA — K A" 5
| o (5)
. F
K A =K AT 6
] 1 b\/E ( )
where the normalized stress intensity factor K;* and K,* solutions are
2
K = 1 4{1+ 35+68°, 1}
2.[2(L+8)(L+35+352)(L+ tan’w) | | V3(L+3) -
+2 ﬂtancwl
J3(1+3)
2
Ky = L 4F+36+68 +tanm}
2,[2(1+8)(L+35+35%) L+ tan? w) | | V3(L+8) @

12 P e
J3(1+9)

In the same manner, the stress intensity factor K, and K,, solutions for crack tip B can

be obtained from Equations (1) and (2) using the normal stresses in Equations (4a), (4b)

and (4c) as
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The normalized stress intensity factors K,and K, solutions for the two crack tips

can be obtained from Equations (5) — (12) in terms of the ratio of the sheet thicknesses, ¢ ,
for sheets of different thicknesses. Equations (5) — (12) were derived based on the
assumption that the weld width w is large compared to the thicknesses of the upper and
lower sheets. This assumption will be examined later by the results of the finite element

analyses. When the weld width w becomes small compared to the thickness t,, the

stress intensity factor solutions should approach to the K, and K|, solutions for two
semi-infinite solids with connection under shear loading conditions based on the

Westergaard stress function in Tada et al. [9]. The stress intensity factors K, ., and

K, based on the Westergaard stress function are [9]
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J2F

KII,TPI = m (13)
and
KI,TPI =0 (14)

An approximate K, solution is also proposed by Sripichai et al. [10] as a linear function

of w/t for 0 <wj/t <2 for laser welds in lap-shear specimens with sheets of equal

thicknesses as

_\/§ Fw

4.2.2 Computational stress intensity factor solutions for specimens with different sheet
thicknesses

Finite element analyses were carried out in order to obtain the global stress
intensity factor solutions as functions of the weld width and to determine the ranges of
the weld width where the analytical solutions in Equations (5) — (12) are applicable.
Figure 4.4(a) shows a schematic of a two-dimensional finite element model of a lap-shear
specimen where the shaded region represents the idealized weld zone. The specimen has

the sheet thickness t, and t, for the upper and lower sheets, respectively, the length L,

the overlap length V , and the weld width w. The x —y coordinate system is shown in
the figure. The left edge has a fixed displacement condition along the interfacial surface
while the right edge has a concentrated force per unit width, F /b, applied along the
interfacial surface in the + x direction. Here, F denotes the applied force and b denotes

the width of the central portion of the specimen with the reduced width.
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The two-dimensional plane-strain finite element model has the sheet thickness
t, =0.93 mmand t, =1.86 mm for the upper right and lower left sheets, respectively,
length L =95 mm, and overlap length V =30 mm. The width b of the central portion of
the specimen is taken as 8 mm to calculate the applied load per unit width for the finite
element analyses. The ratio of the sheet thicknesses ¢ is fixed at 0.5 and the weld width
w is varied in the finite element analyses to investigate the effect of the weld width on the
stress intensity factor solutions. Figure 4.4(b) shows a close-up view of the finite element
mesh near the pre-existing crack tips for w/t, =4. Although the laser welds in lap-shear
specimens have weld bead protrusions [11], the weld, in the present study, is modeled as
an idealized weld without weld bead protrusion in the finite element analyses to validate
the analytical stress intensity factor solutions in Equations (5) — (12). Second-order
quarter point crack-tip elements (CPE8R) with collapsed nodes were used to model the
1/ Jr singularity near the crack tip. The weld metal and the base metal are assumed to be
linear elastic material with Young’s modulus of E =206 GPa and the Poisson’s ratio
v=0.3. Computations were performed using the commercial finite element software
ABAQUS [12].

Figure 4.5(a) shows the normalized analytical K, and K,, solutions in Equations
(7) and (8) for the right pre-existing crack tip based on the structural stress of the two-

beam model. The normalized computational K, and K, solutions and the normalized

K, Solution in Equation (13) are also shown in Figure 4.5(a). All the solutions in
Figure 4.5(a) are normalized by F/b\/E. Figure 4.5(a) shows that when the normalized

weld width w/t, increases, the normalized computational K, and K, solutions
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approach to the analytical solutions in Equations (7) and (8). As the normalized weld
width w/t, decreases, the normalized computational K, and K, solutions approach to

the analytical solutions based on the Westergaard stress function in Equations (13) and
(14). After a normalized weld width w/t, =3, the analytical solutions in Equations (7)
and (8) and the computational solutions are almost equal.

For small weld widths, the stress singularity due to the crack tip may cause the
stress distribution in the middle portion of the connection of the two beams in Figures
4.2(a) and 4.2(b) to deviate from the stress distribution derived from the beam bending
theory and thus the energy released rate is different from that based on the beam bending

theory. Therefore, the computational K, and K, solutions are different from the
analytical K, and K, solutions based on Equations (5) and (6). For a large weld widths,

the effect of the crack tip singularity is only limited to the small regions near the crack
tips in the connection region of the two beams and thus the stress distribution in the
middle portion agrees with that derived from the beam bending theory far away from the
tips.

The computational results shown in Figure 4.5(a) indicate that the analytical stress
intensity factor solutions in Equations (7) and (8) based on the beam bending theory seem

to be able to characterize reasonably well the global stress intensity factors of laser

welded lap-shear specimens for w/t, > 3. From the computational results in Figure
4.5(a), the K, solutions can be estimated by Equation (13) for 0 <wj/t, <w,/t, and by

Equation (6) for w/t, >w,/t,. Here, w,/t, can be determined by Equations (13) and (6)
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as about 0.5. From Figure 4.5(a), an approximate K, solution is also proposed as a linear
function of w/t for 0<w/t <2 as

—a F oW
K=K} — 16
T b 2 (1)

where, K/ is obtained from Equation (7) for a particular value of §. For w/t, > 2, the
K, solutions can be estimated by Equation (5). In summary, the K, and K, solutions
can be determined by Equations (5), (6), (13) and (16) for a wide range of wj/t, for the
right pre-existing crack tip for sheets with different thicknesses.

Figure 4.5(b) shows the normalized analytical K, and K, solutions in Equations

(11) and (12) for the left pre-existing crack tip based on the structural stress of the two-

beam model. A trend similar to that in Figure 4.5(a) is also observed in Figure 4.5(b).
Figure 4.5(b) shows that when the normalized weld width w/t, increases, the normalized
computational K, and K,, solutions approach to the analytical solutions in Equations

(11) and (12). When the normalized weld width w/t, is larger than 2, the analytical and
computational K, solutions are very close. However, the computational K, solutions

appear to approach the analytical K, solutions when the normalized weld width wj/t, is

larger than 5. It should be noted that the thickness of the lower sheet is twice that of the
upper sheet in the finite element analyses. As the stress intensity factor solutions for the
right pre-existing crack tip are higher than those for the left pre-existing crack tip, the
stress intensity factor solutions for the right pre-existing crack tip are more important

from the viewpoint of engineering applications. Therefore, it is not attempted here to
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propose approximate stress intensity factor solutions for the left pre-existing crack tip to
cover a wide range of w/t, as is done for the right pre-existing crack tip.

Figures 4.6(a) and 4.6(b) show the normalized analytical stress intensity factor K,
and K, solutions, respectively, based on Equations (7), (8), (11) and (12) for the right
and left pre-existing crack tips as a function of the ratio of the sheet thicknesses o . Itis
noted that K, and K, solutions are larger for the right pre-existing crack tip as
compared to the K, and K, solutions for the left pre-existing crack tip. The two pre-

existing crack tips have the same stress intensity factor solutions as the thicknesses of the

two sheets become equal. Note that the thickness of the lower sheet affects the stress

intensity factor solutions for both pre-existing crack tips. The K, solutions for the two
crack tips increase as the thickness ratio & increases to 1. However, K, solutions of the

right crack tip decrease while the K, solutions of the left crack tip increase as the

thickness ratio ¢ increases to 1.

4.3.  Effect of gap on fatigue behavior of laser welds

4.3.1 Experimental observations

A gap between the laser welded sheets may be left intentionally to provide an
escape route for the vapors produced during the welding process. The gap can also be
produced inadvertently from a lack of good metal fit-up due to the improper clamping
and positioning of the sheets during the welding process. Figure 4.7 shows an optical

micrograph of the etched cross section of a weld with a gap in a specimen that was
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partially tested under quasi-static loading conditions. The gap between the welded sheets
is marked on both sides of the weld in Figure 4.7. The gap between the sheets can cause
the spread of the molten metal in the lateral direction between the two sheets and increase
the width of the weld joint. The presence of the gap between the welded sheets can also
influence the formation of the round weld bead protrusion. Examination of a limited
number of cross sections of laser welded lap-shear specimens showed that if a gap exists
between the two sheets, the round bead protrusion becomes shallow or even cause an
underfill due to the molten metal being distributed into the gap as shown in Figure 4.7.
Wang and Ewing [13] reported increase in the static strength of 2.7 mm thick
laser welded steel sheets with a gap between the sheets due to increase of the weld width.
Under lap-shear loading conditions, the gap can create extra moment to the weld zone
and may negate the increase in strength associated with the larger weld width. Further
study may be required to fully understand the effect of the gap on the strength of laser
welded lap joints. The effect of the gap on the fatigue strength of laser welded joints was
investigated experimentally by Flavenott [3] and Wang and Ewing [13]. They reported
that the presence of the gap between the welded sheets caused a reduction in the fatigue
lives of the welds. As observed from the micrographs of partially failed specimens of
laser welded high strength low alloy steel sheets [10, 14], fatigue cracks are initiated from
the pre-existing crack tips and propagate through the sheet thickness of the upper right
sheet under high cycle loading conditions. From the micrographs of the failed
specimens, the crack propagation angle was found to be very close to 90° for all the load

ranges.
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4.3.2 Analytical local stress intensity factor solutions for kinked cracks

Figure 4.8 shows a schematic of a main crack and a kinked crack with the kink
length a and the kink angle «. Here, K, and K, represent the global stress intensity
factors for the main crack, and k, and k, represent the local stress intensity factors for
the kinked crack. Note that the arrows in the figure represent the positive values of the
global and local stress intensity factors K,, K, , k, and k, . For kinked cracks, when the
kink length approaches to 0, the local stress intensity factors k, and k,, can be expressed
as functions of the kink angle « and the global K, and K, for the main crack. The

local stress intensity factor solutions for kinked cracks with vanishing crack length are

given as [15, 16]

(k,)oz1 3c0s % + cos % K,—§ sin < +sin % K, (17)
4 2 2 4 2 2

(k,,)oz1 sin% 1 sin >+ K,+l cos & + 3c0s % K, (18)
4 2 2 4 2 2

where (kl)0 and (kII )0 represent the local k, and k, solutions for the kink length a

approaching to 0. As shown in Figure 4.7, the crack tips become notch tips with the
presence of the gap. When the crack becomes a rectangular notch, the singularity for the
stresses and strains near the notch tips changes. No analytical solutions as in Equation
(17) and (18) for cracks emanating from the notch tips are available. Therefore, finite
element analyses were used to obtain the local stress intensity factor solutions for the

cracks emanating from the notch tips.
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4.3.3 Stress intensity factor solutions for cracks from notch tips
Finite element analyses were carried out to obtain the stress intensity factor

solutions for cracks emanating from the notch tips of the weld with gap in lap-shear
specimens. Five normalized gaps g/t of 0, 0.05, 0.1, 0.2 and 0.3 are considered in this
investigation to study the effect of the gap on the stress intensity factor solutions for the
cracks. Figure 4.9(a) shows a schematic of a two-dimensional finite element model of a
lap-shear specimen with a weld gap and the boundary conditions. Based on the
experimental observations of the micrographs of welds with gaps, the gap is modeled as a
rectangular notch in the finite element analyses. The thin solid lines in the schematic
show the cracks emanating from the pre-existing notch tips and propagating in the upper
right and lower left sheets. The shaded region in the figure represents the weld zone.
The specimen has the sheet thickness t for both the upper right and lower left sheets, the
length L, the overlap length V , the weld width w, and the gap 9. The x —y coordinate
system is shown in the figure. The left edge has a fixed displacement condition along the
interfacial surface of the lower sheet and the doubler while the right edge has a
concentrated force per unit width, F /b, applied along the interfacial surface of the upper
sheet and the doubler in the + x direction. Here, F denotes the applied force and b
denotes the width of the central portion of the specimen with the reduced width.

The two-dimensional plane-strain finite element model has the weld width w= 1
mm, sheet thickness t =1 mm for both the upper and lower sheets, respectively, length
L =95 mm, and overlap length V =30 mm. The width b of the central portion of the
specimen is taken as 8 mm to calculate the applied load per unit width for the finite

element analyses. Figure 4.9(b) shows a close-up view of the finite element mesh near
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the weld. The weld was modeled as an idealized weld without weld bead protrusion or
underfill. In this investigation, two cracks of the same length emanating from both pre-
existing notches are modeled in the finite element analyses to represent the cracks in the
laser weld as shown in the micrographs of partially failed specimens. Usually, one crack
becomes dominant and results in the final failure of the specimen. Finite element
analyses for a weld with single crack of different crack lengths were also carried out.

The results indicate that the effective stress intensity factor ranges are almost the same for

the welds with single and two cracks for a given normalized crack length, a/t. Second-

order quarter point crack-tip elements (CPE8R) with collapsed nodes were used to model

the Yr singularity near the crack tip. The weld metal and the base metal are assumed
to be linear elastic material with Young’s modulus of E =206 GPa and the Poisson’s
ratio v =0.3. Ten normalized crack lengths a/t of 0.025, 0.05, 0.075, 0.1, 0.2, 0.3, 0.4,
0.5, 0.6 and 0.7 are considered in the finite element analyses. Computations were

performed using the commercial finite element software ABAQUS [12].

Figure 4.10(a) shows the values of k, /(k,) as functions of the normalized crack

0
length a/t for & =90° and different values of the normalized gap g/t. Note that the
solutions are normalized by (kI )0 in Equation (17) with kink angle a =90° and the

analytical global stress intensity factor (K, )B and (KII )B solutions based on the beam

bending theory in Sripichai et al. [10]. The solutions of Sripichai et al. [10] based on the

beam bending theory are

(K= (19
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(Kn )B = % (20)

Figure 4.10(a) shows that the values of k, /(k, )

, increase monotonically with the

kink length. However, as the gap increases, the stress intensity factor solutions increase
for a given a/t. The average differences between the stress intensity factor K, /(k, ),
solutions for cracks with gap and without gap range from about 3.3% to 21.5% as the
normalized gap g/t increases from 0.05 to 0.3. Figure 4.10(b) shows the values of

lk,|/(k,), as functions of the normalized crack length a/t for &z =90° and different

values of the normalized gap g/t. Note that the local stress intensity factor k, solutions
are negative based on the definitions shown in Figure 4.8. Figure 4.10(b) shows that the

absolute values of |k, |/(k,), decrease monotonically with the crack length and appear to
approach to 0 for a very large crack length. However, the values of |kII |/(kI )0 are higher

for larger gaps. The average differences between the stress intensity factor |kII | / (kI )0

solutions for cracks with gap and without gap range from about 15% to 80% as the
normalized gap g/t increases from 0.05 to 0.3. The higher effective stress intensity

factor ranges due to the gap can significantly reduce the fatigue lives of the welds with
gap as compared to those for welds without gap. Figures 4.10(a) and 4.10(b) show that
the crack growth is under mixed mode | and Il loading conditions. However, the cracks

are under dominant mode | loading conditions.
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4.4. A structural stress model for welds with gap and fatigue life estimations

Figure 4.11(a) shows a schematic of a laser weld with a gap in a lap-shear
specimen under the applied load per unit width F/b, marked as the bold arrows. Here,
F denotes the applied force and b denotes the width of the central portion of the
specimen with the reduced width. The upper and lower sheets have the same thickness t.
The weld width w, the sheet length L, the overlap length V , and the gap g are shown
in the schematic. The resultant force per unit width F/b is applied to the inner surfaces

of the right edge of the upper sheet and the left edge of the lower sheet. Due to the
presence of the gap between the upper right and lower left sheets, the specimen becomes
a two-force member when mounted in the lap-shear testing fixture without the constraint

of the bending moment at the specimen ends. The action line of the applied resultant
force per unit width F/b is therefore realigned as shown in Figure 4.11(a). Figure
4.11(b) shows a schematic of the applied loading condition near the right edge surface of
the specimen. The angle of inclination of the force per unit width, F/b, with respect to
the horizontal axis is represented as & . As shown in Figure 4.11(b), the inclined
resultant force F/b is resolved into the horizontal and vertical components F,/b and
F,/b, respectively.

Figure 4.11(c) shows the resultant forces F,/b and F,/b and the resultant
moment M, acting on the cross section of the upper right sheet at the weld edge. As
shown in the figure, the horizontal force per unit width F,/b is shifted from the inner
surface of the upper right sheet to the middle surface. Since the value of g is small

compared to 2L —V , @ can be determined from Figure 4.11(a) as
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_ 9
o= (2L-V) 21)

Also, the two force components per unit width, F, /b, and F, /b, can be approximated as
F/b and (F/b) @, respectively.

The moment per unit width, M, , at the weld edge can be written as

Ft F@o
M,=—+-—L 22
T (22)
Here, L' is
L':L—%(V+W) (23)

Both the membrane force per unit width, F, /b, and the bending moment per unit width,
M, contribute to the structural stress at the edge of the weld. For small 8°sand w’s,

the structural stress at the lower surface of the cross section near the weld of the upper

right sheet can be written as

a:§(4+3%j (24)

For a weld without gap, the above equation simplifies to

4F
_4F (25)
7 ot

Equation (24) indicates that the gap between the welded sheets increases the structural
stress at the inner surface of the upper right or lower left sheet near the edge of the weld.
The increased structural stress reduces the fatigue lives of the specimens with weld gap as
compared to those for the specimens without weld gap.

The structural stress approach appears to be promising to estimate the fatigue
lives of weld joints in thin sheets. Tran et al. [17, 18] recently used the closed-form
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analytical structural stress solutions for spot welds to estimate the fatigue lives of
aluminum spot friction welds. Sripichai et al. [10] and Asim et al. [14] also used the
closed-form analytical structural stress solutions to estimate the fatigue lives of laser
welds in HSLA steels. In the present study, the structural stress model is based on the
structural stress solutions derived from the beam bending theory. Equation (24) for the
structural stress ranges at the edge of the weld bead can be used with the experimental
stress-life fatigue data of the HSLA steel to estimate the fatigue lives of laser welds in
lap-shear specimens. Note that the weld zone is assumed to be perfectly bonded to the
base metal. The varying mechanical behavior of the material in the weld zone is also not
considered in the above expression. Figure 4.12 shows the fatigue live estimates based
on the structural stress model of Equation (24) for different values of the normalized gap

g/t based on the stress-life fatigue data of SAE 950X steel. Reduction in the fatigue

lives can be observed as the gap between the two sheets increases from 5% to 20% of the

sheet thickness.

4.5. Conclusions
In this study, the effects of different thickness and gaps on the stress intensity
factor solutions of laser welds in lap-shear specimens are investigated. An analytical
approach based on the structural stress of the beam bending theory is used to obtain the
stress intensity factor solutions for laser welds in lap-shear specimens with different sheet
thicknesses. Two-dimensional finite element analyses were also carried out to obtain the
stress intensity factor solutions for the welds as functions of the normalized weld width.

The results of the finite element analyses are compared with the analytical stress intensity
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factor solutions. The stress intensity factor solutions are higher for the right pre-existing
crack tip of the load carrying upper right thinner sheet as compared to those for the left
pre-existing crack tip of the load carrying lower left thicker sheet. Approximate stress
intensity factor solutions as functions of the normalized weld width are also proposed for
the right pre-existing crack tip of the load carrying upper right thinner sheet. Finite
element analyses were also carried out to study the effects of gaps on the local stress
intensity factor solutions for cracks emanating from the tips of the pre-existing notches.
The results indicate that the stress intensity factor solutions for the cracks increase as the
gap increases. Finally, a closed-form structural stress solution with consideration of the
gap in a lap-shear specimen is developed. The closed-form structural stress solution is
used to investigate the effect of gap on the fatigue lives of the welds. The results indicate

that the fatigue life decreases as the gap increases.
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Figure 4.1. A schematic of a lap-shear specimen with sheets of equal thicknesses. The
loading directions are shown as the bold arrows.
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Figure 4.2. (a) A schematic of the cross section near an idealized weld as a two-strip
model under lap-shear loading conditions with the weld shown as the shaded region and
(b) a schematic of the two-strip model under an equivalent loading of (a).
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Figure 4.3. Schematics of (a) the left part of the two-strip model and (b) the two-strip
model of different thicknesses with connection.

134



| l 1'?

A

W
V

A
A4

(@)

Pre-existing crack  Upper sheet

1
I}

Lower sheet
(b)

Figure 4.4. (a) A schematic of a two-dimensional finite element model of a lap-shear
specimen and the boundary and loading conditions, and (b) a close-up view of the finite

element mesh near the pre-existing crack tips for w/t, = 4.
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Figure 4.5. The analytical and computational normalized K, and K, solutions for (a)
the right crack and (b) the left crack as functions of w/t, for § =0.5.
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Figure 4.6. (a) The normalized K, and (b) the normalized K, solutions for the right and

left pre-existing crack tips based on the analytical model of strips with different
thicknesses.
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Figure 4.7. An optical micrograph of the etched cross section of a weld with a gap in a
specimen that was partially tested under quasi-static loading conditions.
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Figure 4.8. A schematic of a main crack and a kinked crack with the kink length a and
the kink angle « .
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Figure 4.9. (a) A schematic of a two-dimensional finite element model of a lap-shear
specimen with gap and two cracks. The boundary and loading conditions are also shown
in the schematic. (b) A close-up view of the finite element mesh near the weld for the
normalized gap g/t =0.1 and the normalized crack length a/t =0.1.
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Figure 4.10. (a) The value of k, /(k, )
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Figure 4.11. (a) A schematic of a lap-shear specimen with gap under the applied load per

unit width F/0 marked as the bold arrow, (b) a schematic of the applied loading
condition near the right edge surface of the specimen and (c) the resultant forces F, /b

and F,/b and the resultant moment M, acting on the cross section of the upper right
sheet at the weld.
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Figure 4.12. Fatigue life estimates based on the structural stress model for different
values of the normalized gap g/t.
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CHAPTER V
MECHANICAL BEHAVIOR AND FAILURE MECHANISMS OF NB-CLAD
STAINLESS STEEL SHEETS
5.1. Introduction
The growing interest in stainless steel for use as bipolar plates in Polymer

electrolyte membrane (PEM) fuel cells [1, 2] has been further accelerated by the recent
advances in the micro-forming technology of metals, for example, see [3-5]. Efforts are
also being made to model micro-scale forming processes and to investigate the effects of
size scaling [6-8]. Recently, Mahbunphacahi and Koc [9] used hydro-forming to develop
micro-scale channels in thin stainless steel sheets for bipolar plate applications.
However, the use of stainless steel sheets for bipolar plates has two main problems. The
first is the development of corrosive products in a low pH environment of the fuel cell
and the second is the formation of surface passivation film [10]. The corrosive products
are harmful to the membrane electrode assembly (MEA) and can interrupt the action of
electrode catalyst. The passive film also adversely affects the contact resistance of the
bipolar plates. In order to overcome these issues, coated metal sheets are under
investigation. Two types of coatings, carbon-based and metal-based, have been
investigated for this purpose [11, 12]. Metal-based coatings include noble metals, metal
nitrides and metal carbides [13-15] but a viable and inexpensive commercial product is

yet to be developed.
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Weil et al. [10] evaluated the electrochemical properties of Nb-clad stainless steel
sheets for application as PEM bipolar plates. Their test results demonstrated good
corrosion stability under accelerated corrosion conditions. The use of Nb-clad sheets is
intended to reduce the material costs of metallic bipolar plates as compared to the other
coating schemes, by incorporating the conductive and corrosion resistant Nb as a thin
layer roll cladded to a more robust and inexpensive steel sheet. Hong and Weil [16]
conducted an initial evaluation of the tensile and bend properties of Nb-clad stainless
steel sheets. Their chemical analyses indicated that an iron—niobium compound is
present at both the interfaces. The exact chemical composition of the intermetallic
compound is yet to be determined. In the present study, experimental investigation of
Nb-clad stainless steel sheets is further pursued to study the effects of annealing

conditions on the ductility and formability of these sheets.

5.2. Clad assembly preparation

A 304L stainless steel sheet with an initial thickness of about 12 mm was cladded
to a 1.3 mm thick Nb sheet by rolling with a 98% reduction in the total thickness. The
final thicknesses were about 0.025 mm and 0.23 mm for Nb and stainless steel sheets,
respectively. The rolled sheets were vacuum annealed to restore the original ductility. In
the present study, specimens with different annealing conditions were studied. These
specimens were annealed at 850°C , 950°C and 1050°C for either 15 minutes or 60
minutes. The nomenclature for the specimens in this paper is such that the first
identification number indicates the annealing temperature and the second number stands

for the annealing time. Therefore, 850/15 represents a specimen that has been annealed
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at 850°C for 15 minutes. The microstructure of the interfacial area was examined using

the optical and scanning electron microscopy.

5.3.  Experiments

5.3.1. Tensile test

These tests were conducted for Nb-clad stainless steel sheets according to ASTM
standard E8-04 [17] for tension testing of metallic materials. Due to the limited supply of
the sheet material, the tensile specimens were cut into subsize rectangular specimens with
a gauge length of 25.4 mm. The dog bone profile was made using a CNC milling
machine. The tests were carried out using an automated MTS tensile testing machine
with a 10 kN load cell. An extensometer with a one inch gauge length was used to
automatically record the extension in the uniform gauge section. The cross-head speed
was maintained at 1 mm/min throughout the tests. Three specimens were tested for the

as-rolled and each of the different annealed Nb-clad stainless steel sheets.

5.3.2. Bend and flattening test

Specimens were bent to 180° and flattened as described in the ASTM standard
E290-97a [18] with the Nb layer on the outside of the bend. The bend was produced by
the guided-bend test fixture using a plunger of radius of 5.5 mm. The 180° bent
specimens were further flattened between two platens under a predefined maximum load

(15 kN/m or 60 kN/m) or until a preselected separation between the bent legs was
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reached. The bend and flattening tests were carried out using an automated MTS testing

machine.

5.3.3. Nano-indentation

These tests were carried out using a Berkovich diamond tip which has three-sided
pyramid geometry. The total downward displacement was limited to about 0.5 pm.
Indentations were made in the outer Nb sheet, intermetallic layer and the stainless steel
sheet. Three indents were made in each of the layers for the as-rolled and different

annealed specimens.

5.4. Results and discussion

5.4.1. Microstructural analysis

Figure 5.1(a) shows an optical micrograph of the cross-sections of an as-rolled
specimen. The interface between the two sheets seems to be free of voids and porosities.
Figure 5.1(b) shows an optical micrograph of the cross-section of an annealed 1050/60
specimen. The figure shows that there is no interfacial porosity or voids after annealing
the specimens at 1050°C for 60 minutes. It also shows that an intermetallic layer of a
few microns in thickness was formed in the annealed specimen between the Nb layer and
the stainless steel sheet. The thickness of the intermetallic layer is dependent on the
annealing temperature and time. The sizes of the intermetallic layer in the annealed
850/15 and 950/15 specimens are very small and high magnification scanning electron

micrographs were used to identify the layers in these specimens as shown in Figures
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5.2(a) and 5.2(b), respectively. It is observed from these figures that the intermetallic
layer in the annealed 850/15 specimen is present as irregular and intermittent segments
along the entire bond line instead of a nearly continuous layer as occurs in the annealed
950/15 specimen and shown in Figure 5.2(b).

The thicknesses of the intermetallic layer for different annealed conditions were
measured manually from the scanning electron micrographs of the cross sections of the
annealed specimens. The approximate values of these thicknesses are listed in Table 5.1.
As per Fick’s second law of diffusion, the diffusion length is proportional to the square
root of the diffusion time. The measured thicknesses of the intermetallic layers for
different annealed specimens as given in Table 5.1 shows that for a given annealing
temperature, the thickness of the intermetallic layer is about twice for the specimen
annealed at 60 minutes as compared to that for the specimen annealed at 15 minutes.

Chemical analysis by Hong and Weil [16] of similar specimens suggested the
presence of a transition metal reaction phase. The EDAX analysis [16] indicated that the
intermetallic compound observed in the Nb-clad stainless steel after annealing is likely to
be the elusive n-phase compound. This compound was reported by Kripyakevitch et al.
[19] in ferroniobium alloys annealed at 900°C in an inert argon environment. The
transition metal n-phase is metastable which can be stabilized by very small amounts of
phosphorus and sulfur [20]. The brittleness of intermetallic compounds and their low
fracture strength is a known issue; moreover, these compounds also suffer from
environmental embrittlement problems [21]. Their brittle nature has limited their utility

and applications.
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5.4.2. Tensile test

5.4.2.1. Mechanical properties

Tensile tests were conducted to evaluate the mechanical properties of the clad
assembly. The engineering stress-strain curves for different annealed specimens are
shown in Figure 5.3. By comparing the nominal stress-strain curve of the as-rolled
specimen with those of the annealed specimens, it is clear that the annealed specimens
exhibit a sharp drop in the yield strength along with an increased elongation before
failure caused by the recrystallization of the stainless steel sheet. Some of the mechanical

properties which were obtained from these tests are listed in Table 5.2 [22].

5.4.2.2. Canoeing phenomenon

Annealed specimens started to warp along the longitudinal axis after a tensile
extension of about 5%, producing a shape like the bottom of a canoe [23]. The Nb layer
was in the outside of the canoe while the stainless steel layer was in the inside. Figure
5.4 shows this effect in the annealed 850/60 and 1050/60 specimens. Figure 5.4 shows
that the “canoeing” phenomenon was more pronounced in the specimens that were
annealed at higher temperatures. To calculate the radius of curvature, the width and
height of the tested specimen was measured in the middle of the gauge section. From
these data points, the radius of curvature was calculated at the peak of the canoe-like
profile. Figure 5.5 shows the average values of the radius of curvature after failure under
uniaxial loading conditions for specimens with different annealing conditions. These

average values for the radius of curvature are obtained from three tensile specimens for
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each annealing condition. Figure 5.5 shows that the radius of curvature decreases as the
annealing temperature and time increase. To study the change of the canoeing curvature
as the uniaxial strain increases, six different annealed 1050/60 specimens were deformed
to 5%, 10%, 15%, 20%, 30% and about 47% of uniaxial strains. Figure 5.6 shows the
radius of curvature for the annealed 1050/60 specimen as a function of uniaxial strain.
The radius of curvature decreases monotonically with the strain. However, it is noted
that the curvature is almost the same after a strain of about 30%. This corresponds to the
unaxial strain level at which Nb layer has delaminated from the stainless steel sheet.

The canoeing phenomenon can be explained by the differences in the crystal
texture of the two layers in the clad assembly. Due to the mismatch of the plastic strain
ratios for these two materials, unequal strains are developed in the transverse directions
which are compensated by the canoe-like shape of the deformed sheets. The constant
value of the curvature for the annealed 1050/60 specimens after Nb layer delamination
also seems to support this argument, as the curvature does not change once the Nb layer
seize to support the unaxial applied load. Similar warping behavior was reported by Choi
et al. [24] while investigating the tensile deformation of stainless steel clad aluminum

sheets.

5.4.2.3. Nb layer delamination

Another observation noticed from the tensile tests, was de-bonding of the Nb
layer from the stainless steel sheet at strains above 27%. Figure 5.7 illustrates this type of
delamination observed in an annealed 1050/60 specimen. It is likely that the less ductile

intermetallic layer between Nb and stainless steel sheet developed cracks perpendicular
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to the direction of tensile extension. These cracks are likely to promote the interfacial
crack growth causing the peeling-off of the Nb layer from the stainless steel sheet. A
detailed micrographic analysis of the cross sections is required for the specimens that

have been deformed to different strain values to investigate this phenomenon in detail.
The Nb layer did not delaminate in other annealed specimens which have thinner

intermetallic layers due to the annealing conditions.

5.4.3. Bend and flattening test

Surface examination of the bent tip revealed no scratches or defects in any of the
samples, which meant that they can survive this type of bend with the plunger of a given
radius as shown in the schematic in Figure 5.8. The final bend angle was measured after
the 180° test to determine the springback after elastic recovery. A comparison of the
springback angles for different annealing conditions is shown in Figure 5.9. Annealing
reduced the springback by about 50%, 58% and 65% in the annealed 850/15, 950/15 and
1050/15 sheets, respectively, as compared to that in the as-rolled specimen.

Figure 5.10 shows a schematic of a flattening test apparatus. A surface
examination of the flattened tip showed signs of cracking in the as-rolled and annealed
1050/60 specimens. Rough surfaces were observed in the annealed 950/60 and 1050/15
specimens as shown in Figure 5.11. Other specimens produced no visible surface
defects. The cross-sections of the flattened specimens were further examined under an
optical microscope to investigate the failure mechanism in the clad sheets. Figure 5.12
presents micrographs of the as-rolled and annealed 1050/60 specimens after flattening by

a load per width of 60 kN/m. The failure mechanism of the as-rolled flattened specimen
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is different from that of the annealed specimen. Lack of ductility causes the failure of the
protective Nb layer in the as-rolled specimen. However, for the annealed specimen the
failure initiates at the brittle intermetallic layer and the layer breaks at almost evenly
spaced intervals. The fracture of the intermetallic layer produces strain concentration
sites which causes localized necking and subsequent failure of the Nb layer. Debonding
of the Nb sheet is also shown in Figure 5.12(b) as the cracks propagate in the
intermetallic layer. This type of failure mechanism was also observed by Matsumoto et
al. [25] in Al-clad Mg-Li plates.

As the thickness of the intermetallic layer depends on the annealing temperature
and time, the damage was more pronounced in the annealed 1050/60 specimens than in
the annealed 1050/15 specimens. Other specimens showed relatively moderate defects
while the annealed 850/15 and 950/15 specimens developed very small voids along the

bond line between the outer Nb layer and the stainless steel sheet.

5.4.4. Nano-indentation

Nano-indentation tests were conducted to determine some information about the
mechanical behavior of the individual layers in the clad assembly. Figure 5.13 shows the
nano-indentation images in different layers of the annealed 1050/60 specimen. As it was
difficult to position the nano-indenter tip on the intermetallic layer in specimens with
very thin layers and because the effect of the surrounding material was dominant in the
case of a thinner intermetallic layer, only the data obtained from the annealed 1050/60
specimen could be used to determine the mechanical properties such as the hardness and

the elastic modulus of the intermetallic compound. The values of the hardness and elastic
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modulus for the Nb layer, the interface region and the stainless steel layer are plotted and
illustrated in Figures 5.14(a) and 5.14(b) respectively, for the as-rolled and annealed
1050/60 specimens. These values are the average of the data obtained from three indents
for each layer. For the interface region of the as-rolled specimen, there is no intermetallic
layer of a significant thickness. Therefore, the values of the hardness and elastic modulus
of this region just relates to the average mechanical properties of the material near the
interface. On the contrary, the values of the hardness and elastic modulus of the interface
region for the annealed 1050/60 specimen represents the mechanical properties of the
intermetallic layer.

The values of the elastic modulus obtained from these tests are very close to the
typical values available in the literature. The average measured value of the elastic
modulus for the stainless steel layer was 208 GPa which is in good agreement with a
value of 200 GPa, that can be found from the Metals hand book [26]. Similarly, for the
Nb layer the average measured value of the elastic modulus was 130 GPa as compared to
a value of 105 GPa which is quoted in the Metals hand book [26]. It was also observed
that the hardness of the Nb layer remained the same in the as-rolled and annealed
specimens. However, the hardness decreased in the stainless steel layer after annealing
due to the recrystallization of grains. It is likely that the Nb layer did not recrystallize
after annealing at 1050°C . The effect of the intermetallic layer is visible from the values
of the hardness and elastic modulus which are much higher than those of the interface
region of the two constitutive layers as shown in Figures 5.14(a) and 5.14(b). A higher
elastic modulus is in accord with the observation that the modulus of the intermetallic

materials lie between those of the metals and the ceramics [21]. It should be noted that
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no cracks are found at the indentation sites which indicate that the adhesion is strong
between the two sheets although a brittle intermetallic compound is formed at the
interface after annealing.

Figure 5.15(a) shows the load-displacement curves from the nano-indentations
tests for the Nb layer of the as-rolled and annealed 950/60, 1050/15 and 1050/60

specimens. The figure shows that the annealing has a little effect on the load-

displacement curves. The values of the maximum indentation depth h_ and the residual

indentation depth h, are very close for the as-rolled and different annealed specimens.
This is in agreement with the similar hardness values of the Nb layer for the as-rolled and
the annealed 1050/60 specimens in Figure 5.15(a).

Figure 5.15(b) shows the load-displacement curves from the nano-indentations
tests for the stainless steel layer of the as-rolled and different annealed specimens.
Unlike the Nb layer, the load-displacement curves from the nano-indentation tests for the

stainless steel layer show some differences between the as-rolled and the annealed

conditions. The values of the maximum depth h, reduce with the annealing temperature.

The h,, value from the load-displacement curve of the annealed 1050/60 is about half of

that from the load-displacement curve of the as-rolled specimen. The residual depth h,

increases slightly with the annealing, indicating more plastic deformation corresponding
to a more ductile material. This is also in agreement with the lower hardness value of the
stainless steel layer for the annealed 1050/60 specimen as compared to that for the
stainless steel layer in the as-rolled specimen as shown in Figure 5.16(b).

Table 5.3 lists the ratios of the maximum indentation depth to the residual
indentation depth h, /h,, for different layers of the as-rolled and the annealed 950/60,
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1050/15 and 1050/60 specimens. The ratio h, /h, can be used to provide a qualitative
assessment of the degree of ductility in the individual layers of the clad assembly. The

stainless steel layer shows the highest h, /h, value after annealing. The annealing does
not appear to affect the h, /h, values for the Nb layer and the value is almost constant at

about 0.86. It should be noted that the h, /h, of the intermetallic layer is only listed for

the 1050/60 specimen because it was difficult to get a reliable data for the thinner

intermetallic layers in other specimens that were annealed at lower temperatures and for

shorter time. The intermetallic layer shows the least value of h, /h,, that indicates a

lower ductile nature of the layer.

5.5. Conclusions

The mechanical behavior and failure mechanism of Nb-clad stainless steel sheets
were investigated. A microstructural analysis of the roll-cladded specimens suggested a
good metallurgical bond free of interfacial defects. The as-rolled specimens were
annealed to increase their ductility. The annealing also reduced the amount of springback
as compared to that of the as-rolled specimen. Annealing caused the development of a
brittle intermetallic layer at the Nb and stainless steel interface. Tensile tests showed
increased ductility in terms of lower yield strength and larger elongation before failure.
A “canoeing” effect during tensile testing of the clad sheets increased with increasing
annealing temperature. Nb layer delaminated from the stainless steel sheet in the
annealed 1050/60 tensile specimens. Failure in the flattened annealed specimens is
caused by localized necking of the Nb layer after brittle fracture of the intermetallic layer.

Nano-indentation was used to evaluate the mechanical properties of the individual layers
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in the Nb-clad stainless steel sheets. The hardness of the stainless steel layer decreased
slightly after annealing, but no noticeable hardness change was observed in the Nb layer
after annealing. The hardness and elastic modulus of the intermetallic layer were large as
compared to those of the Nb and stainless steel sheets. The results of the present study
will provide a better understanding of the mechanical behavior of clad metallic sheets and
provide general criteria and guidelines for formability of Nb-clad stainless steel sheets.
This knowledge can be used to model and study the channel forming process in the clad

sheets for its application as bipolar plates in PEM fuel cells.
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Table 5.1. Measured thicknesses of intermetallic layer for various annealed specimens.

Annealing Annealing Intermetallic
Temperature Time Thickness
(°C) (minutes) (um)
850 15 Less than 0.5 *
950 15 0.8
1050 15 1.8
850 60 0.9
950 60 1.3
1050 60 4.2

* Not a continuous layer
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Table 5.2. Mechanical properties of the Nb-clad stainless steel sheets from tensile tests.

Youngs Ultimate Strain

specimen MO gyngy SO 96 HAdnng  opgicln
(GPa) (MPa) (MPa) 2! K" (MPa)
as-rolled 211 790 1028 4.9 - -
850/15 216 201 577 44.4 0.38 1066
950/15 214 155 558 54.0 0.38 1159
1050/15 222 128 545 55.1 0.39 1108
850/60 215 192 556 55.6 0.38 1220
950/60 217 145 523 54.2 0.38 1090
1050/601 220 105 469 48.1 0.36" g79b!

[1] Nb layer delamination occurred above at a strain of about 27%.
[2] ASTM E646-07, 2007.
[3] Calculated up to a strain of about 25% due to the delamination of the Nb layer.
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Table 5.3. The ratio of the maximum indentation depth to the residual indentation depth
h, /h, of different layers for specimens annealed at different annealing conditions.

Nb Intermetallic Stainless
steel
as-rolled 0.86 - 0.83
950/60 0.86 - 0.89
1050/15 0.85 - 0.89
1050/60 0.85 0.66 0.91
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Figure 5.1. Optical micrographs of the cross-sections of (a) an as-rolled and (b) an
annealed 1050/60 specimens.
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Figure 5.2. A scanning electron micrograph of the cross-section of the annealed (a)
850/15 and (b) 950/15 specimens.
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Figure 5.3. The engineering stress-strain curves for an as-rolled specimen and specimens
with different annealing conditions.
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(b)

Figure 5.4. “Canoeing” effect in the annealed (a) 850/60 and (b) 1050/60 specimens.
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Figure 5.5. Radius of curvature after failure under uniaxial loading conditions for
specimens with different annealing conditions.
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Figure 5.6. Radius of curvature for the annealed 1050/60 specimens as a function of
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Figure 5.7. Delamination of the Nb layer form the stainless steel sheet in an annealed
1050/60 specimen after uniaxial strain of about 47%.
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Figure 5.8. A schematic of a guided-bend test apparatus.
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Figure 5.10. A schematic of a flattening test apparatus.
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Figure 5.11. Surface examination of (a) an as-rolled specimen flattened by a load per

width of 15 kN/m, annealed (b) 1050/15 (c) 950/60 and (d) 1050/60 specimens flattened
by a load per width of 60 kN/m.
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Figure 5.12. Optical micrographs of the cross sections of (a) an as-rolled and (b) an
annealed 1050/60 specimen after flattening tests.
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Figure 5.13. An optical micrograph of the cross section of an annealed 1050/60 specimen
showing the nano-indents.
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Figure 5.15. Load-displacement curves from the nano-indentations tests for (a) the Nb
and (b) the stainless steel layers of the as-rolled and 950/60, 1050/15 and 1050/60

specimens.

179



70

(®))
o

— Intermetallic

a1
o

— =SS

N
o

Load (mN)

N
o

[HEN
o

O - .-
0 100 200 300 400 500 600
Displacement (nm)

Figure 5.16. Load-displacement curves from the nano-indentation tests for different
layers of an annealed 1050/60 specimen.
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CHAPTER VI
FAILURE MECHANISMS OF POLYMER-GRAPHITE COATED STAINLESS
STEEL SHEETS
6.1.  Introduction
There is a growing interest in fuel cells as a power source due to their higher
efficiency and environmental friendliness. Polymer electrolyte membrane (PEM) fuel
cells are considered very attractive for automotive propulsion system. These cells have
operating temperatures less than 100°C and a higher power density than other fuel cells.
They also respond swiftly to varying loads and can sustain large load cycles. Efforts are
underway to increase the reliability and performance of these cells while reducing their
cost and size. Bipolar plates are an important part of PEM fuel cells. They contribute
80% to the total stack weight and account for 45% of the cost [1, 2]. Materials such as
graphite, coated/non-coated metals and polymer composites have been used as bipolar
plates. However, stainless steel is explored by many researchers for bipolar plate
development due to its relatively high strength, high chemical stability, low gas
permeability, wide range of alloy choice, and applicability to mass production and low
cost [3].
Stainless steel sheets have been tested and stainless steel bipolar plates have been

developed by different investigators [4-8]. These products have demonstrated a low
corrosion rate and a stable output for thousands of operating hours. However, they

produce corrosive products in a low pH environment of a fuel cell and the contact
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resistance increases due to the formation of surface passivation film. Use of protective
coating has been investigated by researchers to mitigate this problem [3, 9]. Noble
metals, metal nitrides and metal carbides are some of the metal-based coatings. In the
present study, an inexpensive polymer-graphite layer is considered as a protective
coating. Note that polymer composites have been explored and used in fuel cell bipolar
plates [10-13].

The main objectives of this research are to study the formability of polymer-
graphite coated stainless steel sheets and investigate the failure mechanism of the
protective polymer-graphite layer. In the present work, polymer-graphite coated 316L
stainless steel sheets were selected to examine their mechanical behavior and suitability
for use as bipolar plates. The 316L stainless steel sheets were obtained from
ArcelorMittal. A conductive, chemical resistant EB-815 polymer-graphite coating from
Acheson Colloids (Port Huron, MI) is chosen for this preliminary study. A set of
standard tests were conducted to determine the ductility of the coated sheets. These tests

include uniaxial tensile test, bend/flattening test and limited dome height test.

6.2. Coated assembly preparation
Stainless steel sheets having a thickness of 100 pm were coated with a
commercially available EB-815 polymer-graphite coating at Acheson Colloids. The
coating is composed of a thermoset binder with graphite flakes of thickness 1 um and a
size of 2 to 20 um. The oxidation, corrosion, adhesion and electrical properties were

investigated earlier to determine an optimal volume fraction of the graphite flakes to
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ensure high electrical conductivity of the coating. The average thickness of polymer-
graphite layer was maintained at about 20 pum.

Figures 6.1(a) and 6.1(b) show the scanning electron micrographs of the cross
sections of EB-815 coating at a magnification of 1000x and 1500x, respectively. The
EB-815 layer and the graphite particles are identified in the micrograph. Selective
measured values for the thickness of EB-815 coating and the graphite particle sizes are
shown in Figures 6.1(c) and 6.1(d), respectively, at a magnification of 1500x. The
thickness of the EB-815 layer varies from about 15 pum to about 18 um. Graphite
particles of dimensions of 9 um and 17 pum are shown in Figure 6.1(d). Some defects in
the EB-815 layer are also shown in Figures 6.1(c) and 6.1(d).

Figures 6.2(a), 6.2(b) and 6.2(c) show the scanning electron micrographs of the
surface of EB-815 coating at the center of the coated sheet at a magnification level of
100x, 250x and 500x, respectively. The rough surface texture is observed in the higher
magnification micrograph. The graphite particles also appear as shiny features in the
micrograph. Figures 6.3(a), 6.3(b) and 6.3(c) show the scanning electron micrographs of
the surface of EB-815 coating at the edge of the coated sheet at a magnification level of
100x, 250x and 500x, respectively. A surface texture similar to those in Figures 6.2(a),
6.2(b) and 6.2(c) is observed in Figures 6.3(a), 6.3(b) and 6.3(c). It appears that the
polymer coating is consistent across the surface of the stainless steel sheet with a uniform

surface texture.
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6.3.  Experiments

6.3.1. Tensile test of polymer coated stainless steel sheets

Tensile tests were conducted for the polymer coated stainless steel sheets
according to the ASTM standard E8-04 [14]. Test specimens had a gauge length of 25.4
mm. The tests were carried out with a constant crosshead speed of 1 mm/min. The
engineering stress-strain curves are shown in Figure 6.4 for the base metal from the
representative stainless steel and polymer-coated stainless steel sheets specimens. Test
results indicated no noticeable effect of the polymer-graphite coating on tensile properties
of stainless steel sheets.

Tensile tested specimens showed a deterioration of the surface quality as the
unaxial strain increased. A comparison of the surface texture is presented in Figures
6.5(a) - 6.5(h) for specimens subjected to unaxial strains of 8% to 17%, respectively.
Surface topology becomes rough with increased strain. At a strain of about 16%, the
surface was visibly scratched and large cracks can be seen in the micrograph. Thus a
strain limit of about 15% is appropriate for the uniaxial extension of the polymer coated
stainless steel sheets to ensure integrity of the coated layer. At a strain level of 17%, the
polymer-graphite layer started to visibily delaminate and flakes of the coating began to
peel off from the base metal sheet.

The extent of surface roughness with the amount of tensile strain was quanitifed

by measuring the surface profile of the tested specimens using a stylus profilometer. The
values of the arithematic surface roughness R, for several strains are plotted in Figure

6.6. The graph shows a continuous increase in the roughness value as the uniaxial strain

186



increases. The knowledge of surface roughness is important as the amount of contact
resistance and the resistance due to reactant flow depend strongly on the surface quality

of bipolar plates.

6.3.2. Tensile test of EB-815 polymer epoxy sheets

Tensile tests were also conducted for the EB-815 polymer epoxy sheets. A five
inch square sheet of EB-815 without the graphite particles was prepared by spray
applying over a plastic release liner rigidly held in a jig. Fourteen layers of EB-815 were
applied to achieve a sheet of thickness of about 0.43 mm. A curing process of 20 minutes
at 150°C was carried out after application of each layer. The layered sheet was removed
from the fixture and the plastic release film was detached. The EB-815 sheet was then
placed between two Emralon 333 coated plates and cured for 15 minutes at 260°C .
After cooling, the EB-815 sheet was removed from the steel plates. Tensile specimens
with a 25.4 mm gauge length were prepared from this epoxy sheet using a water jet
cutting machine. The tensile tests were conducted using an automated MTS testing
machine with a 10 kN load cell. The cross-head speed was maintained constant at 0.015
mm/min during the tests. The uniaxial extension of the gauge section was measured
using an extensometer with a one inch gauge length. It is noted that a total of four
specimens were tested and the extensometer was used to record the displacement in the
gauge section for three specimens. One of the specimens had surface defect and the
extensometer was not used to record the guge section displacement measurements due to
the fragility of the specimen, instead, the cross-head displacement was recorded to

calculate the gauge section extension for this specimen. Figure 6.7 shows the
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engineering stress-strain curves for EB-815 epoxy sheet from the four test specimens.
The curves have almost the same initial slope, however, there is a variation in the
uniaxial elongation. In general, the epoxy layer has a very limited uniaxial elongation.

The average elastic modulus from these curves is about 15 GPa.

6.3.3. Semi-guided bend test

Semi-guided bend tests were conducted according to the ASTM standard E290-
97a [15]. The setup for the test is schematically shown in Figure 6.8. Dimensions of the
specimens were set at 40 mm by 20 mm. The tests were conducted until a bend angle of
180° was reached. Two sets of specimens were used in these tests. In the first set,
specimens were bent with the bend axis along the longitudinal direction and in the second
set of tests the bend axis was kept perpendicular to the longitudinal direction of the
sheets. The test specimens were bent by different radii 0of 0.8, 1.0, 2.4 and 3.2 mm.
These tests produced a plane strain bending condition. Visual surface inspection of the
outer surface of the coating at the bend tip indicated that the outer polymer-graphite
coating remained intact after the 180° bend as shown in Figures 6.9 and 6.10. Figures
6.9(a) to 6.9(d) show the optical micrographs of the outer surfaces of the coating in the
bend tip after the 180° bend tests with a bend radius of 0.8 mm, 1.0 mm, 2.4 mm and 3.2
mm, respectively. The bend axis is along the longitudinal direction for these specimens.
Figures 6.10(a) to 6.10(d) show the optical micrographs of the outer surfaces of the
coating in the bend tip after the 180° bend tests with a bend radius of 0.8 mm, 1.0 mm,
2.4 mmand 3.2 mm, respectively. The bend axis is perpendicular to the longitudinal

direction for the specimens shown in Figures 6.10(a) to 6.10(d). There are no visible
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signs of the deterioration of the surface quality for the specimens after the 180° bend

tests.

6.3.4. Flattening test

To study the failure mechanism and ductility of coated sheets and the behavior of
individual layer, the specimens, which were bent to 180° during semi-guided bend tests,
were flattened as shown schematically in Figure 5.10. The separation distance ¢ of the
two bent legs of the sheet is marked in the figure. The flattening continued until a
selected vertical separation distance was reached between the bent legs. The tests were
carried out at a constant crosshead speed of 1 mm/min. Specimens which were bent to
180° were flattened under a controlled speed of Imm/min such that the separation
between the two legs of the flattened specimen was 0.5 mm. The flattened specimens
were placed under an optical microscope to examine the outer bent surface for cracks,
voids or surface roughness. Optical micrographs of the outer surfaces of the bend tip are
shown in Figures 6.11(a) to 6.11(d) for sheets flattened after bending by a radius of 0.8
mm, 1.0 mm, 2.4 mm and 3.2 mm, respectively, with the bend axis along the longitudinal
direction. Optical micrographs of the outer coated surfaces on the bend tip after
flattening test with a bend radius of 0.8 mm, 1.0 mm, 2.4 mm and 3.2 mm are shown in
Figures 6.12(a) to 6.12(d), respectively, with the bend axis perpendicular to the
longitudinal direction. Visible failure of the polymer-graphite layer can be found on the
bend tips as shown in the figures. There are visible surface cracks on all the specimens.

However, the surface damage seems to be smaller for a higher initial bend angle.
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6.3.5. Micrographic examination of the cross sections of the bent and flattened
specimens

Optical micrographs of the cross sections of the flattened specimens were
examined to study the failure mechanism of the polymer-graphite layer. Figures 6.13(a)
and 6.13(b) show the micrographs of the cross sections of stainless steel sheets with two-
sided coating. These specimens were flattened until a flattening separation distance of
0.6 mm was attained between the bent legs of the specimens. The bend radii for these
specimens were 0.8 mm and 1.0 mm, respectively. The corresponding strain values are
estimated to be 8% and 10%, respectively. The coatings did not suffer any visible
damage but appear to develop a rougher surface.

The bendability of the polymer-graphite-coated stainless steel sheets was further
explored with one-sided polymer-graphite coating and a separation distance of 0.5 mm
with the pre-bend radii of 0.8 mm, 1.0 mm, 2.4 mm and 3.2 mm. This flattening step
produced a strain of approximately 18% in the outer layer. The micrographs of the cross
sections of the flattened sheets are shown in Figure 6.14. It is observed from comparing
Figures 6.14(a) and 6.14(d) that a tighter bend radius causes a more severe failure of the
polymer-graphite coating. Similar observations were obtained from the micrographs of
the specimens that were bent and flattened with the bend axis transverse to the
longitudinal direction as shown in Figures 6.15(a) to 6.15(b). The micrographs of the
cross sections are in agreement with the surface micrographs and show an increased

damage to the coating for tight bend radius.

6.3.6. Ball punch deformation test
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The ball punch deformation test is used to evaluate the formability of the polymer
coated stainless steel sheet. Figure 6.16 shows a schematic of the test apparatus. 45 mm
by 45 mm square blanks of the specimens were clamped between two metallic dies. The
polymer coated side of the specimen was held on the outer side away from the spherical
penetrator contact side. The hold-down force was provided by tightening six bolts along
the circumference of the punch bore. The torque on the bolts was adjusted by a hit and
trial procedure to achieve the necessary hold-down force to prevent any material draw-in
during the test. A torque of about 130 N-m was applied to each bolt to prevent any
noticeable material draw-in. A metallic ball of diameter of 11 mm was used as the
spherical penetrator. An automated MTS testing machine was used to push the spherical
penetrator down onto the test specimen through the punch bore of diameter of 12.7 mm.
The penetrator downward speed was maintained constant at 1 mm/min during the tests.
The penetrator downward displacement was recorded through the built-in motion sensor
in the MTS testing machine. Lubricant was not applied on the surface of the spherical
punch. The tests were conducted for different penetrator displacements. The tests
generally followed the guidelines of ASTM standard E643-84 [16].

Figures 6.17(a) to 6.17(d) show the optical micrographs of the outer coated
surfaces of the specimens after the ball punch tests with a penetrator displacement of 3.5
mm, 3.6 mm, 4.0 mm and 4.85 mm, respectively. The outer coating seems to be intact
after a punch depth of 3.5 mm. However, the coating shows a rough texture and some
delamination after the punch depth of 3.6 mm. The stainless steel sheet fractured after
the punch depth of 4.85 mm. It should be noted that although the surface coating does

not show extensive delamination from the stainless steel sheet after a punch depth of
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about 3.6 mm, the coating has a blistered appearance that is likely to be poorly bonded to

the underlying substrate.

6.4.  Discussion
Polymer-graphite coating did not significantly affect the tensile properties of the
stainless steel base metal due to dominance of the mechanical properties of the stainless
steel substrate. The coating surface started to deteriorate and developed a blistered
texture as the uniaxial stretching continued and finally delaminated from the metal layer

at atensile strain of about 17%. Surface profile measurements indicated a progressive
increase in the R, value. A rougher surface can increase the contact resistance and also

affect the flow of reactants thorough the channel therefore, it is important to control the
surface quality of the coated sheets during any forming process. The failure mechanism
in tensile tests can be explained on the basis of the interaction of interfacial and
transverse cracks. It is likely that interface cracks are developed between the coating and
the stainless steel substrate during the baking and curing process. The presence of
graphite particles initiates transverse cracks which can coalescence with the interfacial
cracks as the specimen is extended in uniaxial direction. This will cause the polymer-
graphite flakes to separate and peel off from the metal surface.

The polymer-graphite coating also experienced failure during flattening tests. The
severity of delamination is dependent upon the pre-bend radius. It is apparent that a larger
bend radius produced less delamination. The direction of the bend axis did not affect the
amount of damage in the polymer-graphite layer. This set of experiments suggests that a

multistage forming process can be used to form the channels of stainless steel bipolar
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plates with polymer-graphite coating. The experimental results also suggest that, based
on the mechanics of bending, a thinner stainless steel sheet with a thinner polymer-
graphite coating can withstand the strains produced during the flattening test with a
separation distance of 0.5 mm. The polymer coating can survive a punch depth of about
3.5 mm and starts to develop a rough surface texture and shows signs of delamination

from the stainless steel substrate beyond 3.5 mm of ball punch displacement.

6.5.  Conclusions

The mechanical behavior of polymer-graphite coated stainless steel sheets has
been explored and issues related to the surface quality and delamination of the coating
has been identified. The failure mechanism of the polymer-graphite coating is also
proposed. During tensile tests, the surface roughness of the coating changes and finally
delamination occurs at a strain of about 17%. The delamination is likely to have caused
by the propagation and coalescence of interfacial and transverse cracks. Bend tests and
flattening tests of bent specimens were carried out to study the behavior of polymer-
graphite protective layer under plane strain bending conditions. An important result
derived from these tests is that the polymer-graphite coating can survive large strains if
multi-step forming process is carried out. Use of thinner sheets can also reduce the
amount of strain developed in the polymer-graphite layer. Ball punch deformation tests
were also carried out to assess the behavior of the coating under dominant biaxial
stretching conditions. The results of these tests will assist to better understand the

channel forming process in polymer-graphite coated stainless steel sheets.
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Figure 6.1. Scanning electron micrographs of the cross sections of EB-815 coating at a
magnification of (a) 1000x and (b) 1500x. Selective measured values of the (c) EB-815
coating thickness and (d) graphite particle sizes at a magnification of 1500x.

194



ey |

500 un
(a)

200 pm
(©

Figure 6.2. Scanning electron micrographs of the surface of EB-815 coating at the center
of the coated sheet at a magnification level of (a) 100x, (b) 250x and (c) 500x.
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Figure 6.3. Scanning electron micrographs of the surface of EB-815 coating at the edge
of the coated sheet at a magnification level of (a) 100x, (b) 250x and (c) 500x.
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Figure 6.4. The engineering stress-strain curves for representative stainless steel and
polymer-coated stainless steel sheets.
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Figure 6.5. Optical micrographs of the surface texture for tensile specimens subjected to
a uniaxial strain of (a) 8%, (b) 10% , (c) 11%, (d) 12%, (e) 13.5%, (f) 14.5%, (g) 16%
and (h) 17%.
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Figure 6.6. Plot of R, values as a function of uniaxial strain.
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Figure 6.7. The engineering stress-strain curves EB-815 epoxy sheets from four test
specimens.
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Figure 6.8. A schematic of the semi-guided bend test apparatus.
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Figure 6.9. Optical micrographs of the outer surfaces of the coating in the bend tip after

the 180° bend tests with a bend radius of (a) 0.8 mm, (b) 1.0 mm, (c) 2.4 mm and (d) 3.2
mm. The bend axis is along the longitudinal direction.
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Figure 6.10. Optical micrographs of the outer surfaces of the coating in the bend tip after
the 180° bend tests with a bend radius of (a) 0.8 mm, (b) 1.0 mm, (c) 2.4 mm and (d) 3.2
mm. The bend axis is perpendicular to the longitudinal direction.
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Figure 6.11. Optical micrographs of the outer coated surfaces on the bend tip after
flattening test with a bend radius of (a) 0.8 mm, (b) 1.0 mm, (¢) 2.4 mm and (d) 3.2 mm.
The bend axis is along the longitudinal direction.
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Figure 6.12. Optical micrographs of the outer coated surfaces on the bend tip after
flattening test with a bend radius of (a) 0.8 mm, (b) 1.0 mm, (¢) 2.4 mm and (d) 3.2 mm.
The bend axis is perpendicular to the longitudinal direction.
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Figure 6.13. Optical micrographs of the cross sections of two-sided coated stainless steel
sheets flattened to a separation distance of 0.6 mm. The bend radius is (a) 0.8 mm and (b)
1.0 mm.
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Figure 6.14. Optical micrographs of the cross sections of the one-sided coated stainless
steel sheets, flattened to a separation distance of 0.5 mm with a bend radius of (a) 0.8
mm, (b) 1.0 mm, (c) 2.4 mm and (d) 3.2 mm. The bend axis is along the longitudinal

direction.
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Figure 6.15. Optical micrographs of the cross sections of the one-sided coated stainless
steel sheets, flattened to a separation distance of 0.5 mm with a bend radius of (a) 0.8
mm, (b) 1.0 mm, (c) 2.4 mm, and (d) 3.2 mm. The bend axis is perpendicular to the
longitudinal direction.
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Figure 6.16. A schematic of the ball punch deformation test apparatus.
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Figure 6.17. Optical micrographs of the outer coated surfaces of the specimens after ball

punch deformation tests with a penetrator displacement of (a) 3.5 mm, (b) 3.6 mm, (c) 4.0
mm and (d) 4.85 mm.
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CHAPTER VII

CONCLUSIONS

In Chapter II, the failure mode of laser welds in lap-shear specimens of non-
galvanized SAE J2340 300Y high strength low alloy (HSLA) steel sheets under quasi-
static loading conditions is examined based on the experimental observations and finite
element analyses. Laser welded lap-shear specimens with reduced cross sections were
made to avoid the failure not directly related to the welds. Optical micrographs of the
cross sections near the welds in the specimens before and after tests are examined to
understand the microstructure of the weld and the failure mode of the welds. Micro-
hardness tests were also conducted to provide an assessment of the mechanical properties
in the base metal, heat affected and fusion zones. The micrographs indicate that the weld
failure appears to be initiated from the base metal near the boundary of the base metal
and the heat affected zone at a distance to the pre-existing crack tip, and the specimens
fail due to the necking/shear of the lower left load carrying sheets. Finite element
analyses based on non-homogenous multi-zone material models were conducted to model
the ductile/necking shear failure and to obtain the J integral solutions for the pre-
existing cracks. The results of the finite element analyses are used to explain the ductile
fracture initiation sites and the necking/shear of the lower left load carrying sheets. The
J integral solutions obtained from the finite element analyses based on the 3-zone finite

element model indicate that the J integral for the pre-existing cracks are low compared
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to the fracture toughness at the failure loads of the experiments and the specimens should
fail in a plastic collapse mode of necking/shear. The effects of the sheet thickness on the
failure mode were then investigated for laser welds with a fixed ratio of the weld width to
the thickness. For the given non-homogenous material model, the J integral solutions
appear to be scaled by the thickness as those for a homogeneous material model. With
consideration of the plastic collapse failure mode and fracture initiation failure mode, a
critical thickness can be obtained for the transition of the plastic collapse failure mode of
necking/shear to the fracture initiation failure mode. Finally, the failure load is expressed
as a function of the sheet thickness based on the two failure modes for engineering design
purposes. The results demonstrate that the failure criteria of welds based on the plastic
collapse failure mode should be used cautiously for welds of thicker sheets due to
possible lower failure loads due to the fracture initiation from the pre-existing crack tips.
In Chapter 111, the fatigue behavior of laser welds in lap-shear specimens of non-
galvanized SAE J2340 300Y high strength low alloy (HSLA) steel sheets is investigated
based on experimental observations and two fatigue life estimation models. Optical
micrographs of the laser welds before and after failure under quasi static and cyclic
loading conditions are examined. The micrographs show that the failure modes of laser
welds under quasi-static and cyclic loading conditions are different. Under quasi-static
loading conditions, the weld failure appears to be initiated from the base metal near the
boundary of the based metal and the heat affected zone at a distance to the pre-existing
crack tip and the specimens fail due to the necking/shear of the lower left load carrying
sheets. Under low-cycle loading conditions, the weld failure appears to be initiated from

the pre-existing crack tips and the specimens finally fail from the ductile fracture through
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the lower left load carrying sheets. Under high-cycle loading conditions, the weld failure
appears to be initiated from the pre-existing crack tips and the specimens finally fail from
the kinked fatigue crack propagating through the upper right load carrying sheets. Finite
element analyses of the laser welded lap-shear specimens with consideration of the weld
bead protrusion were carried out to obtain the global and local stress intensity factor
solutions for the main cracks and kinked cracks. The stress intensity factor solutions can
be used to explain the kinked fatigue crack growth patterns under high-cycle loading
conditions. A kinked fatigue crack growth model based on the global and local stress
intensity factor solutions for finite kinked cracks obtained from the finite element
analyses and a structural stress model based on the closed-form structural stress solutions
of the beam bending theory are adopted to estimate the fatigue lives of the laser welds.
The fatigue life estimations based on the kinked fatigue crack growth model agree
reasonably well with the experimental results of the welds whereas the fatigue life
estimations based on the structural stress model agree with the experimental results for
larger load ranges but are higher than the experimental results for smaller load ranges.

In Chapter IV, the effects of different thickness and gaps on the stress intensity
factor solutions of laser welds in lap-shear specimens are investigated. An analytical
approach based on the structural stress of the beam bending theory is used to obtain the
stress intensity factor solutions for laser welds in lap-shear specimens with different sheet
thicknesses. Two-dimensional finite element analyses were also carried out to obtain the
stress intensity factor solutions for the welds as functions of the normalized weld width.
The results of the finite element analyses are compared with the analytical stress intensity

factor solutions. The stress intensity factor solutions are higher for the right pre-existing
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crack tip of the load carrying upper right thinner sheet as compared to those for the left
pre-existing crack tip of the load carrying lower left thicker sheet. Approximate stress
intensity factor solutions as functions of the normalized weld width are also proposed for
the right pre-existing crack tip of the load carrying upper right thinner sheet. Finite
element analyses were also carried out to study the effects of gaps on the stress intensity
factor solutions for cracks emanating from the tips of the pre-existing notches. The
results indicate that the stress intensity factor solutions for the cracks increase as the gap
increases. Finally, a closed-form structural stress solution with consideration of the gap
in a lap-shear specimen is developed. The closed-form structural stress solution is used
to investigate the effect of gap on the fatigue lives of the welds. The results indicate that
the fatigue life decreases as the gap increases.

In Chapter V, the mechanical behavior and failure mechanism of Nb-clad
stainless steel sheets were investigated. A microstructural analysis of the roll-cladded
specimens suggested a good metallurgical bond free of interfacial defects. The as-rolled
specimens were annealed to increase their ductility. The annealing also reduced the
amount of springback as compared to that of the as-rolled specimen. Annealing caused
the development of a brittle intermetallic layer at the Nb and stainless steel interface.
Tensile tests showed increased ductility in terms of lower yield strength and larger
elongation before failure. A “canoeing” effect during tensile testing of the clad sheets
increased with increasing annealing temperature. Nb layer delaminated from the stainless
steel sheet in the annealed 1050/60 tensile specimens. Failure in the flattened annealed
specimens is caused by localized necking of the Nb layer after brittle fracture of the

intermetallic layer. Nano-indentation was used to evaluate the mechanical properties of
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the individual layers in the Nb-clad stainless steel sheets. The hardness of the stainless
steel layer decreased slightly after annealing, but no noticeable hardness change was
observed in the Nb layer after annealing. The hardness and elastic modulus of the
intermetallic layer were very large as compared to those of the Nb and stainless steel
sheets. The results of the present study will provide a better understanding of the
mechanical behavior of clad metallic sheets and provide general criteria and guidelines
for formability of Nb-clad stainless steel sheets. This knowledge can be used to model
and study the channel forming process in the clad sheets for its application as bipolar
plates in PEM fuel cells.

In Chapter VI, the mechanical behavior of polymer-graphite coated stainless steel
sheets has been explored and issues related to surface quality and delamination of the
coating has been identified. The failure mechanism of the polymer-graphite coating is
also proposed. During tensile tests, the surface roughness of the coating changes and
finally delamination occurs at a strain of 17%. The delamination is likely to have caused
by the propagation and coalescence of interfacial and transverse cracks. Bend tests and
flattening tests of bent specimens were carried out to study the behavior of polymer-
graphite protective layer under plane strain bending conditions. Ball punch deformation
tests were also carried out to assess the behavior of the coating under dominant biaxial
stretching conditions. An important result derived from these tests is that the polymer-
graphite coating can survive large strains if multistep forming process is carried out. Use
of thinner sheets can also reduce the amount of strain developed in the polymer-graphite
layer. The results of these tests will assist to better understand the channel forming

process in polymer-graphite coated stainless steel sheets.
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