
(a)

(b)

Figure 2.26: Optical microscope images of the fracture surfaces obtained from LCF
tests at high strain levels at (a) room temperature and (b) 200 ◦C. Continued on next
page, (c) 400 ◦C, (d) 600 ◦C, (e) 720 ◦C and (f) 800 ◦C.
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(c)

(d)

Figure 2.26: Continued from previous page.
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(e)

(f)

Figure 2.26: Continued from previous page.
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(a)

(b)

Figure 2.27: SEM images of (a) the fracture surface of a specimen tested under LCF
at room temperature and (b) a graphite nodule which has fractured through the
nucleus with adjacent fatigue fracture. Continued on next page, SEM image of (c)
transgranular cleavage.
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(c)

Figure 2.27: Continued from previous page.
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(a)

(b)

Figure 2.28: SEM images of (a) the fracture surface of a specimen tested under LCF
at 200 ◦C and (b) a magnified view of the fracture surface.
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(a)

(b)

Figure 2.29: SEM images of (a) the fracture surface of a specimen tested under LCF
at 400 ◦C and (b) intergranular facets. Continued on next page, SEM images of (c)
shrinkage pore and (d) ductile microvoids (dimples).
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(c)

(d)

Figure 2.29: Continued from previous page.
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Figure 2.30: SEM image of the fracture surface of a specimen tested under LCF at
600 ◦C.

Figure 2.31: SEM image of the fracture surface of a specimen tested under LCF at
720 ◦C.
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Figure 2.32: SEM image of the fracture surface of a specimen tested under LCF at
800 ◦C.
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(a)

(b)

Figure 2.33: Optical micrographs longitudinal cross-sections through the fracture surface in specimens tested at a high strain
level under low cycle fatigue at (a) room temperature and (b) 200 ◦C. Continued on next page, (c) 400 ◦C, (d) 600 ◦C, (e) 720 ◦C
and (f) 800 ◦C.
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(c)

(d)

Figure 2.33: Continued from previous page.
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(e)

(f)

Figure 2.33: Continued from previous page.
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2.4.3 Discussion

Both applied strain and temperature influence the failure mode that ultimately

results in fatigue fracture of HiSiMo DCI. At low strain ranges, fracture initiates at

shrinkage pores that intersect the specimen surface. Shrinkage pores serve as stress

concentrators. Additionally, shrinkage pores are associated with intergranular spaces

where impurity elements collect during solidification of the alloy. Thus, the mechan-

ical properties in these regions can be affected by local gradients in composition and

microstructure. Once the fatigue crack initiates at low strain ranges, it propagates

over a measurable distance prior to the occurrence of the final tensile fracture. At

high strain ranges, there is no clear nucleation site of a primary fatigue crack, and

fatigue crack nucleation and propagation tends to occur by intergranular fracture. In

particular, at the embrittled temperature and at high temperatures, the propagation

of the fatigue crack occurs by predominant intergranular fracture. The effect of em-

brittlement is pronounced at high strain ranges at 400 ◦C, where the short fatigue

life is significantly reduced from the other tested temperatures. Fractographic and

chemical observations on the fracture surface show the presence of embrittled grain

boundaries. In this way, it is clear that the embrittlement which occurs in HiSiMo

significantly impacts the low cycle fatigue performance of the alloy, particularly when

the strain (or stress) is high.

The energetically-favorable damage modes can be related to the phenomenological

strain-life behaviors that were discovered in low cycle fatigue tests at various temper-

atures. At low levels of strain, the durability of the HiSiMo material is most critically

influenced by its strength and transgranular fracture is predominant, particularly at

lower temperatures. At high strain levels, ductility is of critical importance to in-

fluence the fatigue life, and failure in HiSiMo DCI tended to occur via intergranular

fracture.

Transgranular fracture can be ductile and mediated by the mobility of dislocations,
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or it can be brittle due to the preferential breaking of atomic bonds on specific crystal-

lographic planes. The ductile mode of fracture is associated with the highest degree

of energy dissipation. On the other hand, the tendency of a material to intergranular

fracture is related to a lack of ability to plastically deform. Intergranular fracture is

a brittle, and is associated with the lowest level of energy dissipation. Intergranular

fracture thus corresponds to fatigue at high strain levels, at high temperatures, or at

the temperature of minimum ductility.

2.4.4 Summary of the Low Cycle Behavior and Failure Modes of HiSiMo

DCI

A thorough examination of the low cycle fatigue behavior of HiSiMo DCI was

conducted to learn the relevant damage modes which can influence the strain-life

behavior of the material at elevated temperatures. The key findings of the LCF

characterization of the HiSiMo DCI considered in the present study are summarized

below:

1. The fatigue strength coefficient generally decreases with temperature, and the
fatigue ductility coefficient generally increases with temperature,

2. Fatigue crack nucleation and propagation tends to occur in a transgranular
manner, except when the temperature is near 400 ◦C,

3. Fatigue crack growth tends to occur in a predominantly intergranular manner
near 400 ◦C; thus, the LCF performance is significantly reduced at 400 ◦C due
to embrittlement of the grain boundaries,

From these observations, it is clear that transgranular fracture is the most energet-

ically favorable mode of damage when the temperature and strain are low. However,

as the temperature or strain increase, intergranular fracture becomes more energet-

ically favorable. Additionally, when the temperature is near 400 ◦C, the embrittled

fracture of grain boundaries becomes energetically favorable, regardless of the applied

strain.
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CHAPTER III

Thermomechanical Fatigue Characterization

As discussed in Chapter I, exhaust manifolds and turbocharger housings are sub-

jected to severe thermal cycles throughout their lives due to the start-stop cycles of

the engine. When the hot exhaust gas flows through the interior of the manifold,

it generates mechanical strains due to the thermal gradient along the manifold wall.

The combination of thermal cycling and mechanical fatigue can, in the general case,

drastically reduce the longevity of the component compared to isothermal fatigue

behavior. For example, Jaske (1976) showed that isothermal fatigue properties are

non-conservative for cases of thermal cycling. Thus, to accurately predict the dura-

bility of high temperature engine components, it is imperative to understand the

coupled thermomechanical fatigue (TMF) behavior of the structural material.

In an effort to fully characterize the effect of coupled thermal and mechanical

cycling on the durability and failure behavior of HiSiMo DCI for a realistic range of

operating conditions, thermomechanical fatigue (TMF) tests were conducted for 62

specimens of HiSiMo DCI with varying maximum and minimum temperatures, and

hold times at the maximum temperature. The test procedures and results are de-

scribed in the following sections, along with fractography to characterize the relevant

damage processes under these loading conditions.

Portions of this chapter have been published in Avery et al. (2015).
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3.1 Generalities

TMF laboratory tests involve simultaneous cycling of temperature and strain. In

a laboratory setting, TMF cycles can be applied in-phase (IP), where the maximum

strain and temperature coincide, or out-of-phase (OP), where the maximum strain

coincides with the minimum temperature (ASTM E2368 , 2010). Figure 3.1 schemati-

cally illustrates IP and OP TMF loading. Any phasing between fully IP and fully OP

can be realized in a physical component during a typical engine load cycle, and can be

simulated in a modern TMF laboratory test. It is usually necessary to conduct tests

that are representative of both IP and OP behavior to fully characterize the TMF

behavior of a material. TMF tests are conducted under total strain control according

to

εtotal = εth + εmech (3.1)

where εth is the thermal strain, and εmech is the applied mechanical strain.

Figure 3.1: Illustration of in-phase (IP) and out-of-phase (OP) cycling of temperature
and strain.
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3.2 Test Procedure

Thermomechanical fatigue tests were conducted on specimens of HiSiMo DCI to

determine the TMF life and failure behavior of the material. Tests were conducted at

Ford’s Research and Innovation Center in Dearborn, MI. Specimens with a geometry

according to ASTM E2368 (2010) were used. Specimens were machined on a lathe

from the cast bars described in Chapter II, Section 2.2.2, and the shoulders of the

specimens were cut with threads to facilitate placement in the high-temperature grips.

Following machining, TMF specimens were polished using low-stress grinding parallel

to the longitudinal axis of the specimen. The surface of each specimen was visually

inspected and was found to be free from large machining marks or defects. The

diameter of each specimen was measured with a shadowgraph at three locations in

the reduced section of the specimen, and the average diameter was used for the

calculation of stress. The diameter measurements ranged from 7.61 to 7.63 mm with

most specimens measuring 7.62 mm.

For further details of the experimental set-up, and temperature and strain mea-

surement, the reader is referred to Chapter II, Section 2.3.1. Additional cooling

was utilized for the TMF tests via proportionally-controlled fans positioned radially

around the specimen to achieve a linear cooling rate to the lowest tested temperature.

Constant heating and cooling rates of 3.5 ◦C s−1 were used for all TMF tests such that

the total time of a TMF cycle ranged from 120 to 286 s. This resulted in a strain rate

that varied from about 1× 10−5 s−1 to about 3.5× 10−4 s−1, based on the applied

strain range and the limits of the thermal cycle.

The specimens were assembled into the test frame and the elastic modulus was

measured from ten fully elastic, isothermal cycles conducted under load control at

1 Hz. The modulus was measured for each specimen at temperatures ranging from the

minimum to the maximum test temperatures, in 50 ◦C increments to allow an accurate

calculation of the elastic and inelastic portions of strain throughout the anisothermal
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Figure 3.2: Strain-temperature loops for the stabilized zero-load cycle in the temper-
ature ranges 300 to 800 ◦C and 600 to 800 ◦C. The measured values of α for each
cycle are reported.

cycle. The specimen was then cycled from the minimum to the maximum temperature

under zero load to allow the specimen temperature to reach a dynamic equilibrium.

The thermal strain and coefficient of thermal expansion (α) were measured from the

stabilized thermal cycle. Figure 3.2 shows the thermal strain for a TMF cycle for two

temperature ranges. The slope of the curve gives the coefficient of thermal expansion.

The TMF cycles were started from the minimum temperature under total strain

control. TMF life was determined by a 50 % drop in maximum load from the stabilized

value. Tests were discontinued at 10,000 cycles.

3.3 Results

3.3.1 Effect of Reducing Minimum Cycle Temperature

The maximum service temperature for HiSiMo DCI is limited to approximately

810 ◦C to avoid the transformation of ferrite in the matrix to austenite (Sponseller

et al., 1968; Li et al., 2004). Thus, the maximum temperature used for TMF tests
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in this study was 800 ◦C. The minimum temperature of the thermal cycle was varied

from 600 to 300 ◦C to change the proportion of creep, oxidation and fatigue damage

that would accumulate in each cycle. In particular, it was of critical importance to

extend the temperature cycle below 400 ◦C to determine the influence of the embrit-

tlement on TMF life and failure behavior.

Figure 3.3 shows the strain-life curve for tests conducted with a constant max-

imum temperature of 800 ◦C, and minimum temperature from 600 to 300 ◦C. As

shown in Figure 3.3, decreasing the minimum temperature from 600 to 500 ◦C, and

again to 400 ◦C, results in a decrease in TMF life. The slope of the strain-life curve

decreases as the minimum temperature decreases. Further decreasing the minimum

cycle temperature to 300 ◦C did not result in a further loss of TMF life, and there

is no difference in the strain-life curve for minimum cycle temperatures of 300 and

400 ◦C.

For IP TMF, decreasing the minimum cycle temperature from 600 ◦C to 300 ◦C

resulted in no change in fatigue life, as shown in Figure 3.3. The IP TMF life is very

similar to the OP TMF life in the temperature range 600 to 800 ◦C, but is significantly

longer than the OP life in the temperature range 300 to 800 ◦C.

To understand the difference between the OP and IP TMF lives observed for

varying minimum cycle temperatures, the stabilized stress-strain loops were examined

for each loading case. The HiSiMo DCI was found to be cyclically stable under

conditions of OP and IP TMF, as shown in Figure 3.4. The mid-life stress-strain

loops are shown in Figure 3.5a for a mechanical strain range of approximately 0.005,

and for temperature ranges of 300 to 800 ◦C and 600 to 800 ◦C. Recall that the OP

and IP TMF lives showed no difference for the temperature range of 600 to 800 ◦C; the

fatigue lives represented in Figure 3.5a for this temperature range are 975 cycles to

failure for the OP TMF life, and 1500 cycles to failure for the IP TMF life. Conversely,

the greatest difference between OP and IP TMF life was observed for the temperature
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Figure 3.3: TMF life as a function of mechanical strain amplitude for different mini-
mum temperatures for in-phase (IP) and out-of-phase (OP) loading.

range 300 to 800 ◦C; the OP TMF life represented in the image is 29 cycles to failure

for this temperature range, and the IP TMF life is 1460 cycles to failure. Comparing

the OP and IP loops for each thermal cycle, it is clear that the area of the two loops,

as well as the strain ranges and stress ranges are very similar for the two loading

cases. The maximum stress is lower in the IP TMF case than the OP TMF case for

both thermal cycles.

When considering the thermal cycle 600 to 800 ◦C, there is no difference in the

IP and OP TMF lives, despite the maximum stress being lower in the IP TMF case.

This would suggest that the cyclic value of strain range or stress range could be used

to correlate with TMF life since the fatigue life is the same for both phasings in

this temperature range, and the cyclic quantities are also the same. However, for

the temperature range 300 to 800 ◦C, the cyclic quantities of stress range and strain

range are the same for both IP and OP TMF, but the resulting fatigue lives are very

different. Thus, the magnitude of the maximum stress seems to affect TMF life when

the minimum cycle temperature is lower, at 300 ◦C.
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In this case, it is important to remember that the IP and OP loops occur in an

anisothermal cycle, and thus the strength of the material when the maximum stress is

applied is also different for the IP and OP cases. Figure 3.5b shows the stress history

as a function of temperature for both thermal cycles and phasings. The arrows

indicate the initial loading for each cycle that starts at the minimum temperature.

By comparing the loops and loading path for both phasings, it becomes clear that the

maximum stress in the IP TMF cycle occurs at 800 ◦C, when the strength is also low.

In the OP TMF cycle, the maximum stress occurs at the minimum temperature when

the strength of the material is high. Table 3.1 compares the maximum stress σmax

at the mid-life cycle with the fatigue strength coefficient σ′f at the temperature of

the maximum stress (see Table 2.3). The ratio of the maximum stress to the fatigue

strength coefficient is nearly the same for the four TMF cases. Thus, although the

maximum stress is higher in the OP TMF case, the proportion of maximum stress to

the fatigue strength is the same for the TMF cases. Therefore, the magnitude of the

maximum stress cannot be used to correlate with TMF life without consideration of

the anisothermal cycle.

It should also be noted that the effect of the embrittlement has not yet been de-

termined for the case of TMF loading. Based on the observations made in LCF tests

conducted at 400 ◦C, it is expected that the embrittlement occurring at this tempera-

ture will also affect the TMF life and failure behavior. Fractographic examination of

specimens tested in LCF at a range of temperatures showed that the embrittlement

mechanism is active only when the temperature is near 400 ◦C. Correspondingly, a

significant reduction in low cycle fatigue life was observed when the temperature was

near 400 ◦C. A reduction in fatigue life is also seen in OP TMF when the thermal

cycle is inclusive of 400 ◦C (minimum temperature of 300 or 400 ◦C). However, no

reduction in fatigue life is observed under IP TMF loading for the same thermal cycle.

Because the temperature for both TMF cases is inclusive of 400 ◦C, the embrittlement

94



Figure 3.4: Evolution of the maximum and minimum stresses for OP and IP TMF
tests conducted with a maximum temperature of 800 ◦C and minimum temperature
of 300 or 600 ◦C.

mechanism should be active in both cases. However, it may not be equally damaging

in both cases.

It is worthwhile in this case to examine the magnitude of the strains and stresses

as they relate to the temperature of embrittlement, rather than the maximum tem-

perature. Under IP TMF, a tensile mechanical strain is applied near 400 ◦C, and the

stress is compressive. Under OP TMF, a compressive strain is applied near 400 ◦C

and the stress is tensile. Thus, if the embrittlement mechanism is contributing to

the lower fatigue life in OP TMF, the damage it contributes should be related to the

state of stress or strain experienced at the embrittled temperature. Fractographic

observations will be made in Section 3.4 to further examine the role of embrittlement

in TMF damage for HiSiMo DCI.
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(a)

(b)

Figure 3.5: Stabilized loops of IP and OP TMF tests conducted for an applied strain
of 0.005 for temperature ranges of 300 to 800 ◦C and 600 to 800 ◦C showing the
(a) stress-strain hysteresis behavior and (b) stress history during the thermal cycle.
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Table 3.1: Comparison of the maximum cyclic stress with the cyclic strength of the
HiSiMo DCI at the maximum temperature of the thermal cycle.

Thermal Cycle σmax σ′f at Tmax
σmax/σ′

f

600-800 ◦C OP 140.7 266 0.53

600-800 ◦C IP 23.4 51 0.46

300-800 ◦C OP 431.5 862 0.50

300-800 ◦C IP 29.1 51 0.57

3.3.2 Effect of Reducing Maximum Cycle Temperature

TMF tests were additionally conducted with the maximum temperature of the

thermal cycle reduced by 10 % from 800 ◦C to 720 ◦C to investigate the effect on TMF

life of varying proportions of high temperature damage mechanisms, including creep

and oxidation. Figure 3.6 shows the strain-life curve for tests conducted under both

OP and IP TMF conditions when the maximum temperature is 720 or 800 ◦C. The

minimum temperature was either 600 or 300 ◦C. Examining the OP TMF curves in

Figure 3.6, it is clear that reducing the maximum temperature of the thermal cycle

does not affect the OP TMF life. The IP TMF life is not changed by reducing the

maximum temperature when the minimum temperature is 600 ◦C. However, when

the minimum temperature is 300 ◦C, a significant improvement in IP TMF life is seen

by reducing the maximum temperature.

The HiSiMo DCI was found to be cyclically stable under TMF loading when the

maximum temperature was 720 ◦C, as shown in Figure 3.7. The mid-life hysteresis

loops were examined to understand differences in the stress-strain response that could

explain the improvement seen in the IP TMF life, and the similarity of OP TMF life

when the maximum cycle temperature was reduced. Figure 3.8 shows both OP and

IP stress-strain loops for thermal cycles of 300 to 720 ◦C, 300 to 800 ◦C, 600 to 720 ◦C

and 600 to 800 ◦C. The stress range and area of the loops are similar whether the

maximum temperature is 720 or 800 ◦C. There is also no difference in the loops

97



when comparing the IP and OP cases for the different temperature ranges. The

cyclic quantities of strain range and stress range are then similar for either maximum

temperature and for both phasings, and the difference in IP TMF life cannot be

explained by differences in the cyclic quantities.

Recall that TMF loops occur in an anisothermal cycle, and that the maximum

stress occurs at the maximum temperature for IP TMF. In this case, when the same

stress is experienced, as shown in the stress-strain loop, a lower temperature is present.

The strength of the material is higher due to the lower temperature, and the stress

is less damaging. This explanation for the improvement in life is consistent with the

observations of the 300 to 800 ◦C IP TMF tests. However, no change in IP TMF

life occurs when the minimum temperature is 800 ◦C. It is necessary in this case to

perform fractography of the tested specimens to understand the differences in the

failure modes that might lead to a different influence of the thermal cycle on life.

In the case of the OP TMF, the maximum temperature coincides with a compres-

sive stress. For a minimum temperature of 600 or 300 ◦C, there is no difference in OP

TMF life by reducing the maximum temperature, which suggests that the damage due

to a compressive stress is fairly insensitive to temperature for this range. This may

be due to the much higher strength that HiSiMo DCI should exhibit in compression

than in tension (Ductile Iron Society , 1998). Fractography is necessary to confirm

the dominant mechanisms which cause failure in OP TMF for various thermal cycles.
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Figure 3.6: TMF life as a function of mechanical strain amplitude for different thermal
cycles in in-phase (IP) and out-of-phase (OP) loading.

Figure 3.7: Evolution of the maximum and minimum stresses for OP and IP TMF
tests conducted with a maximum temperature of 720 ◦C and minimum temperature
of 300 or 600 ◦C.
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Figure 3.8: Comparison of the stress-strain response under OP and IP TMF for tests
conducted with minimum cycle temperatures of 300 or 600 ◦C, and maximum cycle
temperatures of 720 (solid lines) or 800 ◦C (dashed lines).

3.3.3 Effect of a Strain Hold at the Maximum Temperature

Finally, a limited number of tests were conducted in OP TMF with a strain hold

at the maximum temperature to simulate the sustained high-temperature operation

of the engine. In general, a strain hold could increase damage and result in shorter

life by introducing additional damage due to creep. The duration of the hold was

either 60 s or 600 s, and the maximum temperature was 720 or 800 ◦C. The strain-

life data are shown in Figure 3.9 along with the fitted curve for OP TMF without

a hold for the temperature ranges 300 to 800 ◦C to allow comparison of the fatigue

lives. However, there is no remarkable difference in fatigue life between tests with

and without a hold, regardless of the maximum temperature. Both hold durations

resulted in similar TMF life.

Stress relaxation did occur during the hold time. Figure 3.10 shows the stress

history over the stabilized TMF cycle. The inset in Figure 3.10 shows a magnified

view of the hold period. At both maximum temperatures, the small compressive
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Figure 3.9: TMF life for specimens tested under OP conditions with a strain hold at
the maximum cycle temperature. The curves show the trend of the OP TMF data
without a hold at 300 to 800 ◦C for reference.

stress relaxes slightly. The extent of relaxation does not change for the two durations

of hold considered in this study. Furthermore, because the compressive stress is small

in this case, no change is measurable in the mean stress over the duration of the test

due to the addition of a hold time. Figure 3.11 shows the evolution of the maximum

and minimum stresses for specimens tested at a strain amplitude of about 0.002.

Thus, the addition of a strain hold at the maximum temperature of the OP TMF

cycle did not introduce additional damage that reduced the fatigue life.
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Figure 3.10: Stabilized stress-strain loops for OP TMF tests conducted with a maxi-
mum temperature of 720 or 800 ◦C with a strain hold of 60s or 600s at the maximum
temperature.

Figure 3.11: Evolution of the maximum and minimum stresses for OP TMF tests
conducted with a strain hold at the maximum temperature of 720 or 800 ◦C, and a
minimum temperature of 300 ◦C.
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3.4 Examination of Damage Mechanisms

TMF is a complex process that involves the interaction of fatigue, oxidation and

creep. In addition, HiSiMo DCI undergoes a severe embrittlement at 400 ◦C which

has shown to affect the OP TMF, but not the IP TMF life. In general, each dam-

age mechanisms is temperature-dependent and it is not possible to know a priori

which mechanisms are predominant in an anisothermal cycle. An investigation of the

damage mechanisms was conducted to identify the key attributes of failure as the

temperature limits and phasing of the TMF cycle change. Examined specimens were

tested under various thermal cycles, and at both high and low strain ranges in order

to gain a comprehensive understanding of the damage modes active in TMF.

3.4.1 IP TMF

For specimens tested in IP TMF, fracture tended to initiate around the surface of

the specimen due to cracks in the oxide layer. Figure 3.12 shows optical microscope

images of the surfaces of specimens tested with a maximum temperature of 720 or

800 ◦C, and a minimum temperature of 300 or 600 ◦C. The difference in thermal

expansion between the oxide layer and the substrate leads to the ribbon-like fracture

of the oxide. A lower minimum temperature results in a greater extent of oxide

fracture due to the greater difference in thermal strain between the oxide and the

substrate, as shown in Figure 3.12a and Figure 3.12c.

Figure 3.13 shows optical microscope images of the fracture surfaces obtained in

IP TMF for various thermal cycles which are noted in the individual images. The

white dashed lines separate the regions of TMF fracture and final tensile fracture.

The flat regions of oxide intrusion where the TMF cracks initiate are evident at the

circumference of the fracture surfaces. SEM images of these regions in Figure 3.14 to

Figure 3.17 show that thick oxide layer is present which obscures the features of the

fracture surface. Despite the broad regions around the specimen surface where the

103



oxide intrusion nucleates the TMF cracks, failure tends to be dominated by a primary

crack.

Longitudinal cross-sections of specimens tested under IP TMF in Figure 3.18 show

that oxide intrusion occurs in a transgranular fashion, regardless of the temperature

range. The oxide intrusion is fairly narrow, which indicates that when the oxide

layer fractures, it does not additionally detach from the substrate. Instead, fresh

metal is exposed at the tip of the crack, and this subsequently re-oxidizes. Once the

new oxide layer reaches a critical thickness, it fractures again, resulting in a deeper

and deeper penetration of the oxide into the substrate. The TMF crack propagates

predominantly by the mechanism of oxide intrusion. After the crack front passes,

the oxide additionally penetrates the fracture surface, creating a rough profile of the

substrate underneath the oxide layer. Based on the penetration of the oxide layer

into the fracture surface, the rate of oxidation along the grain boundaries is not

significantly faster than the rate of oxidation of the bulk material; this results in a

oxidation front that progresses fairly uniformly into the fracture surface.

When the maximum temperature of the IP TMF cycle is 800 ◦C, decarburization

occurs in the graphite nodules which results in an irregular appearance of the graphite

nodules in the cross-section. Additionally, grain boundary fracture due to creep

deformation is evident in the bulk material when the maximum temperature is 800 ◦C.

However, the intergranular damage appears to be more important to the crack growth

process once the TMF crack has already propagated over a significant distance.
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(a) (b)

(c) (d)

Figure 3.12: Optical microscope images showing the fracture of the surface oxide in
specimens tested under IP TMF for the temperature ranges (a) 300 to 720 ◦C, (b) 600
to 720 ◦C, (c) 300 to 800 ◦C, and (d) 600 to 800 ◦C.
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(a)

(b)

Figure 3.13: Optical microscope images of the fracture surfaces of specimens tested
under IP TMF for the temperature ranges (a) 300 to 720 ◦C and (b) 600 to 720 ◦C.
Continued on next page, (c) 300 to 800 ◦C, and (d) 600 to 800 ◦C.
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(c)

(d)

Figure 3.13: Continued from previous page.
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Figure 3.14: SEM images of the fracture surface in the region of TMF crack growth
by oxide intrusion for specimens tested in IP TMF for 300 to 720 ◦C.

Figure 3.15: SEM images of the fracture surface in the region of TMF crack growth
by oxide intrusion for specimens tested in IP TMF for temperature ranges of 600 to
720 ◦C.
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Figure 3.16: SEM images of the fracture surface in the region of TMF crack growth
by oxide intrusion for specimens tested in IP TMF for 300 to 800 ◦C.

Figure 3.17: SEM images of the fracture surface in the region of TMF crack growth
by oxide intrusion for specimens tested in IP TMF for 600 to 800 ◦C.
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(a)

(b)

Figure 3.18: Optical microscope images of the longitudinal cross-section in specimens tested in IP TMF for temperature ranges
of (a) 300 to 720 ◦C and (b) 600 to 720 ◦C. Continued on next page, (c) 300 to 800 ◦C, and (d) 600 to 800 ◦C.
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(c)

(d)

Figure 3.18: Continued from previous page.
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3.4.2 OP TMF

As in the case of IP TMF, OP TMF cracks initiate due to the fracture of a surface

oxide which subsequently penetrates the substrate. end to initiate due to fracture of

the oxide which grows into the metal substrate. Figure 3.19 shows the surface of

specimens tested in OP TMF under various thermal cycles. Many small cracks are

present in the oxide layer. When the minimum temperature is 600 ◦C, the oxide

fractures in a ribbon-like pattern, similar to the IP TMF case. However, when the

minimum temperature is 300 ◦C, the fracture of the oxide layer has a more irregular

pattern.

The fracture surfaces are examined under optical microscope in Figure 3.20. The

white dashed lines separate the regions of tensile fracture from those of TMF fracture.

A flat area at the circumference of the fracture surface related to the oxide intrusion is

readily evident in specimens where the minimum temperature is 600 ◦C. Additionally,

the depth of the oxide intrusion is greater when the maximum temperature is 800 ◦C

than when it is 720 ◦C, for either minimum temperature.

When the minimum temperature is 600 ◦C, the fracture surface is covered with

a thick oxide that obscures the features, as seen in Figure 3.22 and Figure 3.24 for

maximum temperatures of 720 and 800 ◦C, respectively. In this case, the predominant

mode of TMF crack propagation can be determined from examination of the longi-

tudinal cross-sections in Figure 3.25b and Figure 3.25d, respectively, for the same

specimens examined under SEM. From the longitudinal sections, it is evident that

the fatigue crack propagates in a transgranular manner for a short distance at the

location of an oxide intrusion. As the fatigue crack propagates, failure occurs by

mixed transgranular and intergranular fracture.

Similarly, when the minimum temperature is 300 ◦C, for either maximum tem-

perature, failure occurs predominantly by a mix of transgranular and intergranular

fracture as shown in Figure 3.21a and Figure 3.23a. However, intergranular facets, as
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seen in Figure 3.21b and Figure 3.23b are far more prevalent on the fracture surfaces

for the lower minimum temperature. Chemical analysis performed on the fracture

surfaces with EDS shows the presence of small quantities of magnesium for all ther-

mal cycles, confirming the presence of grain boundaries at the fracture surface. In

specimens tested with a minimum temperature of 300 ◦C, the content of magnesium

is much higher, which indicates that grain boundary fracture was more extensive for

the lower minimum temperature. Examination of the longitudinal cross-sections for

a minimum temperature of 300 ◦C in Figure 3.25a and Figure 3.25c reveals that the

fatigue crack initiates at the location of an oxide intrusion. However, when compared

to the higher minimum temperature, the extent of oxidation on the fracture surface

is far less extensive.

A high content of magnesium on the fracture surface, along with pearlite-promoting

elements, is consistent with the fracture surface that was observed in isothermal LCF

due to damage caused by 400 ◦C embrittlement. The content of magnesium at the

fracture surface is high when the thermal cycle includes 400 ◦C, which indicates the

embrittlement mechanism was damaging in this case, and contributed to the growth

of the TMF crack.
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(a) (b)

(c) (d)

Figure 3.19: Optical microscope images showing the fracture of the surface oxide
in specimens tested under OP TMF for the temperature ranges (a) 300 to 720 ◦C,
(b) 600 to 720 ◦C, (c) 300 to 800 ◦C, and (d) 600 to 800 ◦C.
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(a)

(b)

Figure 3.20: Optical microscope images of the fracture surfaces of specimens tested
under OP TMF for the temperature ranges (a) 300 to 720 ◦C and (b) 600 to 720 ◦C.
Continued on next page, (c) 300 to 800 ◦C, and (d) 600 to 800 ◦C.
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(c)

(d)

Figure 3.20: Continued from previous page.
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(a)

(b)

Figure 3.21: SEM images of (a) the fracture surface in the region of TMF crack
initiation for a specimen tested in OP TMF at 300 to 720 ◦C and (b) intergranular
fracture.
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Figure 3.22: SEM image of the fracture surface in the region of TMF crack initiation
for a specimen tested in OP TMF at 600 to 720 ◦C.
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(a)

(b)

Figure 3.23: SEM images of (a) the fracture surface in the region of TMF crack
initiation for a specimen tested in OP TMF at 300 to 800 ◦C and (b) intergranular
fracture.
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Figure 3.24: SEM image of the fracture surface in the region of TMF crack initiation
for a specimen tested in OP TMF at 600 to 800 ◦C.
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(a)

(b)

Figure 3.25: Optical microscope images of the longitudinal cross-section in specimens tested in OP TMF for temperature ranges
of (a) 300 to 720 ◦C and (b) 600 to 720 ◦C. Continued on next page, (c) 300 to 800 ◦C, and (d) 600 to 800 ◦C.
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(c)

(d)

Figure 3.25: Continued from previous page.
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3.5 Discussion

Crack initiation in both phasings occurs by fracture of the surface oxide layer, and

subsequent penetration of the oxide into the specimen via repeated fracture and re-

oxidation of the fresh metal at the crack tip. In IP TMF, this mechanism dominates

the majority of the TMF crack growth process. The IP TMF life is similar for the

thermal cycles considered, and a measurable improvement in IP TMF life occurs

only when both the minimum and maximum temperature of the thermal cycle are

significantly reduced. The rate of oxidation is slower at lower temperatures, and thus

it would take more time for the oxide layer at the crack tip to reach the critical

thickness.

In OP TMF, the penetration of the oxide contributes far less to the overall TMF

damage. While this mechanism causes the initiation of the fatigue crack, the propaga-

tion of the crack is significantly influenced by the fracture of both the grain boundaries

and the nodules. Particularly when the OP TMF cycle is inclusive of 400 ◦C, the frac-

ture of embrittled grain boundaries contributes greatly to the TMF damage, as shown

by fractographic observations of tested specimens. The TMF life is shorter in this

case indicates that the fracture of embrittled grain boundaries occurs more quickly

than fracture by either oxide intrusion (in IP TMF) or by transgranular linking of

fractured nodules (in OP TMF with high minimum and maximum temperatures).

The embrittled mechanism is active only when the temperature of the test is near

400 ◦C, as shown by tensile and LCF tests conducted various intermediate tempera-

tures. However, the fractographic findings of this study show that the embrittlement

is only damaging in OP TMF. Recall from Section 3.3.1 that the OP TMF loop

features a compressive strain and a tensile stress near 400 ◦C, while the IP TMF

loops features a tensile strain and a compressive stress near 400 ◦C. A tensile stress

would result in the opening of the grain boundaries perpendicular to the applied load,

and this would be more conducive to the development of a crack than a compressive
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stress, which would close a crack. Thus, the application of a tensile stress near 400 ◦C

is necessary for the embrittlement mechanism to be damaging. The application of

a compressive stress near 400 ◦C does not result in damage from the embrittlement

mechanism, although it is active at this temperature.

Wu et al. (2015) conducted a study of the TMF life and failure modes of a HiSiMo

DCI alloy and concluded that fracture in OP TMF occurred by either plasticity or

oxidation when the stress was high. Fracture in IP TMF was attributed to plasticity

and the growth of internally distributed damage via creep or 400 ◦C embrittlement.

Tests were conducted with the mechanical strain 180◦ out-of-phase with the thermal

strain for the OP case, and 0◦ out-of-phase in the IP case, as in the current study.

However, the extensive experimental work and fractographic analysis conducted in

the dissertation work shows that damage by oxidation contributes more to the growth

of the TMF crack in the IP case, and the embrittlement mechanism does not con-

tribute to damage in the IP TMF case. Instead, 400 ◦C embrittlement is damaging

only in the case of OP loading. Furthermore, the authors posited that damage by

internally-distributed defects from either creep or 400 ◦C embrittlement would result

in similar rate of damage accumulation, and combined consideration of both mecha-

nisms in their damage model. However, the dissertation work shows that damage by

the embrittlement mechanism accumulates at a much faster rate than other modes of

damage. This is evidenced by the very short TMF lives observed where the embrit-

tlement was found to be damaging.

Thus, the modes of damage which are found by the dissertation work to be pre-

dominant in TMF loading of HiSiMo DCI are not correctly accounted for in the

existing models for TMF damage in the material.
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3.6 Summary of the Thermomechanical Fatigue Behavior and

Failures Modes of HiSiMo DCI

A thorough examination of the thermomechanical fatigue behavior of HiSiMo

DCI was conducted to learn the relevant damage modes which influence the strain-

life behavior of the material under anisothermal cycling. The key findings of the TMF

characterization of the HiSiMo DCI considered in the present study are summarized

below:

1. The TMF crack initiates due to fracture of the surface oxide layer for all the
thermal cycles considered,

2. IP TMF crack propagation occurs by the cyclic fracture and regrowth of an oxide
intrusion, leading to similar IP TMF life for the thermal cycles considered,

3. OP TMF life is generally less than IP TMF life for the various thermal cycles
considered,

4. The primary mechanism of crack growth in the OP TMF case depends on the
temperature; when the thermal cycle includes 400 ◦C, the embrittlement of grain
boundaries dominates the crack growth process and results in very short TMF
lives,

5. The 400 ◦C embrittlement of HiSiMo DCI is damaging only when a tensile stress
is applied.

3.7 Comparison of TMF and LCF Failure Modes

The anisothermal cycling of TMF loading introduces a new form of damage in

the cyclic fracture of the surface oxide, and subsequent oxide intrusion, that was

not observed in isothermal LCF tests. This occurs due to the mismatch in thermal

strains of the oxide layer and the metal substrate. However, comparing the OP and

IP TMF life for 600 to 800 ◦C to the isothermal LCF life at 800 ◦C in Figure 3.26a,

it is clear that the fatigue lives are similar for all three loading cases for the same

mechanical strain amplitude. Thus, this introduction of this mechanism does not

greatly influence the rate of TMF damage accumulation.
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When considering the mechanism of 400 ◦C embrittlement, which is active in both

isothermal and anisothermal cycling, a significant different is found between LCF and

OP TMF life. Figure 3.26b compares the isothermal LCF at 400 ◦C with the OP TMF

tests where the thermal cycle includes 400 ◦C. The OP TMF life is significantly less

than the isothermal LCF life for the same mechanical strain amplitude. This suggests

that the embrittlement mechanism contributes a greater degree of damage in the OP

TMF case than in the isothermal case. Recalling that the 400 ◦C embrittlement is

damaging only when a tensile stress is applied, it is important to realize that half of

each LCF occurs during a compressive stress. Thus, less damage by embrittlement

can occur in an isothermal, fully reversed cycle.
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(a)

(b)

Figure 3.26: Comparison of the LCF and TMF lives where (a) the LCF cycle occurs
at 800 ◦C and the TMF cycle occurs at 600 to 800 ◦C, and (b) the LCF cycle occurs
at 400 ◦C and the TMF cycle has a minimum temperature of 300 or 400 ◦C.
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CHAPTER IV

TMF Life Prediction by Linear Damage

Summation

A 1991 survey of the evolution of creep-fatigue life prediction models revealed

the existence of more than 100 models or variations of models used for cyclic crack

initiation life (Halford , 1991). However, while each has, to some extent, been success-

ful in predicting fatigue life for a specific set of data, most lack sufficient generality

which would allow them to achieve widespread acceptance. According to Manson

and Halford (2009), the number of creep-fatigue models proposed in the early 1990’s

increased at an average rate of about 5 per year, though the rate has decreased in

more recent years due to a reduction in funding for this area of research in industry

and academic settings.

4.1 Review of High Temperature Life Prediction Criteria

Brief descriptions of key models are given below to provide a historical framework

for the discussion on a proposed modeling technique that follows later in the chapter.
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4.1.1 Coffin-Manson Relation

In the 1950’s, Manson (1953) in the United States and Coffin (1954) in the United

Kingdom independently developed a description relating the high temperature fatigue

life to the inelastic strain of a material. The so-called Coffin-Manson equation was

introduced in Equation 2.1, and is given by

∆εin
2

= ε′f (2Nf )c (4.1a)

where ∆εin is the inelastic strain range, ε′f is the fatigue ductility coefficient, and c

is the fatigue ductility exponent.

Coffin (1973) later modified this relationship to a frequency-modified form given

by

∆εin
2

= ε′f (2Nf ) νk1 (4.1b)

where ν is the frequency and k is a temperature-dependent constant. While the

frequency-modified life equation has demonstrated some utility to explain the effect

of hold times, strain rate and asymmetric straining on certain materials under isother-

mal conditions, this model contains inherent ambiguity in identifying the meaning of

plastic strain range when both time-independent and time-dependent damage pro-

cesses are present. Consequently, further models were proposed to account more

explicitly for high temperature damage mechanisms.

4.1.2 Time- and Cycle-Fraction Rule

Robinson (1952) proposed that creep damage occurring at a given stress and

temperature could be estimated by t/tr where t is the time duration of an applied

stress and tr is the time to rupture under the given conditions. Taira (1962) later

proposed a similar relation for the fatigue damage, such that for n/Nf , n is the number

of applied cycles and Nf is the number of cycles to cause fatigue failure under the
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same conditions. The Time- and Cycle-Fraction Rule is then given by

∑ t

tr
+
∑ n

Nf

= K (4.2)

where the constant K is a characteristic of a material. The Time- and Cycle-Fraction

Rule was adopted by the ASME Boiler and Pressure Vessel Piping Code in 1986

to provide a prediction of fatigue life for nuclear plant components which undergo

combined creep and fatigue (American Society of Mechanical Engineers , 1986). While

this method is generally capable of handling the effect of combined creep and plastic

strain on life, the quality of fatigue life prediction varies drastically based on the

actual interaction effect of creep and cycling, as shown by the results of Kitagawa

and Weeks (1973), Jaske et al. (1973) and Manson (1973). To mitigate this concern,

the PVP community codified the use of special creep-rupture and fatigue master

curves that are based on a large number of tests to provide routinely conservative life

estimates (American Society of Mechanical Engineers , 1986). A modified time-cycle

fraction rule has also been applied to cumulative damage methods (Bui-Quoc and

Biron, 1977; Bernard-Connolly et al., 1978; Lemaitre and Pumtree, 1979; Bui-Quoc

and Gomuc, 1983; Wilshire and Owen, 1983).

4.1.3 Strain-Range Partitioning

Strain-range partitioning (SRP) further clarifies the high temperature fatigue life

prediction by explicitly considering the effect of cyclic creep, and the interaction

of creep and plasticity (Manson et al., 1971; Manson and Halford , 2009). SRP is

based on a generalization of the Manson-Coffin equation where the inelastic strain

is divided into four segments: plastic strain reversed by plastic strain (PP), plastic

strain reversed by creep strain (PC), creep strain reversed by plastic strain (CP) and

creep strain reversed by creep strain (CC). The cycles described by each of these
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components is shown schematically in Figure 4.1. Three of the four can be present

in any proportion in a given stress-strain cycle, with PC and CP being mutually

exclusive. The general form of the strain-life relationships is given by

∆εij = Aij(Nij)
cij (4.3)

where ij = PP, PC, CP, and CC. Aij and cij are material constants which must be

determined for each type of cycle.

SRP has shown good applicability to a wide range of materials, including austenitic

and ferritic stainless steels, low- and high-alloy steels, various superalloys (nickel-,

cobalt- and tantalum-base) and titanium alloys (Hirschberg and Halford , 1976; Hal-

ford et al., 2000; Lui et al., 2000). While the apparent simplicity of the SRP model

is attractive, it is imperative that the experimental characterization accurately dis-

tinguish plastic strain from creep strain to allow the determination of the model

parameters. The separation of the plastic and creep portions of the inelastic strain is

not trivial in the general case. This is one the key difficulties faced when implementing

the SRP method for estimating fatigue life.

131



(a) (b)

(c) (d)

Figure 4.1: Schematic illustrations of the SRP loops described by (a) PP, (b) PC,
(c) CC, and (d) CP. From Manson et al. (1971).

4.1.4 Damage Rate Accumulation

First introduced in 1976 by Majumdar and Maiya, the method of Damage Rate

Accumulation, as it was termed by the authors, is based on the treatment of creep-

fatigue as a propagation-controlled problem, where creep damage ahead of the fatigue

crack affects crack growth rate, and vice versa. The researchers experimentally ob-

served that the elevated-temperature failure of austenitic stainless steels resulted in

fracture surfaces that exhibited features which depend on strain rate, temperature,

environment, hold time and loading sequence. They consequently proposed a general-

ized damage-rate equation to reflect the interaction between a crack and cavities in a

given environment. The recognition and experimental verification of two independent

mechanisms of damage accumulation (crack growth and void growth) which evolve

simultaneously is of great importance to the development of theories at the time. The

original equation was further modified by Majumdar and Maiya (1979) to account

for creep damage occurring by grain-boundary cavitation (in addition to bulk creep
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damage), resulting in the final formulation:

1

a

da

dt
= T or C

[
1 + α ln

(
c

co

)]
[|εp|]m[|ε̇p|]k (4.4)

where T and C denote tensile and compressive loading, respectively, α and co are

material constants, and m and k are constants that do not depend on temperature or

strain rate (Majumdar and Maiya, 1980). Damage Rate Accumulation was success-

fully applied to austenitic stainless steels for power plant applications, where grain

boundary cavitation is of critical importance to the failure of structural components,

and to TMF loading of an austenitic stainless steel where IP TMF was found to

be more damaging than any other isothermal or anisothermal condition (Majumdar ,

1987).

4.1.5 Fracture Mechanics Approaches for Crack Propagation

More recent models for the prediction of high temperature fatigue life have been

based on the concept that damage due to creep or oxidation can modify the fa-

tigue crack growth rate. Wareing (1977) recognized that high temperature fatigue is

bounded by two extremes: in the absence of creep, the rate of damage accumulation

is controlled by the size of the plastic zone ahead of the crack tip. However, in the

presence of extensive creep, the rate of damage accumulation is commensurate with

the rate of creep in the bulk material. When considering both damage mechanisms

acting simultaneously in creep-fatigue, the effect of creep cavity growth ahead of the

crack tip is similar to using crack tip opening displacement (CTOD). In this case,

modified fracture mechanics parameters may be used (Wareing , 1977; Tomkins , 1981;

Jaske, 1983). Even when cavities are not present but creep damage is accumulating,

the crack tip stress/strain fields are still modified (Tien et al., 1985). For example,

intergranular damage and grain boundary sliding are both creep-related damage pro-
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cesses which influence the crack tip plastic zone (Min and Raj , 1978; Baik and Raj ,

1982a,b; Levaillant and Pineau, 1982; Rie and Schmidt , 1987).

Reuchet and Rémy (1979) found that time-dependent bulk damage accumulated

in a cobalt-base superalloy at high temperatures which led to a substantial decrease

in fatigue life. The decrease in fatigue life at high temperatures was shown to result

from quicker fatigue crack initiation due to oxidation damage, and also an increased

rate of fatigue crack propagation due to oxidation and creep damage (Reuchet and

Rémy , 1979).

Saxena and Bassani (1984) proposed an oxidation-modified crack growth law in-

volving the stress intensity factor range (∆K) for long crack growth where oxidation

kinetics were included at the crack tip. Oxidation in this case followed a parabolic

relation to the duration of a hold time for the steels and Ni-based superalloys which

were studied. Liu and Oshida (1986) implemented a similar model based on linear

elastic fracture mechanics as modified by grain boundary oxidation. In this case, the

fatigue-oxidation crack growth rate was found to increase linearly with hold time or

strain rate.

4.2 Predictions of TMF Life

4.2.1 From Isothermal Methods

Halford and Saltsman (1987) attempted to predict TMF life from isothermal data

by assuming a time- and temperature-independent failure criterion for three basic

prediction models, including total strain range, inelastic strain range, and the Oster-

gren approach. The Ostergren method, introduced by Ostergren (1976), is based on

the inelastic strain energy dissipated due to a tensile stress according to

WT =

∮
α (σ − σo) dεin (4.5)
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where σt is the maximum tensile stress and σo is the mean stress. In the study

by Halford and Saltsman (1987), the inelastic strain range criterion gave the most

reasonable interpretation of TMF behavior, while the total strain range and Ostergren

parameters required improbable material flow and/or failure behavior to produce

numerically correct TMF life predictions due to the unique damage introduced during

a TMF cycle by time- and temperature-dependent effects (Halford and Saltsman,

1987). Skelton (1978) found that isothermal fatigue life at the maximum temperature

of the thermal cycle could provide conservative estimates for the OP TMF life in a

0.5Cr-Mo-V steel. Other authors have also attempted to predict the fatigue life from

the isothermal fatigue life at a particular temperature in the thermal cycle – use of the

maximum, minimum or equivalent temperature of the thermal cycle have all shown

some degree of success (American Society of Mechanical Engineers , 1984; Swindeman

and Douglas , 1959; Taira, 1973), as has predicting TMF life from the temperature of

minimum isothermal fatigue resistance (Spera, 1969).

The plurality of TMF life prediction schemes based on isothermal data indicates,

as reported by Karasek et al. (1988), that the utility of isothermal fatigue life to pre-

dict TMF life is highly dependent on the range of the thermal cycle with respect to

the activation temperatures of the high temperature damage mechanisms. Thus, the

temperature level where isothermal fatigue life predictions could provide satisfactory

predictions of TMF life is not known a priori. This is because, at elevated tem-

peratures, environmental and creep effects on life can become significant, and both

mechanisms are activated simultaneously to lower the fatigue life. These damage

mechanisms change with strain range, temperature, phasing between mechanical and

thermal strain, and strain rate; in most cases, the strain-temperature variation with

time and the material condition will dictate which mechanism is the most damaging

(Neu and Sehitoglu, 1989b). A general TMF prediction model must not be restricted

to a few strain rates, temperatures, or strain ranges.
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4.2.2 Neu-Sehitoglu Model (Linear Damage Summation)

Due to the limitations of correlating isothermal temperature performance with

non-isothermal durability, it is important to recognize that critical structural com-

ponents undergo a complicated temperature-strain history which cannot be easily

interpreted from an isothermal framework. According to a recent review conducted

by Manson and Halford (2009), the current state-of-the-art for predicting TMF life is

a mechanistic model proposed by Professor Huseyin Sehitoglu and his graduate stu-

dents at the University of Illinois at Urbana-Champaign (Neu and Sehitoglu, 1989a,b).

This model is based on physical damage measurements which are identified with mea-

sures of lifetime under conditions of interacting oxidation, creep and fatigue. The

Neu-Sehitoglu model is based on a linear damage summation of fatigue, creep and

oxidation damages as

Dtotal = Doxidation +Dcreep +Dfatigue (4.6a)

1

Nf

=
1

N oxidation
f

+
1

N creep
f

+
1

N fatigue
f

(4.6b)

where the damage by each mechanism accumulates per cycle. The fatigue damage is

given by the strain-life relationship at room temperature such that

∆εmech

2
=
σ′f
E

(
2N fat

f

)b
+ ε′f

(
2N fat

f

)c
(4.7)

where ∆εmech is the total mechanical strain range, σ′f is the fatigue strength coeffi-

cient, E is the Young’s modulus, b is the fatigue strength coefficient, ε′f is the fatigue

ductility coefficient, and c is the fatigue ductility exponent. None of the fatigue

damage parameters vary with temperature.

Oxidation-fatigue damage is considered by Neu and Sehitoglu (1989b) to occur in

two distinct ways. Type I oxide growth is characterized by a continuous oxide layer
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which forms on the metal surface, and ruptures upon reaching a critical thickness,

hf1. A new oxide layer forms on the freshly exposed crack tip and fractures again

upon reaching a new critical thickness, hf2, and so on. In this way, the crack advance

is aided by fracture of the oxide layer. In Type II oxide growth, the fracture of the

oxide layer causes it to also detach from the surface, exposing a larger fresh surface for

new oxidation, resulting in a wider intrusion. Type II oxidation is characterized by

a stratified appearance, while Type I results in a continuous layer of oxidation. Neu

and Sehitoglu (1989b) proposed a unified oxidation-fatigue damage term to account

for either oxidation mechanism that is given by

1

N oxidation
f

=

[
hcrδo

BΦoxidationKeff
p

]−1/β 2(∆εmech)
2/β+1

ε̇(1−a/β)
(4.8)

where hcr is the critical oxide length up to which crack growth is dominated by

environmental attack, ε̇ is the total strain rate, δo is a material constant related to

the ductility of the oxidized metal, and a, B and β are constants. Φoxidation is an

experimental parameter that accounts for different mechanical-thermal phasings and

is given by the equation

Φoxidation = exp

[
−1

2

(
εth/εmech + 1

ξoxidation

)2
]

(4.9)

where ψoxidation is an empirical parameter. A fully-constrained OP TMF test results in

a value of Φoxidation = 1. This represents the most damaging case for oxidation-fatigue

damage.

Keff
p is the effective oxidation constant for parabolic growth of an oxide of Type

I or Type II. It is assumed in this case that the oxide penetrates the metal substrate
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to form a dominant crack. The form of Keff
p is given by

Keff
p =

1

tc

tc∫
0

Doe
(−Q/RT (t))dt (4.10)

where Do is the diffusion coefficient and Q is the activation energy for oxidation. It is

important to note that the use of an effective oxidation constant accounts for the net

kinetic resulting from the growth of different oxide layers, as well as the accelerated

oxidation rate due to repeated exposure of fresh metal at the crack tip averaged over

the duration of the thermal cycle. The effective parabolic constant is consequently

larger than would be measured from static oxidation tests.

Finally, creep-fatigue damage is described by

Dcreep = Φcreep

tc∫
0

Ae(−∆H/RT (t))

[
α1σ + α2σH

K

]m
dt (4.11)

where K is the drag stress in the unified constitutive equation developed by Neu and

Sehitoglu (1989a), α1 and α2 are coefficients accounting for the difference in creep

damage occurring in tension and compression, σ is the effective multiaxial stress, σH

is the hydrostatic component of stress, ∆H is the activation energy for creep, and

A and m are material constants. Φcreep is the mechanical-thermal phasing factor for

creep-fatigue damage (similar to that for oxidation), and is given by

Φcreep = exp

[
−1

2

(
εth/εmech − 1

ξcreep

)2
]

(4.12)

where ψcreep is an empirical constant. Φcreep provides a measure of the relative amount

of creep-fatigue damage for different thermal strain ratios. The expression for creep

in Neu-Sehitoglu’s formulation explicitly accounts for both tensile and compressive

creep, and the importance of each is determined by the experimental coefficients α1
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and α2.

While the Neu-Sehitoglu model relies on the linear summation of each damage

mode, it is important to recognize that the interaction of modes is implicitly included

in the phasing factors, Φoxidation and Φcreep. These factors can be interpreted from

experimental data and relate the different rates of damage accumulation due to ox-

idation and creep that occur in different thermal cycles. The Neu-Sehitoglu model

employs a very large number of experimental parameters which should be experimen-

tally determined, and this is the predominant difficulty in applying the Neu-Sehitoglu

model for predictive purposes. Nevertheless, it is a sophisticated and thorough model

for TMF damage that has been successfully used to predict the TMF life of a high

carbon steel for a rail application (Neu and Sehitoglu, 1989b) and various aluminum

alloys for automotive applications (Su et al., 2002; Minichmayr et al., 2008).

4.3 Prior Work on TMF Life Prediction of HiSiMo DCI

Previous researchers have examined the constitutive and fatigue behaviors of duc-

tile cast iron under conditions of isothermal and thermomechanical cycling. Charkaluk

and Constantinescu (2000) compared the low cycle fatigue behavior of SiMo cast

iron with several measures of fatigue damage, including plastic strain amplitude, the

Smith-Watson-Topper parameter, and tensile hysteretic energy, and found that the

dissipated energy per cycle provides the best correlation with experimental observa-

tions of fatigue life.

Hazime et al. (2003) examined the high temperature fatigue behavior of a HiSiMo

DCI exhaust manifold subjected to thermal cycling, and devised a fatigue life predic-

tion scheme based on the Strain Range Partitioning method. In this case, the authors

attributed the majority of damage to creep deformation and used a commercially-

available constitutive model to distinguish the plastic and creep components of the

inelastic strain.
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Kim et al. (2009) conducted a study of the high temperature fatigue properties for

HiSiMo DCI at room temperature, 600 and 800 ◦C. The authors found that fatigue

failure at high temperatures was influenced by an increased rate of oxidation and cyclic

softening of the material, but found that the Coffin-Manson relationship provided a

reasonable description of the strain-life behavior at the tested temperatures.

Szmytka et al. (2010) constructed a unified elastoviscoplastic constitutive model

for SiMo cast iron based on dislocation theory. The constitutive model was applied

by Benoit et al. (2012) to predict the TMF life of an automotive exhaust manifold

through consideration of energy dissipation due to elastic shakedown, plastic shake-

down and ratchetting behaviors. The constitutive model was later revised by Rémy

et al. (2013) with a flow rule to account for cyclic stress relaxation under a strain

hold to improve the fatigue life correlation for OP TMF life.

Seifert and Riedel (2010) devised a viscoplastic model that accounted for porous

plasticity to represent the constitutive behavior of DCI. The authors applied a fracture

mechanics-based crack-tip blunting model to predict the thermomechanical fatigue life

of nodular cast iron (Seifert et al., 2010). von Hartrott et al. (2014) later revised the

damage model to account for the embrittlement which occurs in HiSiMo DCI and

found good correlation with a limited number of TMF tests. Seifert et al. (2014)

reformulated the damage model for the multiaxial case and found good agreement for

the TMF life prediction of a component subjected to transient thermal gradients.

Wu et al. (2015) later conducted a more expansive study of the high temperature

fatigue behavior of HiSiMo DCI, including thermomechanical fatigue. The authors

implemented an integrated creep-fatigue (ICF) model for the constitutive and damage

equations of the DCI. The damage model, which was based on fracture mechanics,

accounted explicitly for fatigue, creep and oxidation damage. They also accounted

for the embrittlement observed near 400 ◦C by modifiying the fracture toughness with

a temperature-dependent function. The ICF model showed good agreement with a
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limited number of TMF tests conducted in the embrittled temperature range.

4.4 TMF Life Prediction of HiSiMo DCI by Linear Damage

Summation

Since the Neu-Sehitoglu model provides the most comprehensive description of

the TMF failure behavior, it was chosen in the dissertation work to represent the

observed isothermal and thermomechanical fatigue behavior for the many tests con-

ducted on HiSiMo DCI. No source in the literature has previously attempted to apply

the Neu-Sehitoglu model to the TMF life prediction in this material. The model was

implemented for the uniaxial formulation to correlate with the fatigue life resulting

from coupon tests.

4.4.1 Determination of Neu-Sehitoglu Parameters

There are 21 empirical parameters in the Neu-Sehitoglu model that must be de-

termined from the isothermal and thermomechanical fatigue data at different tem-

peratures. This section discusses how the data generated in this study were applied

to fit the parameters. Many combinations of the isothermal and TMF tests were used

to fit the parameters with varying success to achieve a good prediction of the uniaxial

fatigue life. The fitting described here represents the best combination to provide the

overall best fatigue life prediction for the many tests conducted in the dissertation

work.

4.4.1.1 Fatigue Parameters

The Neu-Sehitoglu model has five fatigue parameters which must be determined

from experimental data, and they are the coefficients and exponents used in the strain-

life equation. The model was developed to consider the room temperature fatigue
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behavior as the upper bound for isothermal or anisothermal fatigue life. Thus, σ′f ,

E, and b, and ε′f and c were determined from the elastic and inelastic components of

strain of the room temperature fatigue data, respectively. Since the thermal strain is

zero in this case, the elastic and inelastic strain amplitudes were calculated as

∆εmech

2
=

∆εel

2
+

∆εin

2
=

∆σ

2E
+

∆εin

2
(4.13)

where the mechanical strain range ∆ε is controlled in the tests, and E is the Young‘s

Modulus at room temperature. The life data were then fitted against the components

of strain. A numerical optimization algorithm was used to minimize the error between

the predicted and observed fatigue lives where the error was defined by

error =

(
ln(Nobserved

f )− ln(Npredicted
f )

ln(Nobserved
f )

)2

(4.14)

where ln is the natural logarithm. Figure 4.2 shows the room temperature fatigue

data with the curve given by the fitted Neu-Sehitoglu (strain-life) model.
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Figure 4.2: Experimental room temperature fatigue data (points) with the fitted
strain-life model (curve) for the Neu-Sehitoglu model.

4.4.1.2 Oxidation-Fatigue Parameters

The oxidation-fatigue term of the Neu-Sehitoglu model contains nine parameters

which must be experimentally determined. These parameters are Do, Q
ox, hf , B,

β, δo, a, hcr, and ξox. Oxidation-fatigue damage was determined for two groupings

of the test data: the first grouping was selected without regard to the embrittled

behavior and included isothermal tests at 400, 500 and 600 ◦C, as well as OP TMF

tests in the temperature range 500 to 800 ◦C. The OP TMF test condition was used

since the model assumes that oxidation-fatigue damage is higher for OP TMF. OP

TMF tests with a minimum temperature of 300 or 400 ◦C were not used in the second

grouping since fractography of the tested specimens did not show significant damage

by oxidation-fatigue (recall that these specimens showed extensive damage by the

400 ◦C embrittlement). The second grouping prioritized the life reduction observed

at the embrittled temperature and included isothermal tests at 400 and 500 ◦C, and

OP TMF tests with minimum temperatures of 300 and 400 ◦C. This was done to try
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to force the Neu-Sehitoglu model to represent the loss of isothermal and TMF life

seen at these temperatures. To simplify the numerical optimization, hcr, B, Do and

δo were combined into a single parameter:

C =
hcrδo
BDo

(4.15)

so that Equation 4.8 would be simplified as

1

N oxidation
f

=

[
C

ΦoxidationK
′eff
p

]−1/β 2(∆εmech)
2/β+1

ε̇(1−a/β)
. (4.16)

The activation energy Q for oxidation was approximated from tests of static oxidation

so that C was the only unknown to be calculated from K
′eff
p according to Equation

4.10.

Interestingly, after optimizing the remaining parameters, it was found that

Φoxidation = 1 would give the best correlation with the experimental data, regardless

of the data set used. This means that the oxidation-fatigue damage is comparable

for the isothermal and TMF cases for the HiSiMo material.

4.4.1.3 Creep-Fatigue Parameters

The creep-fatigue damage term in the Neu-Sehitoglu model contains seven

experimentally-determined parameters: A, ∆H, α1, α2, K, m and ξcreep. The activa-

tion energy for creep ∆H was estimated from a limited number of creep tests at 650

and 700 ◦C. The steady-state creep rate was determined at a stress level of 40 MPa

and the activation energy was calculated according to

∆H =
R ln (ε̇1/ε̇2)

(1/T2)− (1/T1)
(4.17)
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Figure 4.3: A schematic of the temperature-dependent value of the drag stress, K,
for the Neu-Sehitoglu damage model. Please note that the ordinate axis is presented
without values.

where R is the ideal gas constant. The drag stress, as defined by Neu and Sehitoglu

(1989b), describes the stress at each temperature at which the deformation becomes

dominated by plasticity rather than creep. K can usually only be determined for a

few temperatures, and is assumed to be proportional to the temperature-dependent

Young‘s Modulus where

K

E
= constant. (4.18)

The value of the drag stress is shown schematically in Figure 4.3. Please note that the

ordinate axis is presented without values in the dissertation work to protect Ford’s

proprietary information. In this case, one can infer that the HiSiMo material showed

minimal strain-rate dependence at temperatures up to the inflection point, around

600 ◦C. However, about 600 ◦C, viscous behavior develops and the strength becomes

increasingly dependent on the strain rate.

To fit the remaining parameters, A, α1, α2, m and ξcreep, tests were conducted
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at 800 ◦C with a slow strain rate of 5× 10−5 s−1, and additionally with a ten minute

hold time in tension or compression at 800 ◦C. Other data included in the parameter

optimization were cyclic creep tests conducted at 600 ◦C and IP TMF tests in the

range of 600 to 800 ◦C since the Neu-Sehitoglu model considers this test condition

more likely to be damaged by creep. The results suggest that the phasing factor

Φcreep = 1, as for oxidation, and that there is no difference in the rate of creep

damage accumulation for different phasings of mechanical and thermal strain.

4.4.2 Fatigue Life Prediction

The 400 ◦C embrittlement experienced in HiSiMo DCI posed a difficult challenge

for the Neu-Sehitoglu model. Since the model relies on the linear summation of

damage by fatigue, creep and oxidation, it assumes that TMF damage increases

monotonically with temperature. However, as observed in isothermal and TMF tests

near 400 ◦C, the fatigue life of HiSiMo DCI is lower at 400 ◦C than at either 200

or 500 ◦C. There is no term in the Neu-Sehitoglu model that can account for the

non-monotonic increase in TMF damage as temperature increases.

When the embrittled data are not prioritized in the numerical optimization proce-

dure, the strain-life curve at 400 ◦C is severely over-predicted, as shown in Figure 4.4a,

but the high temperature data are well-represented. In this case, the curves from room

temperature up to 400 ◦C are coincident. Conversely, when the embrittled data were

prioritized in fitting the model, the Neu-Sehitoglu model can provide a reasonable

representation for the strain-life data from room temperature up to 400 ◦C. However,

because damage can only increase with temperature, the fatigue lives at higher tem-

peratures are severely under-predicted. Figure 4.4b shows the strain-life behavior for

isothermal tests conducted up to 800 ◦C.

Similarly, the fatigue life prediction for TMF tests depends strongly on the em-

phasis placed on the embrittled data during the parameter optimization. The Neu-
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(a)

(b)

Figure 4.4: Strain-life curves predicted by the Neu-Sehitoglu model showing that
good representation can be achieved for the fatigue performance of either (a) the
high temperature data or (b) the embrittled data at 400 ◦C, but not both.
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Sehitoglu model is applied to the more than 120 elevated temperature tests conducted

in the course of the dissertation work in Figure 4.5. When the embrittled data are

not prioritized in the fitting of the parameters, the Neu-Sehitoglu model can provide

a good correlation for fatigue lives above about 100 cycles to failure. Based on the

observed fatigue lives, only OP TMF tests with minimum temperatures of 300 or

400 ◦C are not well-predicted. For these cases, the model estimates fatigue lives up

to two orders of magnitude higher than those observed for the very low lives.

However, it is important to remember that very short TMF lives were observed

in the accelerated component validation tests conducted via dynamometer for the

HiSiMo DCI manifold. Thus, it is important to the design and validation process to

have the capability to predict TMF lives even at low numbers of cycles to failure.

When the embrittled data are prioritized in the fitting of the model, an interesting

result occurs, as shown in Figure 4.5b. In this case, the isothermal data at 400 ◦C,

and the OP TMF data with minimum temperatures of 300 or 400 ◦C were used the

only terms used to fit the oxidation parameters of the Neu-Sehitoglu model. This was

done in an attempt to force the model to account for the loss of fatigue performance

observed in these tests. While the isothermal data at 400 ◦C are well-represented by

the model, the OP TMF lives of the embrittled tests are poorly represented, with the

shortest lives being severely over-predicted, and the longer lives being severly under-

predicted. Furthermore, the fatigue lives resulting from higher temperature tests are

under-predicted by many orders of magnitude, to the extent that the predicted fatigue

lives are unrealistic.
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(a)

(b)

Figure 4.5: Comparison of the observed fatigue lives with those predicted by the Neu-
Sehitoglu model showing that (a) the fatigue lives of the embrittled TMF conditions
are over-predicted when the high-temperature data are well-represented; however,
even forcing the model to account for the short life (b) results in a poor prediction of
the fatigue lives.
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4.4.3 Discussion

The Neu-Sehitoglu model has not been widely employed in the literature, presum-

ably due to the vast amount of experimental data which must be generated to fit all

the empirical and material constants. Even with the many tests conducted in this

study, it was necessary to resort to numerical optimization of some of the parame-

ters. When the parameters were fitted for the isothermal and TMF data, any tests

involving the temperature of embrittlement, which corresponds to drastically reduced

isothermal and TMF durability, were non-conservatively predicted.

It is important to recognize that the Neu-Sehitoglu model considers the room

temperature fatigue to be the upper bound on TMF performance, and that additional

damage due to oxidation and creep only serve to reduce the fatigue life. This implies

that the damage done by the combination of creep, fatigue and oxidation increases

monotonically with temperature. However, the fatigue life of HiSiMo DCI does not

always change monotonically with temperature. As discussed in Chapter II, the

low cycle fatigue life is significantly shorter at 400 ◦C at high strain ranges, but some

improvement in performance is seen when the temperature is increased further. There

is no mechanism built-in to the Neu-Sehitoglu model that can account for this manner

of temperature-dependence of damage accumulation.

4.5 Conclusions

The Neu-Sehitoglu model, which employs a linear summation of the damage mech-

anisms which contribute to TMF failure, is considered the state-of-the-art for TMF

life prediction. In the dissertation work, the Neu-Sehitoglu model was applied to

predict the TMF life of HiSiMo DCI. A comprehensive database of isothermal and

anisothermal tests was used to optimize the many empirical and material parameters

of the model. The Neu-Sehitoglu model did well to predict the TMF life of HiSiMo
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DCI when the fatigue life exceeded about 100 cycles. Unfortunately, it also provided

a severe overprediction of the fatigue life when the number of cycles to failure was less

than about 100. In general, these short lives were observed for OP TMF tests where

the minimum temperature of the thermal cycle was 300 or 400 ◦C. Forcing the model

to represent the embrittled data did not result in an improvement of the prediction.

Despite the comprehensive nature of the Neu-Sehitoglu model, it cannot account for

the embrittlement damage that occurs in HiSiMo DCI when a tensile stress is present

near 400 ◦C, as in the case of OP TMF.
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CHAPTER V

Development of a Model for TMF Life Prediction

Out-of-phase (OP) TMF is considered the most representative loading case for

the manifold application, where the cooler sections constrain the hotter volumes of

material, so it is of critical importance to provide an accurate estimate of OP TMF

life. Additionally, OP TMF is greatly affected by the intermediate temperature em-

brittlement of HiSiMo DCI when the thermal cycle is inclusive of 400 ◦C.

The failure modes which contribute to the thermomechanical fatigue failure of

HiSiMo DCI have been shown in the dissertation work to be multifarious. The dam-

age done by the high temperature mechanisms of oxidation and creep increase mono-

tonically, but the interaction of these damage modes with the fatigue cycling depends

on the TMF phasing and the limits of the thermal cycle. An additional damage

mechanism by embrittlement of the grain boundaries is activated in HiSiMo DCI

near 400 ◦C, but is not active at lower or high temperatures, and it is only damaging

when a tensile stress is present. When the embrittlement mechanism is damaging, it

dominates the failure mode, even considering fatigue, creep and oxidation. Thus, the

mechanistic description of TMF failure in HiSiMo DCI is complex.

The embrittled isothermal and TMF life was examined extensively in Chapter II

and Chapter III, respectively. The fractographic observations made of these loading

cases highlight the differences in the microscopic damage mechanisms that contribute
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to failure in various combinations of thermal and mechanical loading. The compre-

hensive, mechanism-based model developed by Neu and Sehitoglu (1989b) was applied

to the TMF life of HiSiMo DCI which required extensive testing data to fit the 21

empirical and material parameters of the model. Despite its complexity, the Neu-

Sehitoglu model failed to provide a good representation for OP TMF life when the

thermal cycle was inclusive of 400 ◦C because it could not account for the unique trend

of temperature-dependence of the embrittlement mechanism that occurs in HiSiMo

DCI .

To be practical to implement in an industry setting, the predictive framework

should rely more on global, macroscopic measures of damage. Thus, the dissertation

work revisits the phenomenological descriptions of TMF damage in an attempt to

build, from the ground up, a robust and suitable description of the TMF life for

HiSiMo DCI that is mechanistically-informed, but does not require the generation of

such extensive testing data to be applied. In this chapter, various measures of high

temperature fatigue damage will be used to interpret the test results for elevated

temperature fatigue and thermomechanical fatigue of HiSiMo DCI in an effort to find

a suitable measure of damage.

5.1 Macroscopic Measures of Damage

As a first approximation of the high temperature damage occurring in HiSiMo

DCI, the mechanical strain is assessed as a damage parameter in Figure 5.1a for

the more than 120 cyclic tests conducted in the dissertation work. As seen in the

figure, the slope of the strain-life data is small, which indicates that the fatigue life

has poor sensitivity to changes in the mechanical strain amplitude. Furthermore, the

dispersion band is wide, and the scatter for a given mechanical strain amplitude is

nearly two orders of magnitude of fatigue life. Thus, mechanical strain is not likely

to provide a good correlation of damage and observed fatigue life.
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By considering only the inelastic component of mechanical strain, the Coffin-

Manson equation is assessed for the prediction of isothermal and TMF life of HiSiMo

DCI. Recall that Kim et al. (2009) found that the Coffin-Manson relationship did well

to collapse the isothermal fatigue life of HiSiMo DCI for tests at room temperature,

600 and 800 ◦C. When applied to the extensive testing data considered in the dis-

sertation work in Figure 5.1b, the inelastic strain does not appear to give a suitable

measure of the fatigue and TMF life. Due to the wide dispersion of the isothermal

and TMF tests which represent the embrittled performance of HiSiMo DCI, the fa-

tigue life varies about two orders of magnitude for a given inelastic strain amplitude.

The Coffin-Manson relationship is thus shown to provide a poor representation of

the fatigue life of HiSiMo DCI. However, the slope of the strain-life relationship is

increased by considering only the inelastic component of strain.

It is important, at this point, to recognize that no additional benefit can be derived

from distinguishing the plastic and creep components of the inelastic strain. The

method of Strain Range Partitioning distinguishes the damage done by the plastic

strain from that done by the creep strain. This method has shown good applicability

to various materials for very high temperature applications where creep is of critical

concern to the performance of structural materials. However, the purposeful addition

of creep damage in tests of this HiSiMo DCI has had very little influence on the

fatigue life. For example, tests were conducted at 800 ◦C at a slow strain rate of

5× 10−5 s−1 (two orders of magnitude slower than the LCF tests), and with the

addition of a 600 second (10 minute) hold time at the maximum tensile or compressive

stress to greatly increase the degree of creep damage in the LCF cycle. As shown

in Figure 5.2, there was no significant difference in the Coffin-Manson plots for the

difference conditions, despite the vastly different proportions of creep and plastic

damage occurring in these cycles. Additionally, cyclic creep tests, appropriate for

use with the Strain Range Partitioning method, were conducted at 600 ◦C using a
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waveform shown in Figure 5.3a. The Coffin-Manson plot is shown in Figure 5.3b,

and there is no difference in the strain-life behavior of LCF and cyclic creep tests at

600 ◦C. Thus, partitioning of the inelastic strain is not necessary in this case, since

there is no difference in the lives from considering either plastic or creep damage.

From these findings, it is clear that strain is not a suitable indicator of damage in

HiSiMo DCI at high temperatures. Other potential indicators include the maximum

stress in Figure 5.4a or stress range in Figure 5.4b, both of which give poor correlation

with the experimentally observed values of life. Furthermore, when the strain level

or temperature is high, stress can give an imprecise measure of damage due to the

flatness of the stress-strain curve as inelastic strain increases.

The Smith-Watson-Topper parameter PSWT was proposed by Smith et al. (1970)

to account for the mean stress which can effect the fatigue life. PSWT has been

successfully used to correlate the TMF life in a titanium aluminide alloy by Heckel

and Christ (2010) and Roth and Biermann (2008), and in a vermicular cast iron by

Eichlseder et al. (2008). The Smith-Watson-Topper parameter is given by

PSWT =

√
σmax

∆ε

2
. (5.1)

where σmax and ∆ε are cyclic quantities. The Smith-Watson-Topper parameter was

calculated for the stabilized cycle for each test conducted on the HiSiMo DCI and

the result is shown in Figure 5.5. While the value of PSWT is underestimated for the

critical OP TMF data that are inclusive of the embrittled temperature, PSWT shows

generally better correlation with the experimental values of fatigue life. The slope is

moderate and the dispersion band is fairly narrow. Thus, the Smith-Watson-Topper

parameter serves as a better indicator of damage than the other cyclic quantities

considered. However, this parameter, which relies on the cyclic values of stress and

strain, is not well-suited to implementation for complex loading histories. Further-

155



(a)

(b)

Figure 5.1: Plots of the (a) mechanical strain amplitude and (b) inelastic strain
amplitude against measured life for all the uniaxial high temperature fatigue tests
conducted on HiSiMo DCI.
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Figure 5.2: Coffin-Manson plot for LCF tests conducted at 800 ◦C at various strain
rates and with hold times showing no difference in fatigue life.

more, since the stresses and strains develop in an anisothermal cycle in TMF, the

damage accounted for by the maximum stress must considered relative to the strength

of the material at the temperature where the maximum stress is experienced. This is

not accounted for in the Smith-Watson-Topper parameter, and seriously reduces its

utility in the case of TMF life prediction.

However, PSWT did show better correlation with the TMF life than the other

damage parameters considered. Recognizing that the multiplication of stress and

strain give a measure of the strain energy dissipated by the material, an effort was

made to determine an energy criteria that would be suitable for use with complex

loading histories in a multiaxial formulation.
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(a)

(b)

Figure 5.3: For isothermal tests conducted at 600 ◦C under LCF and cyclic creep;
(a) a comparison of the stress-strain loops, and (b) the Coffin-Manson plots which
show no difference in fatigue life.
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(a)

(b)

Figure 5.4: Plots of the (a) maximum stress and (b) stress range against measured
life for all the uniaxial high temperature fatigue tests conducted on HiSiMo DCI.
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Figure 5.5: Plot of the Smith-Watson-Topper Parameter of the mid-life cycle against
measured life for all the uniaxial high temperature fatigue tests conducted on HiSiMo
DCI.

5.2 Background of Energy Approaches

Energy approaches precede many of the life prediction formulations employed in

modern analysis techniques. The energy approach to fatigue life prediction is based

on the physical understanding that when irreversible changes occur to a material,

irrecoverable energy is dissipated. The amount of dissipated energy (regardless of

the type of system or energy) can be quantified from the hysteresis behavior be-

tween the input and output states of the process that causes the irreversible change.

In materials, some sources of hysteretic energy dissipation include ferromagnetism,

ferroelectricity, phase changes, elastic and plastic deformation, and viscous behavior.

Inglis (1927) first discovered the connection between cyclic fatigue damage and the

total energy dissipated by the stress-strain hysteresis behavior of a low carbon steel

subjected to rotating bending stresses. Hanstock (1947) later proposed a measure

of total energy dissipation in a fatigue cycle which consists of a damaging part that
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contributes to fracture, and a non-damaging part that did not contribute to the

fracture process. Enomoto (1955) advanced the hypothesis by proposing the existence

of a critical value to which damaging energy must accumulate to cause failure.

Feltner and Morrow (1961) postulated that a constant total amount of plastic

strain energy is required to cause fatigue failure, and that inelastic, non-recoverable,

strain would contribute to fatigue failure. The authors assumed that the strain energy

dissipated by a specimen via plastic strain hysteresis would increase with each cycle

until the capacity of the material to convert damaging energy was exceeded, at which

time fracture would occur (Feltner and Morrow , 1961). The capacity of the material

was considered to be approximately constant, and the maximum amount of cyclic

plastic strain energy dissipated, Win, that could be converted was equivalent to the

strain energy dissipated to fracture in a static tension test, U . The strain energy

dissipated by a specimen via plastic strain hysteresis was then written as

Win =

∮
σdεin ≈ U (5.2)

where σ is the applied stress and dεin is the increment of plastic strain range. Oster-

gren (1976) introduced a measure of tensile energy by assuming the fatigue crack can

initiate only under tensile loading, and compressive loads neither advance nor heal

the crack. The Ostergren Energy (also in Equation 4.5 of Chapter IV) is

WT =

∮
α (σ − σo) dεin. (5.3)

Energy-based methods have shown difficulty to handle a wide range of loading scenar-

ios which can be encountered by real components, including stress holds, compressive

holds and varying sensitivity to waveform (Manson and Halford , 2009). Further-

more, since energy methods require that a material be fairly cyclically stable to bring

a strong predictive capability, they lack ease of use for cases where the hysteresis
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loop changes with time. However, they are strongly appealing for their simplicity

and straightforward implementation for multiaxial cases.

5.2.1 Application of Energy Approaches to High Temperature Fatigue

Many authors have attempted to use energy dissipation as a measure of isothermal

and anisothermal fatigue damage. As emphasized by Thomas et al. in a 2004 review

of the state-of-the-art of thermomechanical fatigue design and life prediction methods,

the use of energy dissipation per cycle overcomes the limitations of classical methods

which rely on maximal and minimal values of the fatigue cycle, which occur at different

temperatures in TMF loading. The energy dissipation approach has three primary

advantages for anisothermal loading of components:

1. The energy dissipation can be easily generalized to multiaxial situation,

2. The method of determining energy dissipation is independent of the temperature
and therefore allows calculations with anisothermal loading, and

3. The energy dissipated in each cycle is representative of the cyclic behavior of
materials.

Skelton (1991) notably applied the strain energy density to predict fatigue life

for high temperature low cycle fatigue with the assumption that the volume element

ahead of the crack tip will fail when a threshold energy is accumulated, and that the

rate of energy dissipation can be related to the bulk fatigue behavior of a material.

The method was later revised to predict the thermomechanical fatigue life from the

isothermal hysteresis loops for a wide range of phasings for nickel-based (Skelton et al.,

2000) and Cr-Mo alloys (Skelton, 2004).

The use of energy for anisothermal thermomechanical fatigue loadings was ex-

panded by Charkaluk and Constantinescu (2000; 2002) and Constantinescu et al.

(2004), who utilized the stabilized plastic strain energy criteria to predict the anisother-

mal fatigue life of a SiMo cast iron manifold. It should be noted that Charkaluk and
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Constantinescu (2000) observed a loss of LCF life at 350 and 400 ◦C where the em-

brittlement mechanism is active, but did not explicitly account for it in the fatigue

life prediction. Instead, the loss of fatigue life was attributed to the so-called dy-

namic strain aging of cast irons that was reported by Bastid (1995) under conditions

of static loading. The fatigue life was consequently over-predicted at these tempera-

tures (Charkaluk and Constantinescu, 2000). Similarly, Lederer et al. (2000) related

the thermomechanical fatigue life of a nodular cast iron to the accumulated dissi-

pated plastic strain energy with good correlation for isothermal results, although

thermal fatigue results in the temperature range of ambient to 700 ◦C were slightly

non-conservative.

Various researchers have proposed methods to refine the prediction of damage by

partitioning the strain energy into its elastic and plastic components (Nissley , 1995;

Christ , 2007), and applying the partitioned strain energy to the growth of short and

long fatigue cracks (Miller et al., 1993; Maurel et al., 2009). Korsunsky et al. (2007)

compared the macroscopic and microscopic energy dissipation criteria to classical

fatigue life criteria and found that both measures of energy dissipation compared

well with other established parameters for isothermal loading cases. Still others have

implemented modification factors based on frequency (Nagesha et al., 2009), obser-

vations of monotonic hysteretic energy (Lee et al., 2008), peak cyclic tensile stress

and strain (Huang et al., 2006), or mean stress Gocmez et al. (2010). Gosar and

Nagode (2012) applied a Prandtl-type operator to give an analytical estimate of the

rate-independent hysteretic energy of a thermomechanical cycle.

5.3 Modeling Framework

The present study attempts to apply the energy approach to the thermomechanical

fatigue of HiSiMo DCI by building on the work of Charkaluk and Constantinescu

(2000) and Lederer et al. (2000). In the dissertation, a more comprehensive range of
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test conditions is considered, and modifications on the method are implemented to

account for the effect of intermediate temperature embrittlement. The operation of

real components dictates the importance of obtaining an accurate life prediction for

thermal cycling through 400 ◦C where the embrittlement is active, and so an accurate

representation of the accumulated damage must be determined.

The inelastic strain energy dissipation is first calculated for the HiSiMo DCI con-

sidered in the dissertation work. The inelastic strain energy dissipated Win was

calculated by integrating the stress and inelastic strain over the stress-strain loop as

Win =

∮
σdεin. (5.4)

The inelastic strain energy is plotted against the observed fatigue life in Figure 5.6.

The slope of the data is comparable to that given by the Coffin-Manson plot, which

indicates the potential for good sensitivity of the fatigue life to changes in the inelastic

strain energy dissipation. While the dispersion band is nearly the same as that

obtained from the inelastic strain amplitude, there is less distinction between the

bands of embrittled and non-embrittled data through consideration of the inelastic

strain energy. Most importantly, however, the strain energy dissipation was integrated

over the entire anisothermal cycle, which allows consideration of the changing capacity

of the material to dissipate energy.

The relation between the inelastic strain energy dissipation and the fatigue life is

given by

Win =

∮
σdεin = Wf (2Nf )m (5.5)

where Wf is a temperature-dependent coefficient that represents the net ability of the

material to dissipate energy in a fatigue or TMF cycle. Wf is also the intercept of the

strain energy-life curve. Given that the fatigue data in Figure 5.6 have approximately

the same slope, it is clear that the value of the ordinate intercept, Wf , will vary based
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Figure 5.6: Plot of the inelastic strain energy dissipated in the mid-life cycle against
measured life for all the uniaxial high temperature fatigue tests conducted on HiSiMo
DCI.

on the test temperature, the limits of the thermal cycle, and the TMF phasing (which

is related to the temperature at which the strain energy is dissipated). It is important

to note that, since changing the proportions of creep and plastic damage in the cycle

do not affect the fatigue life for this material, Wf will not additionally vary with

strain rate.

The ability of the material to dissipate strain energy will be well-represented by

Wf , with consideration only of temperature. Therefore, Wf is not constant over an

anisothermal cycle, and it is taken inside the integral of Equation 5.5 to become

∮
σdεin
Wf

= (2Nf )m (5.6)

To develop a useful model which can correctly interpret a value for Wf that accounts

for the effect of embrittlement, recall from Chapter III that the 400 ◦C embrittlement

reduces the ability of the material to undergo plastic tensile deformation when the
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temperature is near 400 ◦C. When a compressive stress is present near 400 ◦C, the

embrittlement does not serve to reduce the ability of the material to dissipate inelastic

strain. This idea is similar to the approach taken by Wu et al. (2015), wherein the

authors accounted for the effect of embrittlement as it reduced the fracture tough-

ness of the material near 400 ◦C. The observed value of Wf then implicitly includes

the effect of embrittlement when the temperature is near 400 ◦C, and represents the

weighted-averaged ability of the material to dissipate tensile and compressive strain

energies. To further develop a description of damage in HiSiMo DCI which accounts

explicitly for embrittlement, it becomes necessary to distinguish between the apparent

tensile and compressive capacities of the material. Thus, Equation 5.6 is rewritten as

∮
σdεin
Wf

=

∫
tensile

σdεin
W T

f

+

∫
compressive

σdεin
WC

f

. (5.7)

where W T
f and WC

f are similar in meaning to Wf , and represent the ability of the

material to dissipate inelastic strain energy in tension and compression, respectively.

A higher value of the parameter indicates a greater capacity to dissipate strain energy.

Both W T
f and WC

f are temperature dependent.

Since the ability of the HiSiMo DCI is reduced by embrittlement only for ten-

sile stresses, with the greatest reduction occurring near 400 ◦C, W T
f should be at a

minimum when the temperature is near 400 ◦C. However, WC
f should decrease only

monotonically with temperature, since the embrittlement does not reduce the ability

of the material to dissipate compressive inelastic strain energy. It is important to

note that when the temperature is much higher or lower than 400 ◦C such that the

embrittlement is not affecting the material, W T
f and WC

f should be nearly equivalent.

This is substantiated by comparison of the IP and OP TMF life for thermal cycles

in the range of 600 to 800 ◦C where the embrittlement is not active. Revisiting Fig-

ure 3.5 in Chapter III, it is clear that the OP loop for 600 to 800 ◦C dissipates roughly
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the same amount of strain energy due to a tensile stress as the IP loop dissipates due

to a compressive stress. The total area of the loops, which gives the strain energy

dissipation per cycle, is similar for both phasings, and the TMF life is similar for both

phasings. Thus, when the embrittlement is not active, the HiSiMo DCI can dissipate

a similar amount of energy under tensile or compressive loads prior to failure. W T
f

and WC
f are related according to

W T
f < WC

f when T ≈ 400, and

W T
f ≈ WC

f when T � 400 or T � 400.

Furthermore, when the embrittlement is not active, the values of W T
f and WC

f can

be determined directly from a fully-reversed isothermal test where

W T
f ≈ WC

f ≈ Wf when T � 400 or T � 400.

Since WC
f is not affected by the embrittlement at any temperature, a temperature-

dependent variable, Θ is introduced to relate W T
f to WC

f :

W T
f =

WC
f

1 + Θ(T )
(5.8)

where Θ is a continuous function of temperature that is zero when the tempera-

ture is far from 400 ◦C, and greater than zero when the temperature is near 400 ◦C.

Substituting Equations 5.8 and 5.7 into Equation 5.4 and rearranging yields

∮
σdεin
Wf

=

∫
tensile

(1 + Θ) σdεin
W ′

f

+

∫
compressive

σdεin
W ′

f

(5.9)

whereW ′
f is measured from the isothermal, fully-reversed tests for temperatures where

the embrittlement is not active, and is interpolated between measured values for tem-
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peratures where the embrittlement would significantly influence the direct measure-

ment. Recognizing that Equation 5.9 integrates the energy over the entire cycle, and

that both the tensile and compressive terms are normalized by the same coefficient,

Equation 5.9 can be simplified as

∮
σ

Wf

dεin =

∮
σ + Θ{σ}

W ′
f

dεin (5.10)

where the Macaulay brackets {} describe the function

{x} =


x when x ≥ 0,

0 when x < 0.

(5.11)

Substituting the modified term for the inelastic strain energy back into the fatigue

life relationship in Equation 5.5 yields

∮
σ + Θ{σ}

W ′
f

dεin = (2Nf )m (5.12)

where W ′
f = Wf for temperatures where the embrittlement is not active.

The variable Θ in Equation 5.12 must have a maximum, positive value when the

temperature is near 400 ◦C to correctly account for the reduction in the ability of the

material to dissipate the inelastic strain energy. Elsewhere, the value of Θ should be

zero. Θ is assigned a temperature-dependent function of the form

Θ(T ) = α exp

[
−β
(
Temb − T
Temb

)2
]

(5.13)

where α is an empirical constant that controls the magnitude of the reduction in

toughness due to embrittlement, and β is an empirical parameter that controls the

temperature range over which the embrittlement is damaging. Note that this func-

tion represents a symmetric normal distribution that is a maximum at Temb. Since
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Figure 5.7: Plot of Θ represented by a symmetric normal distribution of temperature
for different values of β.

Kobayashi et al. (1998) found that the temperature of maximum embrittlement can

vary with strain rate and alloy composition, Temb, the temperature of maximum em-

brittlement, is left as a parameter which must be defined in Equation 5.13. The value

that Θ(T ) assumes as a function of temperature is shown schematically in Figure 5.7

for different values of β.

The modified inelastic strain energy dissipation criterion given by Equation 5.12

has only four parameters that must be experimentally determined, and they are W ′
f ,

Temb, α and β. It is important to reiterate that W ′
f can be determined directly from

cyclic fatigue tests where Θ ≈ 0, and is interpolated when Θ > 0.

5.4 Application to Uniaxial Fatigue and TMF Tests

The modified inelastic strain energy dissipation criterion given in Equation 5.12

was applied to the more than 120 uniaxial high temperature and thermomechanical
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fatigue data generated for HiSiMo DCI. The parameter

∮
σ + Θ(T ) {σ}

W ′
f (T )

dεin (5.14)

was calculated from the stabilized stress-inelastic strain loop for each test. The value

of W ′
f is shown schematically in Figure 5.8. Please note that the ordinate scale

is presented without values to protect the proprietary information of Ford. Temb

was assigned a value of 400 ◦C, though the actual temperature of the maximum em-

brittlement effect may be slightly higher or lower for this alloy. The value of β was

adjusted to achieve the best correlation with the physical observations of temperature-

dependent embrittlement damage. The value of β used in the life prediction resulted

in nearly zero embrittlement damage for temperatures greater than about 550 ◦C and

less than about 250 ◦C. This range of active temperatures, and the implied extent of

embrittlement damage, is in good agreement with fractographic observations of spec-

imens tested under isothermal fatigue at 200, 400, 500 and 600 ◦C. The parameter

α was optimized for the entire dataset of more than 120 high temperature and ther-

momechanical fatigue tests, including varying strain rates and tests with hold times.

The optimization process minimized the error between the predicted and observed

fatigue lives where the error was previously defined in Equation 4.14.

The modified inelastic strain energy dissipation criterion is plotted against the

observed fatigue life in Figure 5.9. The parameter shows good correlation with the

observed fatigue lives for all conditions. In particular, good correlation is shown for

the OP TMF tests including the embrittled temperature for which the Neu-Sehitoglu

model over predicted the fatigue lives.

Finally, a fatigue life prediction was made for the uniaxial tests using the modified

inelastic strain energy dissipation parameter according to Equation 5.12. The slope

of the relationship, given by exponent m was found to be independent of temperature
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Figure 5.8: Schematic illustration of W ′
f as a function of temperature. Please note

that the ordinate scale is presented without values.

or test type, and a value was selected based on the data correlation presented in

Figure 5.9. The comparison between predicted and observed fatigue lives is shown

in Figure 5.10. Good correlation is seen between the predicted and measured lives,

with 65 % of tests falling within a factor of two of the observed life, and 95 % of tests

falling within a factor of five of the observed life (as represented by the solid lines in

Figure 5.10).
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Figure 5.9: Modified energy dissipation criterion applied to the mid-life cycle as
compared to the elevated temperature fatigue and TMF tests of HiSiMo DCI.

Figure 5.10: Comparison of the life predicted by the modified energy dissipation
criterion and the measured life. Band is 5x.

172



5.5 Application to TMF Life Prediction of Exhaust Manifold

Component

The modified inelastic strain energy dissipation framework was then applied to

predict the TMF life for an exhaust manifold subjected to a complex thermal cycling

history. The physical manifold was subjected to thermal cycles in a dynamometer test

which was intended to simulate a severe use case. This manifold was constructed from

the same HiSiMo alloy considered in the dissertation work. It suffered catastrophic

failure after 12 thermal cycles. The primary crack location is shown in Figure 5.11.

This crack propagated through the entire thickness of the manifold wall during the

test, causing an exhaust gas leak. The test was stopped when the leak was detected.

Upon closer examination, several other small cracks were found which started at

the outer wall of the exhaust manifold. The locations of the additional cracks are

indicated in Figure 5.12.
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(a)

(b)

Figure 5.11: (a) Through-crack detected in a cast manifold due to the application of
severe thermal cycles. (b) Fracture surface of the through-thickness crack.
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(a)

(b)

Figure 5.12: Locations of additional cracks detected upon examination of the exhaust
manifold from (a) the top view and (b) the bottom view.

175



5.5.1 Transient Thermal Analysis

A transient thermal heat transfer analysis was conducted with Abaqus. The tem-

perature distribution at the interior of the manifold wall was determined by a compu-

tational fluid dynamics (CFD) analysis of the exhaust gas flow through the manifold.

Thermal boundary conditions for the heat transfer analysis included the forced con-

vection of exhaust gas on the internal surface of the manifold, natural convection on

the outside surfaces, and conduction through thermal contact with the cooled cylin-

der head. The thermal analysis simulated five cycles of the dynamometer test. The

resulting temperature history at a node located near the critical location from the

physical test is shown in Figure 5.13. During a heat-up and cool-down cycle, the

manifold can experience temperatures as high as 753 ◦C at the critical location, and

as low as 67 ◦C. It is clear from Figure 5.13 that the material is initially heated very

quickly in each cycle. The resulting temperature profile of the manifold indicates the

severity of the transient thermal gradients to which the manifold is subjected as a

result of the cyclic application of temperature. The profile is shown in Figure 5.14 at

the start and end of the heat-up cycle.

Figure 5.13: Temperature history at a critical node.
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(a)

(b)

Figure 5.14: Temperature profile at (a) the start and (b) end of the heat-up cycle.
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5.5.2 Stress-Strain Analysis

The applied temperature fields result in thermally-generated mechanical strains

due to the thermal expansion of the material. To determine the stresses and strains

which result from the cyclic application of temperature, a stress-strain analysis was

then conducted in Abaqus using the temperature field generated from the heat trans-

fer analysis. The material model that was used in the analysis was that proposed by

Chaboche (1989), which accounts for the temperature- and strain-rate dependency of

viscoplastic behavior in a material. The constitutive model was implemented as a

user subroutine (UMAT) in Abaqus. The implementation and fitting of the param-

eters is described in more detail by Mao et al. (2015). The model parameters were

determined for HiSiMo DCI from isothermal cyclic tests under various combinations

of temperature and strain rate. Figure 5.15 shows a comparison of the experimental,

isothermal stress-strain loops at various strain rates with those fitted by the Chaboche

constitutive model.

The transient temperature field was applied as a field input at each node for

the stress-strain analysis. Additional boundary conditions simulated the bolted con-

nections to the cylinder head and turbocharger housing through use of friction and

surface contact. The distribution of stresses and strains was calculated over five ther-

mal cycles to obtain the stabilized transient response of the manifold. To illustrate

the magnitude and distribution of the stresses that result from the application of

temperature via the exhaust gas, Figure 5.16 shows the von Mises stress distribution

after cooling. It is important to note that the locations of the Mises stresses do not

coincide with the critical crack location.
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(a)

(b)

Figure 5.15: Comparison of the experimental stress-strain loops compared to the
fitted Chaboche constitutive model for (a) room temperature up 600 ◦C, including
loops at different strain rates, and (b) 800 ◦C at different strain rates.
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(a)

(b)

Figure 5.16: Von Mises stress distribution at the end of a thermal cycle at the (a) top
and (b) bottom of the manifold.
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5.5.3 Damage Calculation and Life Prediction

The TMF damage was then calculated by the modified inelastic strain energy

dissipation model proposed in Chapter IV. A multiaxial formulation of Equation

5.12, given by ∮
σij + Θ(T ){σij}

W ′
f (T )

dεinij = (2Nf )m (5.15)

where each component of stress and strain is given by ij for i, j = 1, 2, 3, was imple-

mented in Fortran. A numerical integration procedure was used to the find the total

modified inelastic strain energy dissipated over the stabilized thermal cycle due to

the thermally-generated stresses and strains. The coefficients for the damage model

are the same as those determined for the uniaxial tests in Chapter IV. The TMF life

was calculated at each node, and the distribution of the predicted TMF life is shown

in Figure 5.17. The critical location, where the shortest TMF life was predicted, is

shown at location “A”. This location is in excellent agreement with that observed

from the physical test. Furthermore, the TMF life predicted at this location is only

27 cycles, which is in good agreement with the observed number of cycles to failure.

The other crack locations in the physical manifold were also highlighted as critical

locations by the modified inelastic strain energy dissipation model. The number of

cycles to failure predicted at each location is shown in Table 5.1. The magnitude of

the predicted TMF lives are appropriate when considering the extent of each crack

when the physical test was halted.

Table 5.1: TMF life predicted at the critical locations by the modified inelastic strain
energy dissipation model.

Location Predicted Cycles to Failure

A 27

B 30

C 35

D 41
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(a)

(b)

Figure 5.17: Distribution of TMF life predicted by the modified inelastic strain energy
dissipation for the exhaust manifold as seen in the (a) top and (b) bottom views.
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5.6 Potential Limitations of the Proposed Model

The modified inelastic strain energy dissipation criterion developed in the dis-

sertation work shows good agreement with uniaxial tests conducted on the elevated

temperature and thermomechanical fatigue of HiSiMo DCI, including LCF, cyclic

creep, tests with slow strain rates, IP and OP TMF for varying minimum and maxi-

mum temperature, and isothermal and TMF tests with a hold time. Such an extensive

experimental correlation has not been found in the literature for a HiSiMo alloy. The

wide range of experimental data which the model was been able to represent the

fatigue life of HiSiMo DCI suggests that it is a fairly general model of elevated tem-

perature damage in this material. However, some comments must be made on the to

address potential limitations of the method.

5.6.1 Determination of Parameters

The measurement and interpolation of W ′
f , and the determination of m, α and

β, present some challenge since the values must be established empirically. In the

dissertation work, extensive isothermal and anisothermal tests were conducted which

facilitated the determination of the parameter values. However, it is worthwhile to

estimate the minimum conditions which should be experimentally tested to inform

the values of W ′
f , β, and m. Ideally, few experimental tests would be needed for any

method employed in an industry setting.

In the dissertation work, the range of temperatures where the embrittlement was

active was determined from tensile tests conducted at increments of 100 ◦C and simple

observation of the stress-strain behavior. As reported by Kobayashi et al. (1998), the

temperature of maximum embrittlement can vary with strain rate and alloy composi-

tion. However, it is well-established by various authors that the embrittlement occurs

near 400 ◦C. Thus, by performing tensile tests over a narrower range of temperatures

centered at 400 ◦C, it would be possible to more accurately determine the range of
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temperatures where embrittlement is active for a particular alloy. This should in-

form the value of β, and will give the range of temperatures where W ′
f should be

interpolated.

The value of W ′
f , and ultimately m, can determined directly from isothermal tests

conducted outside the range of embrittlement. In this case, isothermal LCF tests

should be conducted to failure and the stress-strain history recorded. The calculation

of the inelastic component of strain additionally requires a good measurement of the

Young’s modulus at the tested temperatures. This can pose experimental challenges

at high temperatures where creep can occur quickly. It is recommended in this case to

determine the Young’s modulus from fully-elastic cycles conducted at 1 Hz or higher,

rather than using the linear slope of a tensile stress-strain curve.

For values of W ′
f at intermediate temperatures where the embrittlement is active,

a parabolic interpolation scheme was used in the dissertation work, which required

at least three measured points, with at least one above and below the interpolation

range. The values of W ′
f measured from isothermal tests at room temperature and

200 ◦C were very similar, while those measured from tests at 720 and 800 ◦C were

also similar. The value measured at 600 ◦C, where embrittlement was not found to be

damaging in the dissertation work, provided the additional resolution needed to fit

a smooth, monotonic curve through the intermediate temperatures. If the range of

embrittled temperatures were known more precisely, a linear interpolation could be

used. However, it would still be necessary to find the maximal and minimal values of

W ′
f (at low and high temperatures, respectively), and the shape of the intermediate

curve.

Finally, cyclic tests must be conducted in the embrittled temperature range to

numerically optimize α, which represents the severity of the damage due to the em-

brittlement of HiSiMo at 400 ◦C. In the dissertation work, similar values for the

parameter were found whether numerical optimization was performend with the em-
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brittled isothermal data alone or in conjunction with the embrittled TMF data, or

if the TMF data was used alone. Therefore, at a minimum, isothermal LCF tests

near 400 ◦C would be suitable to determine the value of α. Additional TMF tests

conducted in the embrittled temperature range would be useful to validate the model

parameters.

As a general guideline, it is recommended that the following tests be conducted to

determine the parameters of the modified inelastic strain energy dissipation model:

1. Load-controlled cyclic tests to measure the Young’s modulus at elevated tem-
peratures,

2. Tensile tests between 250 and 550 ◦C to determine the temperature range where
embrittlement is active,

3. Isothermal LCF tests at room temperature and the maximum temperature of
consideration,

4. Isothermal LCF tests at an intermediate temperature outside the embrittled
temperature range (preferably at a higher temperature),

5. Isothermal LCF tests at/near the temperature of maximum embrittlement,

6. Validation tests of anisothermal cycles.

Many commercial testing houses and university researchers now have the capability to

perform high temperature isothermal tests. At present, few of these sources are able

perform TMF tests; however, many are currently building capabilities in this area.

Bithermal tests, and other anisothermal loading cycles, have been widely employed

in the literature and could similarly be used for validation purposes.

5.6.2 Assumptions About W ′
f

W ′
f is a coefficient that was introduced in Equation 5.9 to distinguish the differing

effects of embrittlement which occur under tensile and compressive stresses. It is

identical in meaning to Wf , which is the ordinate intercept in a plot of inelastic

strain energy dissipated verses cycles to failure. In fact, the value of W ′
f is assumed
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to be equivalent to the value of Wf when the embrittlement is not active. This

assumption was preliminarily justified by comparing the values of Wf for IP and OP

TMF loading at 600 to 800 ◦C where the embrittlement is not active. In this case, the

values of Wf are similar, and the conclusion is made that the ability of the material

to dissipate energy due to tensile and compressive stresses are similar.

In the case of the IP and OP TMF tests for 600 to 800 ◦C, fractographic analysis

of the tested specimens in Chapter III revealed many similarities in the failure modes.

In particular, both conditions led to failure by propagation of a primary crack which

initiated in a transgranular manner due to an oxide intrusion, and crack growth under

both conditions was dominated by the linking of graphite nodules. The similarity of

failure modes is important because the active failure mechanism is a key factor in the

rate of damage accumulation. The second key factor is the temperature at which the

failure mechanism is occurring. In this case, the temperature range is fairly narrow

between 600 and 800 ◦C, and so the rates of damage due to the dominant mechanisms

are similar.

If the TMF cycle were to occur entirely below the embrittled temperature, a signif-

icant difference may result in the IP and OP TMF lives due to the different strengths

of ductile cast iron in tension and compression. In some cases, the compressive yield

strength of a DCI can be up to 20 % higher than the tensile yield strength due to

the reinforcing nature of the graphite nodules under compressive loads (Ductile Iron

Society , 1998). In this case, the capacity of the material to dissipate energy due to

tensile and compressive loads would not be equivalent, despite the inactivity of the

embrittlement mechanism. Thus, Θ in its current form would not do well to represent

the asymmetry of the dissipation capacity and a different function should be intro-

duced. A thermal cycle within this temperature range was not considered of primary

concern for the exhaust manifold application and so was not studied in the disser-

tation work. However, it could be relevant to other industries where HiSiMo DCI is
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applied, or at certain locations in an exhaust manifold. Further experimentation by

IP and OP TMF should be conducted in this case.

It is important to recognize that the model given by Equation 5.12 does not

attempt to distinguish the phasing between the thermal and mechanical strains since

this is, in a sense, a cyclic quantity. It only recognizes the instantaneous temperature

at which a stress is applied, and the sign and magnitude of the stress. Thus, it should

be similarly applicable for different phasings of the thermal and mechanical strains

without significant modification to the form of Equation 5.12.

5.6.3 Influence of Creep Damage

Recall from Section 5.1 that no attempt was made to distinguish the plastic and

creep components of the inelastic strain for this HiSiMo DCI. This is because a

reasonable attempt was made in the dissertation to introduce significant creep damage

to the HiSiMo material, but the material showed good resistance to creep under the

conditions studied. Tests conducted at 800 ◦C at a slow strain rate of 5× 10−5 s−1,

and with the addition of a 10 minute hold time at the maximum tensile or compressive

stress showed no significant difference in the Coffin-Manson plots when compared to

the LCF tests (conducted at 5× 10−3 s−1), despite the vastly different proportions

of creep and plastic damage that should occur in these cycles. Similarly, there was

no difference in the Coffin-Manson plots for cyclic creep and LCF tests conducted

at 600 ◦C. Thus, the value of W ′
f does not vary with strain rate or hold time, since

these did not greatly influence either the stress-strain cycle nor the number of cycles

to failure for the HiSiMo DCI.

It is important to note that creep damage was observed in fractographic observa-

tions of tested specimens in Chapter II and Chapter III. This mechanism, along with

fatigue, oxidation and embrittlement, likely contributed to failure under isothermal

and TMF conditions, even if it was not found to be predominant in this HiSiMo alloy
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for the conditions studied. In fact, previous work on a similar DCI alloy by Hazime

et al. (2003) considered creep to be the primary mode of damage which contributed

to elevated temperature failure.

However, despite the lack of creep damage that was observed in the wide range of

elevated temperature tests conducted in the dissertation work, it is hypothesized that

no modification would be needed to the form of Equation 5.12 if it were applied to

a HiSiMo alloy for which creep damage were more prevalent. Consider, for example,

the IP and OP TMF tests for 300 to 800 ◦C. The damage mechanisms described in

Chapter III for these tests were vastly differently: for the OP tests, intergranular

fracture due to embrittlement was the predominant mode of crack growth, while

for the IP tests, TMF damage occurred predominantly by intrusion of a cyclically

fractured oxide layer. Because the failure modes were very different, the TMF lives

were correspondingly different. However, the effect of each failure mode was captured

by the magnitude of W ′
f (or W ′

f modified by Θ) since it influenced the TMF life, and

the TMF lives were well-predicted.

Similarly, the effect of creep, should it be found to influence the fatigue life or

stress-strain behavior, would additionally influence the value of W ′
f at high temper-

atures. Given the severe conditions which were employed in the dissertation work to

introduce creep damage to this HiSiMo alloy, it would likely be necessary to utilize a

different alloy composition for further experimentation to explore the suitability of the

modified inelastic strain energy density model for cases where creep is a predominant

factor in the TMF failure. In this case, it should be sufficient to follow the experimen-

tal testing scheme outlined in Section 5.6.1 to determine the temperature-dependent

coefficient W ′
f to account for the increased creep damage.
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5.6.4 Use of a Representative Constitutive Model

The method proposed in the dissertation shows good correlation for uniaxial tests

where the stress-strain behavior was measured directly from the experiment, and ad-

ditionally for a component-level validation. However, the accuracy of a component-

validation depends strongly the modeling strategy and quality of the different finite

element analysis steps which contribute to the final prediction of fatigue life. In the

dissertation work, it was necessary to conduct a computational fluid dynamics analy-

sis, correlated to physical measurements of exhaust gas and wall temperatures, as well

as a heat transfer analysis, a stress-strain analysis, and finally, a damage calculation.

Additionally, it is imperative to use a constitutive model that is representative of the

real material behavior for the loading cases and temperature considered. Particularly

at high temperatures, it may be necessary to use a constitutive model that accounts

for the viscoplastic behavior of the material, such as the Chaboche (1989) model

employed in the dissertation work. Without an appropriate model to calculate the

stresses and strains, the fatigue life prediction becomes meaningless. This limitation

applies to all predictive methods, in the general case.

In particular for the dissertation work, it was necessary to use a constitutive model

that could provide not only good accuracy of the stress-strain calculation at high

temperatures, but also good representation for the small values of inelastic strain

that were present in the component. Because the critical locations in the exhaust

manifold experienced primarily plastic strains, due to the expansion and constraint of

the material subjected to severe thermal gradients, it was not necessary to consider

an additional expression for the elastic strains. However, in other industries, the

conditions on HiSiMo components may be such that the loading is primarily elastic

at high temperatures. In this case, a first approach would be to use the modification

proposed by Golos and Ellyin (1988) to account for finite fatigue life occurring due

to the energy dissipated by elastic strains.
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CHAPTER VI

Conclusions and Future Work

The use of predictive technologies that can accurately represent the detrimen-

tal effect of transient thermal gradients can significantly reduce the time and ex-

pense needed to achieve a durable design. As reported in a 1991 literature review

by Halford , a plethora of models exist in in the literature for predicting the high-

temperature fatigue, fatigue-oxidation and creep-fatigue performance of engineering

materials. Nearly all proposed models have shown applicability to a specific data set;

however, most lack the generality that could allow them to be accurately employed

outside the range of conditions or materials for which they were developed. Further

challenges are presented by attempting to generalize an isothermal damage criterion

to conditions of thermal cycling due to the unique and additional forms of damage

that anisothermal cycle introduces. It is not a trivial process to resolve the challenges.

Many authors have attempted to apply isothermal fatigue life prediction to an-

siothermal cycles with varying strategies – some have found good correlation by con-

sidering the maximum temperature of the thermal cycle, while others consider the

minimum, or even average temperature of the cycle. Unfortunately, many previous

works on fatigue life prediction under anisothermal conditions have failed to acknowl-

edge that the cyclic quantities of stress and strain range develop under varying tem-

peratures in an anisothermal cycle, where the strength and ductility of the material
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is constantly changing. In an anisothermal cycle, these quantities are meaningless as

measures of damage without reference to the temperature at which they develop.

The main contributions of this dissertation serve to partially overcome the chal-

lenges faced in predicting the high-temperature and thermomechanical fatigue life

of a high silicon molybdenum (HiSiMo) ductile cast iron (DCI) for an automotive

exhaust manifold application.

The first contribution of this dissertation is the generation of the most compre-

hensive, single-source database of high temperature durability data on HiSiMo DCI,

including elevated-temperature tensile tests and low cycle fatigue tests at various

strain rates, with and without hold times; creep tests; cyclic creep tests; and ther-

momechanical (TMF) tests. TMF tests were conducted for both in-phase (IP) and

out-of-phase (OP) conditions. Different thermal cycles were used, and some TMF

tests were additionally conducted with a hold time. More than 130 high temperature

isothermal thermomechanical fatigue tests were conducted. The experimental work

is reported in Chapter II for isothermal tests and Chapter III for TMF tests. These

results indicate that the isothermal and thermomechanical fatigue lives are severely

reduced in HiSiMo DCI when the temperature is near 400 ◦C. Thus, the embrittle-

ment phenomenon, which was been extensively discussed in this dissertation, does

not impact the IP TMF life. It was also determined that creep does not significantly

influence the stress-strain behavior or the strain-life behavior of this HiSiMo alloy for

conditions of isothermal or ansiothermal fatigue.

The second contribution of the dissertation is a thorough and detailed investigation

of the physical mechanisms which cause damage in high temperature isothermal and

thermomechanical fatigue of the HiSiMo DCI. For the isothermal tensile and fatigue

tests, results are reported in Chapter II. In this work, the mechanisms of fatigue crack

initiation and propagation were found to depend on temperature and strain range,

and the observations were related to phenomenological behavior of the material where
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the fatigue lives tend to converge at a high inelastic strain range. Particular attention

was paid to the embrittled temperature, where it was clear from fractographic analysis

that the embrittlement which occurs in HiSiMo significantly impacts the low cycle

fatigue performance of the alloy, particularly when the strain (or stress) is high.

Similar observations were made in Chapter III for TMF tests with varying thermal

range, phasings of the mechanical and thermal strains, and hold times. For TMF,

the failure mode depended strongly on the temperature range and phasing of the

mechanical and thermal strains. The observations made confirmed the embrittlement

was only damaging in the application of a tensile stress, and discovery later informed

the model to predict the fatigue life based on the different rates at which damage

accumulates in tension and compression.

The third contribution of this dissertation is a robust method to predict the TMF

life of the candidate material under conditions of severe thermal cycling. First, the

state-of-the-art Neu-Sehitoglu model (1989b) was applied to the more than 130 uni-

axial fatigue and TMF tests conducted for the dissertation work in Chapter IV. After

careful fitting of the many experimentally-determined parameters, it was found that

the Neu-Sehitoglu model was not well-suited for use with HiSiMo DCI because damage

in this material accumulates non-monotonically with temperature, and the model has

no term that can account for such behavior. Therefore, a new predictive framework

was developed which was based on consideration of inelastic strain energy dissipa-

tion, and is described in Chapter IV. This new model, which accounts for different

rates of damage accumulation in tension and compression, includes a temperature-

dependent term that modifies the tensile portion of the energy dissipation to account

for the 400 ◦C embrittlement of HiSiMo DCI. It provides good correlation with uni-

axial tests, as well as a component-level validation for a HiSiMo manifold design that

had been subjected to dynamometer testing. The model and validation cases are

presented in Chapter V.
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Together, these contributions provide a significant development in the understand-

ing of the high temperature isothermal and thermomechanical fatigue behavior of high

silicon molybdenum ductile cast iron. Furthermore, they establish a general criteria

for predicting the TMF life of HiSiMo DCI that is informed by the real behavior of

the material.

6.1 Future Work

Further work is recommended to develop the generality of the modified inelastic

strain energy dissipation approach for fatigue life prediction under anisothermal con-

ditions. In particular, the limitations addressed at the end of Chapter V are proposed

for further study.

6.1.1 Application of Model to Creep-Dominated Failure

The HiSiMo DCI considered in the dissertation work did not tend to fail by creep-

dominated effects under the conditions considered in the present study, although

tests were conducted at slow strain rates and with hold times at 800 ◦C, and cyclic

creep tests were conducted at 600 ◦C. In general, these tests could be expected to

greatly increase the proportion of creep damage in the fatigue cycle. However, they

failed to show a difference in life from the LCF tests. It is recommended that the

model be applied to a different HiSiMo alloy, or to specific tests conditions where

creep has been experimentally shown to contribute meaningfully to failure. The test

temperature should not be greatly increased, since HiSiMo DCI undergoes a phase

transformation near 810 to 840 ◦C (Sponseller et al., 1968). However, a suitable alloy

with a lower content of molybdenum (0.48 % was used in the present study) could be

more susceptible to creep damage.

In an effort to extend the use of the model to other materials, an interesting future

study would include a material where compressive stresses are found to be more
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damaging than tensile stresses, whether the damage occurs by creep or some other

mechanism. Since the contribution of damage is determined separately for tensile and

compressive stresses, it should be able to represent damage in those materials where

compressive loads cause a greater loss of isothermal or thermomechanical fatigue

performance.

6.1.2 Application to Realistic Thermal Cycles

Future work should include an effort to reduce the minimum temperature of the

TMF cycle to near ambient conditions. This represents a more realistic use case,

since the temperature at the critical crack location in Chapter V was found to vary

between about 60 ◦C and 750 ◦C. In particular, an interesting aspect of the work

would consider the difference in an IP and OP TMF cycle which occurs entirely

below the embrittled temperature. Since the compressive strength of a nodular cast

iron is generally much greater than its tensile strength (Ductile Iron Society , 1998),

the capacity of the material to dissipate energy due to tensile and compressive loads

may not be equivalent, despite the inactivity of the embrittlement mechanism. Such

a consideration could be relevant to other industries where HiSiMo DCI is applied.

6.1.3 Refine the Definition of Model Parameters

Finally, future work should seek to refine the physical meaning of the tensile

and compressive components of W ′
f . Introduced in Equation 5.7 as W T

f and WC
f ,

these terms segregate the differing effects of embrittlement which occur under tensile

and compressive stresses. An experimental test plan which systematically varies the

proportions of energy dissipation due to compressive and tensile stresses would likely

develop a relationship between W T
f and WC

f such that the empirical parameter α

could be related to a material property.
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APPENDIX A

Non-Destructive Evaluation of Cast Bars

(a)

(b)

Figure A.1: (a) Raw radiograph of Bar 1 of 10 randomly selected cast bars.
(b) Porosity-filtered image of the same radiograph.

(a)

(b)

Figure A.2: (a) Raw radiograph of Bar 2 of 10 randomly selected cast bars.
(b) Porosity-filtered image of the same radiograph.
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(a)

(b)

Figure A.3: (a) Raw radiograph of Bar 3 of 10 randomly selected cast bars.
(b) Porosity-filtered image of the same radiograph.

(a)

(b)

Figure A.4: (a) Raw radiograph of Bar 4 of 10 randomly selected cast bars.
(b) Porosity-filtered image of the same radiograph.

(a)

(b)

Figure A.5: (a) Raw radiograph of Bar 5 of 10 randomly selected cast bars.
(b) Porosity-filtered image of the same radiograph.
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(a)

(b)

Figure A.6: (a) Raw radiograph of Bar 6 of 10 randomly selected cast bars.
(b) Porosity-filtered image of the same radiograph.

(a)

(b)

Figure A.7: (a) Raw radiograph of Bar 7 of 10 randomly selected cast bars.
(b) Porosity-filtered image of the same radiograph.

(a)

(b)

Figure A.8: (a) Raw radiograph of Bar 8 of 10 randomly selected cast bars.
(b) Porosity-filtered image of the same radiograph.
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(a)

(b)

Figure A.9: (a) Raw radiograph of Bar 9 of 10 randomly selected cast bars.
(b) Porosity-filtered image of the same radiograph.

(a)

(b)

Figure A.10: (a) Raw radiograph of Bar 10 of 10 randomly selected cast bars.
(b) Porosity-filtered image of the same radiograph.
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