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ABSTRACT

Recent advances in high-performance computing and the efficiency of numerical

solvers have made it possible to use sequential high-fidelity hydrodynamic and structural

simulations to carry out design and optimization of marine lifting surfaces such as hydro-

foils and propulsors. However, the design optimization of flexible hydrofoils and propellers

requires coupled hydrodynamic and structural analysis to achieve a truly optimal, physi-

cally realizable, and structurally sound design. To address this need, the thesis presents

an efficient high-fidelity hydrostructural design optimization with large numbers of design

variables, multiple design points, as well as design constraints to avoid cavitation, avoid ex-

cessive stresses, and satisfy manufacturing tolerances. The hydrostructural solver couples a

3-D nearly incompressible Reynolds-averaged Navier–Stokes solver with a 3-D structural

finite-element solver. The hydrostructural solver is validated by comparing the hydrody-

namic load coefficients and tip bending deformations of a cantilevered aluminum hydrofoil

with a NACA 0009 cross section and a trapezoidal planform. A coupled adjoint approach

for efficient computation of the performance and constraint function derivatives with re-

spect to 210 shape design variables is used. Using this state-of-the-art hydrostructural

design optimization tool, a multipoint optimization yields improved performance over the

entire range of expected operating conditions with significantly increased cavitation incep-

tion speed. The hydrostructural optimal result is compared to an equivalent hydrodynamic-

only optimization, and results show that only the hydrostructural optimized design satisfies

the stress constraint up to the highest expected loading condition, highlighting the need

for coupled hydrostructural optimization. The proposed approach enables multipoint op-

timization of the hydrostructural performance for hydrofoils and marine propulsors, and

it constitutes a powerful new tool for improving existing designs, and exploring new con-
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cepts. The thesis also presents the first experimental validation of a numerically optimized

hydrofoil designed using the developed hydrostructural optimization tool. Good agreement

is observed between the predictions and measurements, where both showed that the opti-

mized hydrofoil yielded an overall increase in the lift-to-drag ratio of 29% and significantly

delayed cavitation inception compared to the NACA 0009 baseline.

In keeping up with the recent advances in material and manufacturing technology, the

possibility of using composite material for marine propulsors is investigated. Combined

experimental and numerical studies are presented to understand the benefits and challenges

of using composite material for the maritime applications. The composite hydrofoils are

manufactured by Defence Science and Technology Group (DSTG), Australia and are tested

in the cavitation tunnel at Australian Maritime College (AMC), Australia. Results are pre-

sented for three composite hydrofoils with different orientations of the structural carbon

layers, resulting in a different material-based bend-twist coupling. The results show that the

material-based bend-twist coupling has a significant impact on the load-dependent defor-

mation response, stall boundary, modal characteristics, susceptibility to static divergence,

and cavity dynamics.

This thesis helps in advancing the understanding of the impact of load-dependent

bend-twist coupling on the performance of adaptive composite hydrofoils. We also took

the first step towards developing a high-fidelity hydrostructural design optimization tool

for composite hydrofoils by extending our structural solver to simulate the performance of

anisotropic composite hydrofoils. The high-fidelity hydrostructural solver combined with

the improved understanding of the material-based bend-twist coupling has the potential

to play an important role in the analysis, design, and optimization of the next generation

adaptive composite marine propulsors.
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CHAPTER 1

Introduction

1.1 Motivation

With recent advances in high-performance computing, computational fluid dynamics

(CFD) modeling and structural modeling has become an integral part of the engineering

analysis and design process of marine vessels and propulsors. In aircraft wing design,

CFD and structural modeling have been integrated with numerical optimization and adjoint

methods to enable high-fidelity aerostructural shape optimization with a large number of

design variables. However, for maritime applications, there are additional challenges that

need to be addressed to carry out high-fidelity hydrostructural optimization.

To date, most of the design optimization tool for maritime applications only considered

hydrodynamic performance. Very few examples of hydrostructural shape optimization can

be found in literature, and they either used low-fidelity methods or used high-fidelity meth-

ods with a few design variables (< 15). Therefore, the first goal of this thesis is to carry out

high-fidelity hydrostructural optimization with a large number of design variables (of the

order of 100), with constraints on cavitation inception, aggregated von Mises stress, and

the manufacturing tolerances.

Recently, many researchers have been focusing on numerical optimization techniques

for the aerospace, marine, and wind engineering applications, but with minimal or no ex-

perimental validation of the numerical results. Thus, the second goal of this thesis is to
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validate the hydroelastic and cavitation performance of the numerically optimized hydro-

foil using experimental measurements.

In the first part of the thesis, numerical design optimization tool for an isotropic (i.e.,

aluminum) hydrofoil is presented. With the recent advances in material and manufactur-

ing technology, there has been an increased interest in the use of composite material for

aerospace, marine, and wind applications. The next step should be to develop design op-

timization tool for the composite material. While in the isotropic hydrofoil optimization,

only the shape of the hydrofoil is optimized to improve hydroelastic and cavitation perfor-

mance, the composite hydrofoil optimization will include optimizing both the shape and

the material configuration to achieve improved performance. However, to conduct com-

posite hydrofoil optimization, we should first improve the understanding of the influence

of inherent material-based bend-twist coupling of anisotropic composites on the hydroe-

lastic and cavitation performance of hydrofoils. The third goal of this thesis is to present

combined numerical and experimental studies to understand the benefits and the challenges

of using composite material for future maritime applications.

Finally, to combine the efficient high-fidelity hydrostructural design optimization tool

and the improved knowledge of the impact of material-based bend-twist coupling on the

hydroelastic and cavitating performance of composite hydrofoils, we take the first step

towards developing a hydrostructural design optimization tool capable of optimizing both

the geometric shape and the material configurations of composite hydrofoils. Thus, the

fourth goal of the thesis is to extend the high-fidelity hydrostructural solver to simulate the

performance of anisotropic composite hydrofoils.

1.2 Hydrostructural Optimization of Marine Propulsors

Since 90% of the world trade happens by water, the energy efficiency of maritime trans-

port is critical to global sustainability, as well as economic worldwide growth. The latest
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amendments to the International Conventional for the Prevention of Pollution from Ships

(MARPOL) mandate an increasingly stringent Energy Efficiency Design Index (EEDI)

score for the majority of new vessels. As per the regulations adopted by International Mar-

itime Organization (IMO) in 2011, new ships built between 2015 and 2019 need to have

an EEDI of at least 10% better than the reference line (which is based on the efficiency of

ships built between 1999 and 2009). After that, new ships built between 2020 and 2024

will be required to be 20% more efficient than the reference line, and then ships built from

2025 onwards will be required to be 30% more efficient [41].

The annual fuel consumption of commercial ships in 2001 was 289 million tonnes [32].

Thus, even a 1% fuel consumption reduction would lead to a fuel savings of 2.89 million

tonnes annually, which would significantly reduce the operational cost and the environ-

mental impact of maritime transportation. One of the ways to increase the efficiency of

marine transportation is to improve the propulsors, so there has been an increased interest

in marine propulsor design optimization.

Over the last decade, significant advances have been made in the analysis and design of

marine propulsors. However, most of the approaches adopted in the literature either only

considered hydrodynamic effects with low-fidelity methods or used high-fidelity methods

with few design variables.

Since propulsors exhibit complex geometries and their performance is sensitive to small

local shape changes, a large number of shape design variables are required to take full ad-

vantage of optimization. To evaluate propulsor performance and to accurately quantify the

effect of small shape changes, computational fluid dynamics (CFD) simulations that ac-

counts for viscous and cavitation effects is necessary. Furthermore, since propulsor blades

can deform, the CFD model should be coupled to a structural model to obtain the correct

shapes for each operating condition. Coupling to a structural model also enables us to

enforce material yield stress or fatigue limit constraints to ensure safe and reliable opera-

tion. These needs are also applicable to hydrofoil design. Note that hydrofoils can be seen
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as simplified profiles for more complex propeller or turbine blades, rudder, and control

surfaces.

1.2.1 Cavitation Constraint, Large Number of Design Variables, and

High-fidelity

Researchers have performed hydrodynamic shape optimization of hydrofoils using po-

tential flow methods both without considering cavitation [57] and by enforcing cavita-

tion [19, 40, 73, 103, 120]. Cavitation is the formation of bubbles in a liquid due to a drop

in local pressure to near or below the saturated vapor pressure, and is a critical driver in

marine propulsor design, because cavitation can lead to significant performance decay, ero-

sion, vibration, and noise issues.

For at sea operations, designers should make sure that the propulsor is not only ef-

ficient but also has the desired cavitation characteristics over a range of lift coefficients.

Brockett [19] presented one of the first studies for optimizing hydrofoil performance while

considering cavitation. Brockett was able to find an optimized cavitation-free hydrofoil for

a given design lift coefficient and minimum thickness (based on strength considerations)

for a range of lift coefficients using 2-D potential flow theory, which assumes inviscid and

irrotational flow. Eppler and Shen [40, 130] used an inverse wing section design method

based on 2-D potential flow coupled with the turbulent boundary-layer theory to design a

series of symmetrical and asymmetrical hydrofoil sections with delayed cavitation incep-

tion and separation characteristics.

Kinnas et al. [73] developed an efficient, nonlinear boundary element method (BEM) to

carry out potential flow analysis of 2-D and 3-D cavitating hydrofoils. Mishima et al. [103]

used the low-order BEM developed by Kinnas et al. [72] and carried out gradient-free

optimization to find the optimized hydrofoil geometry that minimizes the drag coefficient

for a given lift coefficient and cavitation number, with a constraint on the maximum cavity

length and cavity volume. The influence of viscous effects was considered by applying a
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constant friction coefficient over the wetted foil surface. Only five design variables were

used in their optimization study, and the method is only valid for cases at low to moderate

angles of attack due to the inviscid and irrotational flow assumption of the potential flow

solver. Zeng et al. [156] developed a genetic algorithm to optimize 2-D sections with

10 shape design variables and used a potential flow-based lifting surface (LS) method to

optimize the 2-D sections in the 3-D propeller blade design.

Besides potential flow-based optimization studies, some researchers also carried out

high-fidelity hydrodynamic shape optimization for hydrofoils, and marine vessels [24,141].

They used gradient-free optimization algorithms, which limited the number of design vari-

ables to less than 15 due to a large number of required function evaluations, compounded

with the high computational cost of high-fidelity hydrodynamic solvers.

In Chapter 4, the challenge of performing high-fidelity RANS (Reynolds-averaged

Navier–Stokes)-based hydrodynamic shape optimization with respect to a large number

of shape design variables (210) while enforcing cavitation constraints [43] is tackled. This

is achieved through the use of gradient-based optimization algorithm together with an ad-

joint method that efficiently computes the required gradients. Results show that an efficient

high-fidelity hydrodynamic shape optimization method capable of handling large number

of design variables is necessary to find an optimal design for highly loaded conditions,

where viscous effects cannot be neglected [43].

1.2.2 Coupled Hydrostructural Optimization

The optimization efforts mentioned before considered only the hydrodynamic perfor-

mance and assumed the lifting surfaces to be rigid. The rigid assumption may be sufficient

for relatively stiff metallic marine propulsors with zero skew or sweep, as the propeller

blade or hydrofoil undergo small bending deformation with negligible twisting deforma-

tion. However, the flow-induced coupled bending and twisting deformation of propeller

blades or hydrofoils with high skew or made of a lightweight and flexible material (e.g.,
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fiber-reinforced composites) becomes more critical, as the twisting deformation changes

the effective angle of attack, and hence the performance [147]. The deformation of the

flexible lifting surface can be detrimental or beneficial for the structural performance, hy-

drodynamic performance, as well as cavitating performance, depending on the design. The

impact of the fluid-structure interaction on performance further highlights the need for cou-

pled hydrostructural optimization in the design of the next-generation marine propulsors

using advanced lightweight materials.

Recently, Lee and Lin [79] performed hydrostructural optimization of a composite ma-

rine propeller using a 3-D coupled LS (lifting surface)-FEM solver with a genetic algorithm

to optimize the stacking sequence of a 3-D composite marine propeller in steady, fully wet-

ted conditions. They considered only 12 design variables for the stacking sequence of

the composite material layers, but they did not consider the susceptibility to cavitation or

the material failure in the optimization. Lin et al. [82] performed experimental studies

in a cavitation tunnel for the DTNSRDC 4498 propeller design, comparing three differ-

ent propellers: 1) original shape with quasi-isotropic stacking sequence, 2) original shape

with the optimized stacking sequence, obtained using genetic algorithm [78, 83], and 3)

pre-deformed shape with the optimized stacking sequence. The optimized propeller was

designed to have a torque coefficient equal to the original shape at the design advance co-

efficient of 0.889. However, the experimental data showed that the design torque was not

met at that advance coefficient for the original shape with the optimized stacking sequence.

Thus, pre-deformed shape with the optimized stacking sequence was considered to be the

true optimum. Results showed poor agreement between the experimental measurements

and numerical predictions using a steady-state BEM solver (PSF-2) coupled with a com-

mercial finite element solver (ABAQUS). They concluded that the pitch of the optimized

propeller decreases as the loading decreases, resulting in reduced torque and increased ef-

ficiency. However, they did not test a no-twist or a rigid propeller for a fair comparison.

Additionally, they did not consider structural integrity of the optimized propeller or cavita-
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tion.

Motley et al. [105], Liu and Young [85], and Plucinski et al. [126] also performed hy-

drostructural optimization studies to optimize the efficiency of adaptive composite marine

propellers, with consideration for cavitation, fluid-structure interaction, and material stress

limits. All three studies used coupled 3-D BEM hydrodynamic solver and a 3-D finite el-

ement method (FEM) structural dynamics solver, which was validated with experimental

measurement of rigid metallic and adaptive composite marine propellers [102,147,149,150,

152, 154]. While the LS method is slightly faster than the BEM [79], the BEM is better

at capturing the flow details at the propulsor’s leading edge and tip, the effects of non-

linear thickness-loading coupling, as well as cavitation. Motley et al. [105] presented an

integrated probabilistic design approach to minimize lifetime fuel consumption subject to

cavitation and stress-based material failure initiation constraints, with consideration for the

probabilistic operation profile of the vessel. Liu and Young [85] and Plucinski et al. [126]

used a genetic algorithm to optimize the stacking sequence to maximize the efficiency of

self-twisting composite marine propellers. However, since they used a genetic algorithm as

the optimizer, they only considered five design variables representing the stacking sequence

for the composite propeller material layup with a discrete set of ply angles. Moreover, pre-

vious work on composite marine propellers has mostly focused on the optimization of the

material layup sequence, and not the propeller shape itself.

Most of the previous work on shape optimization of marine propulsors has been based

on low-to-medium-fidelity potential flow solvers–such as LS or BEM methods–with only

up to 15 design variables. The multipoint aerostructural optimization with respect to large

numbers of design variables using coupled CFD and FEM solver has been tackled in the

aircraft wing design through the use of gradient-based algorithms together with efficient

methods for computing the required gradients by Kenway et al. [67]. They carried out the

coupled multipoint aerostructural optimization of a transonic transport wing with respect

to 472 geometric shape and structural sizing variables, subject to 57 constraints. In a more
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recent effort, Kenway et al. [69] minimized the fuel burn subject to lift, pitch moment,

geometric, and structural failure constraints, yielding an 11.2% fuel burn reduction. While

the approach has been successfully applied in aircraft wing design, the maritime application

brings additional challenges such as higher loading, fluid structure interaction, as well as

the potential susceptibility to cavitation, and hydroelastic instabilities.

In Chapter 5, the challenge of performing high-fidelity RANS-based coupled hydrostruc-

tural shape optimization while enforcing cavitation constraints, fatigue stress constraint,

and the manufacturing tolerances is tackled. Results show that an efficient high-fidelity

coupled hydrostructural optimization capable of handling large number of design variables

is necessary to achieve a truly optimal, physically realizable, and structurally sound design.

The hydrodynamic and cavitation performance improvement of the optimized hydrofoil is

validated with experiments in Chapter 6.

1.2.3 Multipoint Optimization

Traditionally, marine propulsors and hydrofoils have been designed to achieve optimal

performance at a single or a few operating conditions, such as the hump speed, the sus-

tained speed, and the maximum speed. However, depending on the mission objectives,

loading conditions, and sea states, a vessel may be required to operate over a wide range

of operating conditions. It is also well known that the performance of fixed geometry and

fixed pitch marine propulsors can decay rapidly for off-design conditions. Nevertheless,

many designers still only design the propulsor geometry for optimal performance at a sin-

gle design point, and then evaluate the performance at the other critical operating points to

ensure satisfactory performance. Similarly, the structural performance evaluation is typi-

cally conducted only after the propulsor geometry is optimized based on the hydrodynamic

performance only. This sequential design approach is adopted due to the high computa-

tional cost associated with the multipoint design using coupled fluid and structural calcula-

tions, particularly when using high-fidelity methods. However, this may not yield the best
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overall design, particularly for vessels with broad operational profiles and load-dependent

self-adaptive propellers [147].

Motley and Young [107] carried out performance-based analysis and design for rigid

and flexible composite marine propellers across the probabilistic operational space of the

vessel. They used the same 3-D coupled BEM-FEM solver as used by [85,105,126]. They

concluded that it is critical to consider the full operational space when designing or analyz-

ing self-adaptive composite marine propellers, due to the load-dependent blade deforma-

tion and performance. Motley and Young [107] also noted that the steady state efficiency

and power requirements of the optimized rigid and adaptive propellers are similar at the

design condition. However, the adaptive composite propeller achieves better performance

in spatially varying wake inflow, off-design conditions, and cavitating conditions than its

rigid counterpart due to the passive load-dependent pitch adaptation. They used an equiv-

alent unidirectional fiber angle model to capture the global load-dependent hydroelastic

behavior of multi-layer composite designs and to perform first-order analysis to confirm

the structural integrity.

Kramer et al. [74] used a probabilistic multipoint approach to optimize the diameter

of two waterjets for maximum overall system efficiency of a surface-effect ship while sat-

isfying size and cavitation constraints. They found an increase in the lifetime fuel effi-

ciency for the probabilistic multipoint optimized design compared to the single-point de-

sign. Blasques et al. [14] performed the design and optimization of a flexible composite

marine propeller. They used the derivative-free pattern-search algorithm NOMADm as the

optimization algorithm. To evaluate the performance, they used a 3-D BEM solver coupled

with the commercial FEM software ANSYS. The propeller was optimized for two design

points: cruise speed and maximum speed. The results showed a combined reduction of

1.25% in fuel consumption, and a decrease of 4.7% at the cruising speed condition for a

controllable-pitch propeller installed on a naval vessel. However, they did not consider

cavitation and studied the strength constraints separately, rather than in the optimization
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model. Various other researchers also showed that the probabilistic multipoint design can

lead to improved performance over the vessel’s entire operation profile [107, 113, 145].

In Chapters 4 and 5, the difference in the performance as well as the computational

time of the single-point optimized design and the multipoint optimized design is discussed.

Results show that to achieve a design capable of performing well over the entire range of

operation, multipoint optimization is necessary.

1.3 Effects of Load-dependent Bend-Twist Coupling on

the Performance of Composite Hydrofoils

While Chapters 4 and 5 present a state-of-the-art high-fidelity coupled hydrostructural

design optimization tool for optimizing the geometric shape of marine propulsors, the opti-

mization of adaptive composite propulsors requires optimization of both shape and material

configuration. In this section, previous studies and background on the impact of inherent

material-based bend-twist coupling of the composite material on the hydroelastic perfor-

mance will be presented.

1.3.1 Challenges and Benefits of Composites

Traditionally, marine propulsors are constructed of metallic alloys such as nickel alu-

minum bronze (NAB). NAB is preferred because of its anti-biofouling characteristics, good

corrosion fatigue resistance in salt water, high resistance to cavitation erosion, and high

stiffness. The abundance of available literature and extensive collective experience in the

design, manufacturing, and use of metallic alloys favors its use for marine propulsors. In

addition, the high stiffness of metallic alloys such as NAB allows decoupling of the hydro-

dynamic and structural analysis, which simplifies the design and analysis process.

With recent advances in resin and fiber materials technology, as well as the develop-

ment of reliable high quality manufacturing methods, composites are now commonly used
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in aerospace [50,71,118,143] and wind engineering applications [51,63,76,88,94,95,139].

Composites are also being used for many maritime applications, including propellers, tur-

bines, pumps, hydrofoils, wings, waterjets, ducts, and control surfaces such as rudders,

fins, and stern planes. However, the use of composites in marine propulsors is still not

common compared to metallic alloys [13, 23, 27, 29, 52, 110, 147]. The reluctance to use

composites, despite the well-known advantages (e.g., higher specific strength, higher spe-

cific stiffness, and resistance to corrosion), can be attributed to the lack of expertise and

knowledge about manufacturing, design, serviceability, and reliability of composites in the

harsh marine environment. Composites are also more difficult to model because of their

anisotropic response (i.e., their material properties vary with respect to the load direction)

and complex material failure mechanisms [9,10,12,47,56,59,117,121,129,133]. There is

also a reluctance to use composites for marine propulsors because of the lack of systematic

data sets to validate design and analysis tools. Most marine propulsors are still made of

metallic alloys, such as NAB, as the structural weight is not as critical a driver for maritime

applications, as for aerospace or wind engineering applications.

One critical advantage of anisotropic composites that has gained significant interest

in recent years is the ability to improve the hydrodynamic performance by tailoring the

intrinsic material-induced bend-twist behavior to achieve passive, load-dependent shape

adaptation. As shown in the previous literature, hydroelastic tailoring can be used to in-

crease the energy efficiency and delay cavitation inception of composite marine propellers

and turbines, particularly in spatially and/or temporally varying inflows and in off-design

conditions [27,85,107,109,110,147]. In addition to efficiency, another critical concern for

both propulsors and turbines is flow-induced vibrations and noise, which can be passively

controlled by understanding and carefully tailoring the load-dependent bend-twist coupling

response of anisotropic composites.

For flexible marine propulsors and turbines, the hydrodynamic load may induce bend-

ing and twisting deformation, which will change the effective blade incidence and in turn
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affect the hydrodynamic load distributions, flow separation and cavitation inception bound-

aries, as well as modal vibration characteristics (i.e. mode shapes, modal frequencies, and

damping coefficients) and hydroelastic instability boundaries (e.g. static divergence and

flutter) [147]. For isotropic and deformable lifting bodies, hydrodynamic bend-twist cou-

pling exists when the center of pressure is away from the elastic axis (or shear center),

where the twisting moment can induce a change in the effective angle of attack, and hence

the hydroelastic performance and vibration characteristics [25,26]. The hollow and rib-spar

structure typical of helicopter blades and wind turbines allow the designer some control of

the elastic axis, but the center of pressure is difficult to control, as it is dependent on the flow

condition. On the other hand, most marine propulsors and turbine blades have solid interior

architecture because of the need to withstand high hydrodynamic loads (which are propor-

tional to the fluid density), which limits the designer’s ability to vary the elastic axis or the

center of gravity. Moreover, practical geometric and material constraints typically limit the

twisting deformation of hydrodynamic lifting devices made of homogeneous and isotropic

engineering materials to be less than one degree. To achieve greater passive control of the

hydroelastic response and stability of hydrodynamic lifting bodies, the intrinsic material

bend-twist coupling behavior of anisotropic composites can be utilized by carefully select-

ing the material layup and stacking sequence, which can yield twisting deformation greater

than one degree under normal hydrodynamic loads. However, the analysis and design pro-

cess of adaptive composite marine propulsors introduces additional complications. The

deformation and performance of passive adaptive hydrodynamic lifting bodies depend on

the total load, which complicates the propeller-hull matching process, as the propeller must

be able to overcome the vessel resistance, which varies with ship speed, heading, and sea

states [107,147]. Moreover, a flexible lifting body designed to interact with the flow can be

susceptible to flow-induced vibrations and hydroelastic instability issues. Hence, it is crit-

ical to fully understand and predict the load-dependent bend-twist coupling effects on the

hydroelastic response and stability of adaptive composite marine propulsors and turbines.
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1.3.2 Previous Experimental and Numerical Studies

Over the last decade, various researchers have presented coupled fluid-structure inter-

action (FSI) models to study the behavior of flexible marine propulsors and turbines in both

sub-cavitating and cavitating flows [7, 26, 38, 85, 86, 112, 144, 145]. Lin and Lin [84] were

among the first to show the effects of stacking sequence of anisotropic material layers on

the hydroelastic performance of composite propeller blades. Numerical studies have shown

that the load-dependent bend-twist coupling behavior of anisotropic composites can be used

to improve the efficiency and reduce or delay cavitation compared to similar rigid geometry

designs when operating at off-design conditions [70,85,106,107,109,144,152,153]. Sim-

ilar advantages have been found numerically for composite marine turbines, where adap-

tive blades were shown to improve performance, reduce structural loads, and reduce/delay

cavitation compared to rigid blades [11, 104, 114, 115, 148]. Related numerical studies to

optimize the stacking sequence of composite propellers to maximize fuel efficiency can be

found in [79, 83, 85, 109, 126].

Gowing et al. [49] carried out one of the first experiments to study the effect of flex-

ible hydrofoils on cavitation inception characteristics. They presented experimental mea-

surements for two composite elliptic hydrofoils that were designed to reduce twist under

load. They concluded that the deflections reduced the effective angle of attack, which de-

lays cavitation inception due to the reduced tip loading. Chen et al. [27] presented results

for a 24-inch model-scale adaptive pitch composite marine propeller that was designed

to de-pitch under hydrodynamic load in forward operating conditions. They concluded

that a properly designed flexible composite propeller can be more efficient and cavita-

tion inception can be significantly delayed, compared to their rigid counterparts, in highly

loaded off-design conditions and in spatially varying inflow. In addition to the studies con-

ducted by Chen et al. [27], other experimental studies of composite marine propellers can

be found in [82, 119]. In addition, Ducoin et al. [37–39], Akcabay et al. [6, 7], Akcabay

and Young [8], and Chae et al. [25, 26] also carried out combined experimental and nu-
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merical studies of the flow-induced deformation response, hydroelastic performance, and

flow-induced vibration characteristics of cantilevered flexible hydrofoils in fully wetted and

cavitating flow conditions. They concluded that the hydrodynamic and structural responses

of the hydrofoil are strongly coupled, and the vibration characteristics of the hydrofoils can

be significantly influenced by not only the structural stiffness and mass, but also the fluid

inertial, damping, and disturbing forces.

Recently, Zarruk et al. [155] presented experimental measurements for six hydrofoils

with similar geometry, but made up of different materials (stainless steel (steel), aluminum

(AL), CFRP 00, CFRP +30). The results showed that the composite hydrofoils have signif-

icantly different hydrodynamic and hydroelastic performance, compared with the metallic

hydrofoils. They also showed that the fiber orientation of the structural CFRP layers sig-

nificantly affected the hydrodynamic performance. However, Zarruk et al. [155] did not

fully investigate the impact of load-dependent bend-twist coupling, particularly on the stall

boundaries, and did not connect the deformation response with the hydrofoil modal char-

acteristics and hydroelastic stability boundaries, all of which are critical for the design,

analysis, optimization, and safe operation of marine propulsors.

In Chapter 7, combined numerical and experimental studies are presented to understand

the impact of load-dependent bend-twist coupling on the hydroelastic performance, stall

boundaries, modal characteristics, static divergence speeds, and the cavitating performance

of composite hydrofoils. Finally, in Chapter 8, we take the first step towards developing an

efficient high-fidelity design optimization tool for composite hydrofoils by extending the

FSI solver to simulate the behavior of unidirectional anisotropic composite hydrofoils.

1.4 Thesis Objectives

The objective of this thesis can be listed as:

• Extend a state-of-the-art aerodynamic design optimization tool to carry out the CFD-
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based hydrodynamic shape optimization of a hydrofoil, with a large number of design

variables and a constraint on cavitation inception, over a wide range of operating

conditions.

• Extend the design optimization tool to carry out the coupled hydrostructural shape

optimization of a hydrofoil, with a large number of design variables and a constraint

on cavitation inception and fatigue stress, over a wide range of operating conditions.

• Validate the hydroelastic and cavitation performance improvement of an optimized

hydrofoil with experimental measurements.

• Present combined experimental and numerical studies to improve the understanding

of the governing physics behind load-dependent bend-twist coupling of composite

hydrofoils.

• Extend the high-fidelity FSI solver to simulate the performance of unidirectional

anisotropic composite hydrofoils.

1.5 Thesis Outline

This thesis presents a state-of-the-art high-fidelity hydrostructural shape optimization

tool with a capability to handle a large number of design variables and constraints on cav-

itation inception, fatigue stress, and the manufacturing tolerances. The thesis can be di-

vided into three major parts: (1) the coupled hydrostructural design optimization tool, (2)

the combined experimental and numerical studies to understand the influence of the in-

herent bend-twist coupling of composites on the hydroelastic and cavitation performance

of composite hydrofoils, and (3) coupled hydrostructural solver to predict the behavior of

composite hydrofoils.

In Chapters 2, we discuss the hydrostructural design optimization framework. Chap-

ter 2 gives an overview of each component in the framework, i.e., CFD solver, structural
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solver, fluid-structure coupling algorithm, geometry and mesh perturbation, optimization

algorithms, and cavitation constraint. Chapter 3 describes the experimental setup used

for the experimental measurements presented in the following chapters. The experimen-

tal study presented in this thesis are conducted in Australian maritime College (AMC).

The need for a large number of design variables and high-fidelity solver (i.e., RANS-based

fluid solver over the Euler-based fluid solver) in the optimization process is described in

Chapter 4. Chapter 4 also presents the multipoint hydrodynamic shape optimization of a

hydrofoil, with a constraint on cavitation inception. In Chapter 5, we present the validation

study of the hydrostructural solver. In addition, the multi-point hydrostructural optimiza-

tion of an aluminum hydrofoil is presented with constraints on cavitation inception, fatigue

stress, and the manufacturing tolerances. In Chapter 5, we also discuss the difference be-

tween the hydrodynamic-only optimized design and the hydrostructural design, in terms of

performance as well as the computational time. In Chapter 6, experimental validation of

the performance improvement through the numerical optimization techniques is presented.

Chapter 7 focuses on improving the understanding of underlying physics behind load-

dependent bend-twist coupling of composite hydrofoils. We present combined experimen-

tal and numerical studies to understand the influence of inherent material-based bend-twist

coupling on the hydroelastic response and the cavitation performance of composite hydro-

foils. In Chapter 8, we extend the high-fidelity structural solver to simulate the performance

of anisotropic composites. The modal characteristics (i.e., mode shapes and frequencies),

static stress, and deformation verification studies against a commercial structural solver,

Abaqus, is presented. The conclusions are summarized in Chapter 9.
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CHAPTER 2

Hydrostructural Design Optimization

Framework

To achieve the overall goal of performing hydrostructural optimization of marine lifting

surfaces, the previously developed framework, MACH (MDO of Aircraft Configurations

with High-fidelity) [66, 67] was extended. The MACH framework has the capability of

performing static aeroelastic (aerostructural) optimization of lifting surfaces, which con-

sists of simultaneously optimizing the aerodynamic shape and structural sizing while ac-

counting for structural flexibility [21, 65, 69, 80]. The MACH framework is adapted for

hydrostructural shape optimization of lifting surfaces in viscous and nearly incompressible

flows, with a constraint to avoid cavitation inception, aggregated von Mises stress, and the

manufacturing tolerances. We now briefly describe the components of the hydrostructural

optimization framework: CFD solver, structural solver, fluid-structure coupling algorithm,

geometry perturbation algorithm, optimization algorithm, adjoint gradient computation,

and cavitation constraint.
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2.1 CFD Solver

The flow is assumed to be governed by the 3-D compressible RANS equations without

body forces, which can be written as,

∂ρ f

∂t
+

∂

∂x j
[ρ f v j] = 0

∂ρ f vi

∂t
+

∂

∂x j
[ρ f viv j + pδi j−τi j] = 0

∂E
∂t

+
∂

∂x j
[Ev j + pv j + q j− viτi j] = 0

(2.1)

where the subscript indices i, j = 1,2,3 correspond to the x, y, and z directions, respectively;

v is the velocity; ρ f is the fluid density; p f is the fluid pressure; E is the fluid energy; τi j is

the fluid shear stress tensor; δi j is the Kronecker delta; and qi is the fluid heat flux vector.

These equations can be written in discrete form as a set of residual equations for the flow

states w = [ρ f ,ρ f v1,ρ f v2,ρ f v3,ρ f E]T ,

A(w) = 0 (2.2)

The CFD solver used herein is ADflow, which is a 3-D finite-volume, cell centered

multi-block solver for the compressible flow equations [137]. The Jameson–Schmidt–

Turkel [62] scheme augmented with artificial dissipation is used for spatial discretization.

An explicit multi-stage Runge–Kutta method is used for the temporal discretization. The

one-equation Spalart–Allmaras (SA) [131] turbulence model is used. ADflow includes a

discrete adjoint solver developed by Lyu et al. [90] (explained briefly in Section 2.6) that

computes gradients suitable for shape optimization studies [28, 68, 89, 91].

The focus of this thesis is on incompressible flows. The compressible flow equations

can be used to solve incompressible flows, where the Mach number (Ma = U/a; where U

is the fluid speed, and a is the speed of sound in the fluid) is very close to zero, say less

than 0.01. As explained in Turkel et al. [136], when solving compressible equations for
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such low Mach numbers, numerical issues arise because of the large disparity between the

acoustic wave speed, i.e., v + a, and the waves convection speed, i.e., v, resulting in an

ill-conditioned system.

There are two basic approaches available in the literature to solve compressible flow

equations for nearly incompressible flows: 1) Dual-time stepping approach [17, 101, 140]:

This approach is used for time-accurate solutions. In this approach, flow-field at each

level is treated as a steady-state problem in pseudo-time, with appropriate source terms

to provide an influence on the flow history at the current time level. However, they are

relatively difficult to implement due to the addition of pseudo-time variable. 2) Pseudo-

compressibility approach [30, 135, 136]: This approach damages the time-accuracy of the

solution. In this approach, the time derivatives of a flow governing equation are pre-

multiplied by a preconditioner matrix which slows down the speed of the acoustic waves

towards the fluid speed to make the system well-conditioned. Since, in this thesis, we are

not interested in the time-accurate solutions, we use the pseudo-compressibility approach.

Turkel et al. [136] describe pseudo-compressibility approach using two algorithms: in the

first algorithm, conversation variables, i.e., [ρ f ,ρ f v1,ρ f v2,ρ f v3,ρ f E], are used for all the

updates and the major change is the multiplication of the time derivatives by a nonphysical

matrix. In the second algorithm, instead of updating the conservation variables, the new

variables are used (as specified in Turkel et al. [136]). Second algorithm basically changes

the dependent variable from density to pressure, since density becomes constant in the in-

compressible limit. With the second algorithm, inflow Mach number of zero results in an

effectively incompressible code. Zero Mach number is not possible with the first algorithm

since density appears in the equation, but a low enough Mach number, e.g. Ma = 0.01, can

be achieved efficiently by preserving the integrity of the solution since the flow compress-

ibility effects are negligible for Ma < 0.1. However, to avoid updating the variables and

significantly reducing the amount of work required, we chose the first algorithm. The dis-

advantage of the first algorithm is that it runs into numerical problems for Mach numbers
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below 0.01. Details of the first algorithm implemented in ADflow is presented below.

The condensed compressible RANS equation (non-conservative form of the Eq. (2.1)),

for the 3-D viscous flows with the preconditioner matrix can be written as,

D−1wt + Awx + Bwy + Cwz = 0 (2.3)

where wt is the time derivative of the state variables; wx (or wy and wz) is the x (or y and z)-

derivative of the state variables; and A (or B and C) is the flux Jacobian. To accommodate

the compressible formulation in ADflow, the preconditioner matrix, D, is defined as,

D =
∂wc
∂w0

D0
∂w0
∂wc

(2.4)

where w0=[p,u,v,w,E]T ; wc=[ρ f ,ρ f v1,ρ f v2,ρ f v3,ρ f E]T ; and D0 is defined as,

D0 =



βM2
T

a2 0 0 0 0 −
βM2

T ζ

a2

−
γv1

ρ f a2 1 0 0 0
γv1ζ

ρ f a2

−
γv2

ρ f a2 0 1 0 0
γv2ζ

ρ f a2

−
γv3

ρ f a2 0 0 1 0
γv3ζ

ρ f a2

0 0 0 0 1 0

0 0 0 0 0 1



(2.5)

βM2
T = min[max(K1(v2

1 + v2
2 + v2

3),K2(v2
1inf + v2

2inf + v2
3inf)),a

2] (2.6)

K1 = K3

[
1 +

(1−K1M2
0)

K1M4
0

M2
a

]
(2.7)

where a is the speed of sound; ρ f is the density of the fluid; v1inf,v2inf, v3inf are the free-

stream velocities along x, y, and z, respectively. Ma is the free stream Mach number; M0 is

a constant set by the user to decide the specific Mach number to activate the preconditioner;
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for Ma > M0, βM2
T = a2.

The main function of this preconditioner matrix, D, is to reduce the stiffness of the

eigenvalues. The acoustic wave speed, v + a, is replaced by a pseudo-wave speed of the

same order of magnitude as the fluid speed. To be efficient, the selected preconditioning is

valid for inviscous computations as well as for viscous computations.

There are various low-speed preconditioners available in the literature. Some of the

most common ones are Turkel [136], Choi–Merkle [30] and Van leer [138]. A general

preconditioner with two free parameters, γ and ζ is presented in Eq. (2.5). If ζ = 1 and

γ = 0, then we have the preconditioner suggested by Choi and Merkle [30]. With ζ = 0

and γ = 0, the Turkel [136] preconditioner is recovered. In the present method, the Turkel

preconditioner is used. M0 is fixed as 0.2 in the current solver, such that the preconditioner

is active only when the Mach number is below 0.2. K3 was set as 1.05 and K2 as 0.6, which

are within the range suggested by Turkel [136]. Note that the preconditioning matrix shown

in Eq. (2.5) becomes singular at Ma = 0. Thus, the preconditioner will not work for Mach

number very close to 0. The preconditioner was tested for Mach number as low as 0.01.

For Ma < 0.01, the preconditioner runs into some numerical difficulties depending on the

problem. Typically, in marine applications, the Mach number ranges from 0.001 to 0.05.

The higher end of the range can be easily solved using the modified solver, but numerical

issues are encountered near the lower end. However, for Ma < 0.01, compressibility effects

are negligible, and hence the actual solution would be practically the same as the Ma = 0.01

case.

Additionally, to simulate the same dynamic viscosity and temperature as used in the

experiments, the Sutherland’s law [132] is used,

µ f = µref

[
T

Tref

]3/2 Tref + S ref

T + S ref
, (2.8)

where Tref is the reference temperature, µref is the dynamic viscosity at Tref, and S ref is
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the Sutherland temperature. Since Sutherland’s law is not valid for water, we modified the

Sutherland’s law parameters (Tref, S ref) to get µ f = µref by setting T = Tref. Thus, for any

value of S ref we have, [
T

Tref

]3/2 Tref + S ref

T + S ref
= 1. (2.9)

To replicate the experimental conditions used by Zarruk et al. [155], we set T = Tref = 15o C,

so µ f = 1.140×10−3 Ns/m2.

2.1.1 Convergence Behavior of the Low-Speed Preconditioner Solver

As shown in previous literature [136], the low-speed preconditioners typically reduces

the speed of the system significantly and thus the convergence speed also reduces. The

slow convergence rate makes it difficult to be used for analysis, and thus optimization.

To overcome the slow convergence issue, the spectral radius method used to calculate the

time step size in the Runge–Kutta 4th order (RK4) solver was modified to reflect the state

variables after preconditioning. The spectral radius, r, of a matrix can be defined as the

maximum absolute value of its eigenvalues (λi), as shown in Eq. (2.10). The modified time

step size is calculated by finding the spectral radius of the preconditioned flux Jacobians,

A, B, and C, as shown in Eq. (2.11).

r(A) = max|λi| (2.10)

4t = CFL×∀×
1

r(A) + r(B) + r(C)
(2.11)

where |λi| are the eigenvalues of the respective matrices. r(A) represents the spectral ra-

dius of A, and similarly for r(B) and r(C). CFL is the CFL (Courant–Friedrichs–Lewy)

number [33] and ∀ is the volume of the particular cell.

Table 2.1 shows the comparison of the time and iterations taken by ADflow at the Mach

number of 0.8, and ADflow at the Mach number of 0.05. Both the simulations were carried
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out for a tapered NACA 0009 hydrofoil (as shown later in Section 4.1.1) using RANS

equations, at Re = 1 × 106 and angle of attack (α) of 6◦. The computational time and

number of iterations required for convergence for the two cases are compared in Table 2.1.

Both simulations used a 515,520 cell mesh (shown later in Figure 4.2) with a y+ of 1.1.

The solutions were converged until the residuals were less than 1×10−6. The simulations

were carried out with 64 processors (2.80 GHz Intel Xeon E5-2680V2 processors at the

University of Michigan High Performance Computing (HPC) flux cluster. As observed

from Table 2.1, the ADflow at Mach number of 0.05 takes approximately 2.2 times the

computational time taken by the ADflow at the Mach number of 0.8, which is acceptable

to carry out optimization studies.

Table 2.1: Comparison of computational time and the number of iterations required for
convergence for the RANS-simulation results using the ADflow at Ma = 0.8 and Ma = 0.05
for a tapered NACA 0009 hydrofoil at Re = 1.0× 106 and α of 6◦. The simulations were
carried out with 64 processors (2.80 GHz Intel Xeon E5-2680V2 processors).

Ma=0.8 Ma=0.05
Computational time (s) 343 743
No. of Iterations 2559 6144

2.2 Structural Solver

The structural solver used in the MACH framework is the Toolkit for the Analysis of

Composite Structures (TACS) [64]. TACS is a parallel, general 3-D finite-element solver

for structural analysis. The steady-state structural governing equation residuals can be

written as,

S(u) = Ku−F = 0, (2.12)

where u is the vector of structural displacements, K is the linear structural stiffness matrix,

and F is the hydrodynamic load vector. TACS is also able to compute gradients using

an adjoint method (explained in Section 2.6), making the cost of the gradient calculation
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nearly independent of the number of structural design variables. In the present research, the

hydrofoil is assumed to be made of a solid homogeneous isotropic material with the linear

elastic response. In addition to the displacements, TACS computes the stress for each finite

element.

2.3 Fluid-Structure Coupling Algorithm

The CFD and the structural solvers described above are coupled in a hydrostructural

solver capable of predicting the hydrofoil deflections and forces for a given flow condition.

The hydrodynamic loads (pressure and shear stresses) computed by ADflow are transferred

to the structural solver, and the displacements from the structural solver, in turn, dictate the

deformation of the CFD mesh. Kenway et al. [66] implemented the load and displacement

transfer scheme used in this work based on the methodology presented by Brown [20].

Rigid links are computed between each CFD surface mesh point and the closest point on

the structural model surface. The rigid links are then used to extrapolate the displacements

from the structural surface to the CFD surface. The consistent force vector is determined

by employing the method of virtual work, ensuring that the force transfer is conservative.

The integration of the forces is performed on the CFD mesh, and forces are then transferred

to the structure through the rigid links. The two major advantages of using this scheme are

that (1) it is consistent and conservative by construction, and (2) it may be used to transfer

loads and displacements between CFD and structural meshes that are not coincident.

To solve the coupled hydrostructural equations, the hydrodynamic analysis is first par-

tially converged, and the forces are evaluated. These forces are then transferred to the

structural analysis, and the corresponding displacements are computed. Thereafter, the

displacements are transferred back to the hydrodynamic analysis, the geometry, and the

corresponding mesh is deformed, and a new CFD solution is found. This iterative loop

continues until the coupled convergence criterion is satisfied (when the relative decrease in
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both the hydrodynamic and structural residuals compared to the free-stream values is less

than 10−5).

2.4 Geometry Perturbation Algorithm

The free-form deformation (FFD) volume approach is used to parametrize the geome-

try [66]. To obtain a more efficient and compact set of geometric design variables, the FFD

volume approach parametrizes the geometric changes rather than the geometry itself. All

the geometric changes are performed on the outer boundary of the FFD volume. Changes

to this outer boundary modify the objects embedded in the volume, including the foil and

the structural mesh. Deformation of the structural mesh cause changes in the stiffness ma-

trix of the structural model, resulting in a change in the stiffness, resonance frequencies,

and internal stress distribution. The examples of the FFD control points used for hydrofoil

optimization are presented in Chapters 4 and 5.

Since the geometry is modified during the optimization using the FFD volume ap-

proach, the CFD mesh needs to be perturbed to carry out the hydrostructural solution

for the modified geometry. The mesh perturbation scheme is a hybridization of algebraic

and linear-elasticity methods [66]. In the hybrid warping scheme, a linear-elasticity-based

warping algorithm is used for a coarse approximation of the mesh to account for large,

low-frequency perturbations; the algebraic warping algorithm is used to attenuate small,

high-frequency perturbations. For the results shown in this thesis, the hybrid approach is

not required, and the algebraic algorithm is used because only small mesh perturbations

were needed to optimize the geometry.

2.5 Optimization Algorithm

The CFD and structural FEM solutions are the most expensive components in the hy-

drostructural shape optimization. Thus, for large-scale optimization problems, the chal-
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lenge is to solve the problem to the desired level of optimality with as few hydrostructural

function evaluations as possible. There are two broad categories of optimization algo-

rithms: gradient-free algorithms and gradient-based algorithms. Gradient-free algorithms,

such as genetic algorithms and particle swarm optimization, have a higher probability of

getting close to the global minima for problems with multiple local minima. However, the

gradient-free algorithms exhibit low convergence rates and require large numbers of func-

tion calls, especially for large numbers of design variables, making it impossible to opti-

mize with respect to hundreds of design variables [92] (as shown in Figure 2.1 from [92]).

Additionally, Lyu et al. [89] carried out a series of fixed planform shape aerodynamic op-

timizations for three random geometries. Lyu et al. [89] concluded that the optimized

designs have similar pressure coefficient (Cp) distributions, cross-sectional shapes, and the

drag between the three designs is very close to each other. They also concluded that the

design space for that optimization problem is mostly convex, but has a small multimodal

flat region. Thus, for the problems presented in this thesis, the gradient-based algorithms

should be able to converge very close to the global minima, if not at the global minima.

To reduce the number of function evaluations for cases with large numbers of design

variables, we used the gradient-based optimization algorithm SNOPT (sparse nonlinear

optimizer) [48]. SNOPT utilizes a sequential quadratic programming algorithm and is ca-

pable of solving large-scale nonlinear optimization problems with thousands of constraints

and design variables.
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Figure 2.1: While the gradient-free methods (NSGA2, ALPSO) scale poorly, the gradi-
ent based methods (SNOPT, SLSQP) scale linearly with the number of design variables.
The function used for this study is multi-dimensional Rosenbrock function. The figure is
originally presented in Lyu et al. [92].

2.6 Adjoint Gradient Computation

Effective gradient-based optimization requires accurate and efficient gradient calcula-

tions. The finite-difference provides a straightforward way to compute gradients, but they

are neither accurate nor efficient [99]. The finite-difference methods are sensitive to the step

size used for the difference: If the step size is higher or lower than the optimal step size,

the errors can be significant. The complex-step method yields accurate gradients, but it is

not efficient for large numbers of design variables [98, 99]. Therefore, we use the adjoint

method for gradient calculations, which can efficiently and accurately compute gradients

with respect to large numbers of design variables [91, 93, 98].

The adjoint method has been extensively used in aerodynamic shape optimization [61,

89, 116, 123], as well as structural design optimization [34, 35]. The flow adjoint solver

used in this work was developed by linearizing the discretized PDEs (partial differential
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equations) using automatic differentiation [90,93]. This approach significantly reduces the

implementation time by removing the requirement for hand differentiation and the deriva-

tion of the adjoint boundary conditions.

For problems where the flow and structural equations are coupled, a coupled adjoint

approach is required. Martins et al. [97] proposed this coupled adjoint approach and applied

it to the aerostructural design optimization of a supersonic business jet [96]. Kenway et

al. [66,67] implemented the coupled adjoint used in this work, which is summarized below.

The residual equations from the hydrodynamic and structural disciplines—presented

earlier as Eqs. (2.2) and (2.12)—can be combined, and the resultant residual of the multi-

disciplinary system can be written as,

R =

A(w,u; x)

S(u,w; x)

 = 0 (2.13)

where, x is the vector of design variables.

For gradient-based optimization, we require the derivatives of an objective or constraint

function (i.e., the function of interest) I with respect to the design variables x. Given the

dependence on the states of the flow (w), the states of the structure (u), and the design

variables (x), the total derivative of the function of interest is

dI
dx

=
∂I
∂x

+

 ∂I
∂w

∂I
∂u





dw
dx

du
dx


. (2.14)

Note that the total derivatives (dw/dx and du/dx) require the solution of the governing

equations, while the partials do not.

To avoid the calculation of the total derivatives, we can use the derivatives of the resid-
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uals: 

dA
dx

dS
dx


=



∂A
∂x

∂S
∂x


+



∂A
∂w

∂A
∂u

∂S
∂w

∂S
∂u





dw
dx

du
dx


= 0, (2.15)

where A represent the flow residuals and S represent the structural residuals. Substituting

Eq. (2.15) into Eq. (2.14), we can eliminate the total derivatives and obtain

dI
dx

=
∂I
∂x
−

 ∂I
∂w

∂I
∂u





∂A
∂w

∂A
∂u

∂S
∂w

∂S
∂u



−1

︸ ︷︷ ︸
ΨT



∂A
∂x

∂S
∂x


. (2.16)

The adjoint method consists in solving for the coupled adjoint vector, Ψ = [ψT φT ]T .

From Eq. (2.16) we can obtain the linear system,



∂A
∂w

∂A
∂u

∂S
∂w

∂S
∂u



T 
ψ

φ


=

 ∂I
∂w

∂I
∂u


T

. (2.17)

These are the coupled adjoint equations governing the fluid and structural response, which

need to be solved for each function of interest, irrespective of the number of design vari-

ables. This makes the adjoint method computationally more efficient, as usually there are

large number of design variables (> 100), particularly for problems with complex geometry

and structural or material configurations, but only a limited number of functions of interest

(e.g., drag coefficient, lift coefficient, efficiency, and maximum stress).

Once the adjoint variables are obtained by solving the coupled adjoint equations Eq. (2.17),
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we can substitute the adjoint vector into Eq. (2.16) to obtain the gradient of the function of

interest with respect to the design variables:

dI
dx

=
∂I
∂x
−ψT

(
∂A
∂x

)
−φT

(
∂S
∂x

)
. (2.18)

Kenway et al. [66] provide a more detailed derivation, including explanations of how all

the partial derivatives are computed, and how the coupled linear system is solved.

Since our structural model has thousands or more of finite elements, there are poten-

tially as many stress constraints. Enforcing stress constraints for each element would re-

quire the computation of thousands or more of coupled adjoint vectors, which would be

prohibitive. To reduce the number of required adjoint solutions, we use the Kreisselmeier–

Steinhauser (KS) constraint aggregation technique [127, 142], which provides a conser-

vative estimate of the maximum stress in a smooth and differentiable manner. The KS

constraint used in this thesis is presented in Lambe et al. [77]. For the sake of com-

pleteness, KS constraint is briefly explained here. Consider a set of constraints ~C(~x) ≤ 0,

where ~C : Rn→ Rm and the maximum-value function maxi{Ci(~x)} ≤ 0 aggregates the con-

straint set. Since we are using gradient-based optimization algorithm, the non-smooth

maximum-value function is not compatible. Thus, a smooth aggregation KS technique

replaces ~C(~x) ≤ 0 with

KS
(
~C(~x)

)
= cmax +

1
ρKS

ln

 m∑
i=1

exp
(
ρKS (Ci(~x− cmax)

) ≤ 0, (2.19)

where cmax = maxi{Ci(~x)}, x are the design variables, and ρKS is the user-specified param-

eter. ρKS is used to balance the smoothness of the KS function and the accuracy of the

feasible region. For the results presented in this thesis, ρKS = 80. As explained in Lambe et

al. [77], KS is a conservation aggregation technique, i.e., if a given design point ~x is feasible

with respect to the KS constraint, then it will be feasible for original set of constraints.

Using the KS technique, we aggregate the von Mises stresses to obtain a single con-
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straint for the entire volume of the hydrofoil, for which the corresponding adjoint vector is

computed.

2.7 Cavitation Constraint

To enforce a CFD-based cavitation constraint, we developed a formulation inspired

by the work of Kenway and Martins [69], who developed a constraint for flow separation

and applied it to aircraft wing design. Papoutsis–Kiachagias et al. [120] also developed a

similar technique to constrain cavitation in hydraulic turbomachines. First, we determine if

there is cavitation at a given location on the surface by checking if the minimum pressure

is lower than or equal to the vapor pressure, i.e., when

−Cp ≥ σ (2.20)

where,

Cp =
Plocal−Pref

0.5ρ f U2

σ =
Pref−Pvap

0.5ρ f U2

Pref = Patm +ρ f gh,

(2.21)

where Plocal is the absolute local pressure, Patm is the atmospheric pressure, ρ f is the fluid

density, g is the gravitational acceleration, h is the submerged depth, and Pvap is the vapor

pressure of water at 15oC (1706 Pa).

In this work, we use σ = 1.6, which represents the cavitation inception condition for a

vessel with an advance speed of 25 knots (12.9 m/s) for a submerged depth of 1.0 m. We

define a cavitation sensor as,

χ =


1 if −Cp ≥ σ

0 if −Cp < σ
(2.22)
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The sensor χ is defined for each and every surface location and is equal to one when there is

cavitation, and zero when there is no cavitation, which is essentially a Heaviside function.

Since a gradient-based optimizer is used, the discontinuity of this function needs to be

addressed [69]. Thus, we use a smooth Heaviside function to blend the discontinuity across

the CFD cells, yielding

χ =
1

1 + e2k(Cp+σ) (2.23)

The cavitation constraint is formulated as the integral of χ over the hydrofoil surface to

determine the total surface area susceptible to cavitation, i.e.,

Acav =
1

Aref

∫∫
A
χdA (2.24)

where Aref is the planform hydrofoil area, and k is a free parameter used to determine the

sharpness of the transition. We use k = 10 for the results presented in this thesis, which

yields the desired behavior. In theory, Acav should be zero, but due to the inevitable dis-

cretization errors, we used Acav ≤ 5× 10−4. Note that Acav is non-dimensional, thus, it is

not dependent on the hydrofoil or blade area.

2.7.1 Cavitation Inception Speed

The delay of cavitation inception increases the cavitation inception speed, which can be

estimated from the definition of pressure coefficient with the value for the vapor pressure

of water,

Ucav =

√
Pref−Pvap

0.5ρ f Cpmin

(2.25)

For example, a reduction in −Cpmin from 2.1 to 1.0 corresponds to a cavitation inception

speed increase from 10.6 m/s to 15.4 m/s, for an assumed submerged depth of 1 m.
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CHAPTER 3

Experimental Setup and Techniques

To validate the numerical design optimization framework presented in the previous

chapter, we use the experimental studies carried out at the Australian Maritime College.

The experimental measurements are used to validate the hydrodynamic and hydrostruc-

tural results shown later in Chapters 4 and 5, respectively [155]. In addition to the valida-

tion study, we collaborated with Australian Maritime College (AMC) and Defence Science

Technology Group (DSTG), Australia to conduct experiments on the optimized hydro-

foil (presented in Chapter 6) and the composite hydrofoils (presented in Chapter 7). The

hydrofoils are manufactured by DSTG, Australia and are tested in Cavitation Research

Laboratory (CRL) variable pressure tunnel (or cavitation tunnel) at AMC, Australia. In

this chapter, details of the experimental facility, the hydrofoil setup, and the experimental

techniques will be discussed.

3.1 Experimental Facility

The experimental measurements presented in this work are conducted in the cavitation

tunnel at the AMC. The tunnel test section is 0.6 m square by 2.6 m long. The operating

velocity and pressure ranges are respectively, 2–12 m/s and 4–400 kPa absolute. The tunnel

volume is 365 m3, which is filled with demineralized fresh water (conductivity of order 1

µS/cm). The tunnel has ancillary systems for rapid degassing and for continuous injection

and removal of nuclei and large volumes of incondensable gas. The test section velocity is
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measured from one of the two (low and high range) Siemens Sitrans P differential pressure

transducer models 7MF4433-1DA02-2AB1-Z and 7MF4433-1FA02-2AB1-Z (measuring

the calibrated contraction differential pressure) with estimated precisions of 0.007 m/s and

0.018 m/s, respectively. The velocity and pressure in the test section are controlled to

maintain a constant Reynolds numbers and cavitation numbers. The test section velocity

is spatially uniform to within 0.5%, has temporal variations of less than 0.2%, and the

freestream turbulence intensity at the inlet of the test section is about 0.5%. The blockage

ratio, defined as the quotient of the planform area of the hydrofoils and the tunnel test

section cross-sectional area, is 0.075. For the range of testing conditions, the blockage

effect on the results is expected to be negligible [53, 111]. Detailed descriptions of the

facility are given in [15, 36, 155].

3.2 Hydrofoil Setup

The hydrofoil geometry and properties have been selected based on the requirements for

modeling of static and dynamic conditions typical of those experienced by propellers and

hydrofoils operating in ship or submarine wakes. The hydrofoil geometry has an unswept

trapezoidal planform with a loaded span of s = 300 mm, a base chord of 120 mm, and a tip

chord of 60 mm. An unswept geometry was deliberately chosen to focus on the material

bend-twist coupling effects on the hydroelastic response of the composite hydrofoils (as

presented in Chapter 7). The hydrofoil is rigidly mounted from the ceiling of the test section

via a six-component force balance as described in Section 3.4. The effective aspect ratio

of the hydrofoil, considering the cantilevered condition at the root, is AR = 2s/c = 6.67,

where c = 90 mm is the mean chord. The model size of the hydrofoil has been chosen as

a trade-off between the Re and instrumentation limits, such that confinement effects are

negligible [46, 53].

All the hydrofoil models have identical planform and a NACA 0009 cross section. The
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4 digit NACA 0009 profile is used, as their pre-stall hydrodynamic performance is rela-

tively independent of the Reynolds number [60], which helps to highlight the load (or Re)-

dependent effects of the composite hydrofoils. The experimental hydrodynamic character-

istics of the NACA 0009 profiles are comprehensively described in the literature [3, 128].

The hydrofoils are made up of either standard or modified section profiles and are referred

to as type I or type II hydrofoils, respectively (as shown in Figure 3.1). The modified

NACA 0009 profile is used to provide a thicker trailing edge for improved manufacturabil-

ity for the type II hydrofoils. The hydrofoil trailing edge was made thicker by adjusting the

coefficient of the last term in the NACA 4 digit equation, i.e.,

ζ = 5t(0.2969η0.5−0.126η−0.3516η2 + 0.2843η3−0.08890η4) (3.1)

where η and ζ are the chordwise coordinate and the half thickness, respectively, non-

dimensionalized by the chord; t is the thickness to chord ratio, which is 0.09 for NACA

0009. In the original geometry, i.e., the type I hydrofoils, the coefficient of η4 is 0.1015,

instead of 0.08890.

Two type I hydrofoils were manufactured and tested: one made of solid stainless steel

(SS 316L alloy, presented in Chapter 4) and one made of solid aluminum (6061 T6 alloy,

presented in Chapter 5). Five type II hydrofoils were manufactured: stainless steel (steel),

aluminum, and three composite hydrofoils. Based on the construction and attachment as-

sembly of the hydrofoil shown in Figures 3.2 and 3.3, the structural span is effectively 320

mm and 316 mm (as opposed to the 300 mm loaded span) for the type I and type II hy-

drofoils, respectively. The discrepancy in the span is due to the mounting arrangement, as

illustrated in Figures 3.2 and 3.3. The three composite hydrofoils have the different ori-

entation for the structural unidirectional carbon fiber reinforced polymers (CFRP) layers:

0o, +30o, and −30o relative to the spanwise axis of the hydrofoil. Details of the composite

hydrofoils are presented in Chapter 7. All the stainless steel, aluminum, and the composite
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hydrofoils were manufactured to a ± 0.1 mm surface tolerance and a 0.8 µm surface finish.

No roughness was added to induce turbulent flow, as the laminar flow region should be

limited for the NACA 0009 section used and for the Re range tested [60].

0 0.2 0.4 0.6 0.8 1
0

0.02

0.04

0.06

x/c

y/
c

 

 

NACA 0009 (type I)
Modified NACA 0009 (type II)

Figure 3.1: Half cross-section of the standard NACA 0009 (type I hydrofoils) and modified
NACA 0009 hydrofoil (type II hydrofoils) geometry showing the thickened trailing edge.

Figure 3.2: Details of the hydrofoil mounting arrangement for the type I hydrofoil. The
figure illustrates the difference between the loaded span length (300 mm) and the structural
span length (320 mm). This figure is originally presented in [155].
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Figure 3.3: Details of the hydrofoil mounting arrangement for the type II hydrofoil. The
figure illustrates the difference between the loaded span length (300 mm) and the structural
span length (316 mm). This figure is originally presented in [146].

3.3 Maximum Allowable Loads for the Hydrofoils

In order to assess the load capacity of the composite hydrofoils, an additional CFRP 00

model was manufactured and tested under the same cantilever loading conditions and sub-

jected to concentrated point loads near the tip, until failure was detected. The loading near

the tip represents an extreme case, due to higher moment arm than a realistic load location

of expected center of pressure under hydrodynamic loading at mid-span. For the extreme

case, the failure occurred at a load of 2.49 kN by non-catastrophic delamination near the

root of the CFRP 00 hydrofoil. The failure site correlated to a region of high interlaminar

stress observed at the same position by finite element analysis (FEA), which was presented

in Ibrahim et al. [58]. To ensure elastic structural behavior and to avoid structural failure

inside the cavitation tunnel, the maximum mean side or normal load permissible was set at
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1 kN for all the hydrofoils presented in this thesis, which gives a maximum stress of about

0.4 of the failure strength for the composite hydrofoils. Hence, as shown later, the maxi-

mum angle of attack was limited for the high flow velocity conditions to avoid exceeding

the 1 kN load limit.

3.4 Experimental Techniques

The hydrofoils were mounted via a six-component force balance through a 0.16 m di-

ameter penetration on the tunnel test section ceiling 0.7 m downstream of the test section

entrance. The 0.16 m diameter penetration was made fair (to 50 µm) using a disk mounted

on the hydrofoil as shown in Figures 3.2 and 3.3. There is a nominal radial clearance of 0.5

mm between the fairing disk and the test section ceiling penetration to avoid interference

with the force measurement. From the total load vector measured using the force balance,

mean components of the lift, drag and pitching moments are presented. Data were sampled

at 1 kHz for 30 s for all the Re values. The spanwise force, roll moment, and yaw moment

is also measured, but are not presented here as they are not pertinent to the present topic.

The force balance is calibrated by the least squares fit between a basis vector loading

cycle and the six outputs giving a 6 × 6 matrix from which estimated precision on all

components has less than a 0.5% uncertainty. The uncertainty of the absolute position of

the indexing system is less than 0.1◦ and the incremental precision is less than 0.001◦. To

avoid cavitation, the water tunnel was pressurized up to 200 kPa for all the subcavitating

runs. Some preliminary cavitation results for the optimized and the composite hydrofoil

are presented in Chapter 6 and 7, respectively.

3.5 Bend and Twist Deflection Measurements

The bend and twist deflections at the free hydrofoil tip in Chapters 6 and 7 were mea-

sured by processing the high-speed images of the hydrofoil tip section in unloaded and
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loaded conditions. At each incidence, still photographs of the hydrofoil tip section were

first acquired with the hydrofoil in still water (i.e. unloaded) condition, and then in flow-

ing water (i.e. loaded condition) after steady-state condition is reached. To facilitate the

deflection measurements, two contrasting targets (2.3 mm circular dots) were placed near

the leading and trailing edges on the tip face of the hydrofoil. Using the diameter of the

contrasting targets, the worst case uncertainty is calculated as 1.08% of the tip chord, i.e.

0.65mm, for the bending deflection and 0.45◦ for the twist deformation. Photographs were

taken using a Canon EOS 50D 35 mm digital SLR camera with a Canon EF 24-70 mm

lens using the bright LED lights (image resolution 4752 × 3168 pixels). The images were

calibrated using the known tip chord of the hydrofoil.

The Matlab [100] ‘imfindcircles’ algorithm was used to detect the target near the lead-

ing and trailing edges at the tip face. The tip deflections are computed at the elastic axis

(EA) of the tip section. The angle between the line joining the two targets for the deformed

and undeformed shape gives the tip twist. The tip deflection is considered positive in direc-

tion of the lift force and the twist is considered positive nose-up, which leads to an increase

in the effective angle of attack. The specific examples of the deflection measurement are

presented in Chapters 6 and 7.
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CHAPTER 4

Hydrodynamic Optimization of a Hydrofoil

Using the optimization framework explained in Chapter 2, high-fidelity hydrodynamic

shape optimization of a hydrofoil will be presented in this chapter. As explained in Chap-

ter 1, the majority of the hydrodynamic shape optimization problems in literature are either

handled with low-fidelity or high-fidelity with less than 15 design variables. In this chap-

ter, CFD-based hydrodynamic shape optimization for a hydrofoil over a wide range of

operating conditions with a large number of design variables (order of 100) is presented,

with constraints on cavitation inception. The need for a large number of design variables

is demonstrated by comparing the optimized design obtained using a different number of

shape design variables. The need for a high-fidelity hydrodynamic optimization tool is also

demonstrated by comparing RANS-based optimized design with the Euler-based optimized

design. This work is based on previous papers presented by the author [43, 45].

4.1 Validation and Formulation

4.1.1 Model Setup

For the results presented in this chapter, an unswept, linearly tapered type I NACA 0009

hydrofoil was studied with a span length of 0.3 m and a mean chord length of 0.09 m, with

a maximum chord length of 0.12 m at the root and a minimum chord length of 0.06 m at the

tip, Re = 1.0×106. The nominal freestream velocity is 12.4 m/s. The effective aspect ratio
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of the hydrofoil is AR = 2s/c = 6.67, where c (=90 mm) is the mean chord. A photograph

of the type-I stainless steel baseline is shown in Figure 4.1. The mesh used for all the

optimization and validation results is shown in Figure 4.2. The mesh used is a structured

O-grid with 515,520 cells and a y+ of 1.1. There are approximately 20 elements in the

normal direction from the hydrofoil surface to encapsulate the boundary layer. The domain

size is 30 chord lengths in all the directions.

Figure 4.1: Type I stainless steel NACA 0009 baseline hydrofoil used in experiments, along
with the mounting arrangement [155] (image courtesy of Dr. Paul Brandner and Dr. Bryce
Pearce of the Australian Maritime College, Tasmania).
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Figure 4.2: Baseline cantilevered NACA 0009 hydrofoil showing the computational do-
mains for the CFD mesh (a,b,c), and dimensions (c).

4.1.2 Accuracy of the ADflow

To validate the CFD prediction with the low-speed preconditioner, same tapered NACA 0009

hydrofoil (as shown in section 4.1.1), with Re = 1.0× 106 and U = 12.4 m/s was studied.

For the validation study presented in this chapter, the type I stainless steel-316L hydrofoil

is selected as it behaves practically as a rigid hydrofoil with negligible deformation.

Table 4.1 shows the comparison of the parameters used in the experiment and in the

numerical solution. All the parameters were matched (including the Reynolds number),

except for the Mach number. However, as the compressibility effects are almost negligible

for Mach number less than 0.1, this discrepancy in Mach number should not affect the

solution. To get the same dynamic viscosity as in the experiments, the constants were

modified in Sutherland’s law (as mentioned in Section 2.1 and Eq. (2.8)).
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A 515,520 cell mesh, as shown in Figure 4.2, was used for the RANS solution with a

y+ of 1.1. To validate the ADflow solver, the results were compared to the experimental

measurements of CL and CD for the type I stainless steel hydrofoil from Zarruk et al. [155]

at Re = 1.0×106. As can be observed from Figure 4.3, there is a good agreement between

the predicted and measured lift coefficient (CL) and drag coefficient (CD) values for a wide

range of angles of attack. The ADflow (with the SA turbulence model), over predicts the

CD value by 14.37%, and under-predicts the CL value by 3.3%, at α = 6◦, when compared

with the experimental results [155]. The discrepancy in the force coefficients is due to the

coarseness of the CFD mesh, as will be shown later in detail in Section 5.2.3 for the type

I aluminum hydrofoil. However, CD follow the same trend as the experimental measure-

ments and in hydrodynamic shape optimization, we are generally more interested in the

change in drag coefficient due to optimization, rather than the actual grid converged value.

Thus, in the interest of computational efficiency, we used a CFD mesh with 515,520 cells

for optimization studies presented later in this chapter. Results were also compared with

solution from the commercial CFD software (ANSYS) with a 21.3 million element mesh at

an α = 6◦ (displayed as an open black diamond in Figure 4.3), using the URANS (unsteady

RANS) method with the k-omega shear stress transport (k−ω SST) turbulence model. The

difference was 2.9% in CL and 1.7% in CD at α = 6◦ between the ADflow and CFX pre-

dictions, in spite of the different turbulence models. For Re = 1.0×106, experiments were

only conducted until a maximum angle of attack of 6◦, to avoid excessive forces on the

hydrofoil.
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Table 4.1: Data for the hydrodynamic validation against the experimental results [155].

Cross section NACA 0009
Effective aspect ratio 6.67
Re 1×106

ρ f 999 Kg/m3

Ma 0.008
U f 12.4 m/s
Material Stainless steel (SS-316L)
Fluid Water
T f 15oC
µ f 1.140×10−3 Ns/m2

0

0.2

0.4

0.6

0.8

1

CL

0 1 2 3 4 5 6 7 8 9 10
0

0.01

0.02

0.03

0.04

0.05

CD

α

 

 

Experiment [Zarruk et al. (2014)]
ADflow (515,520 cells)
ANSYS CFX

Figure 4.3: Comparison between the predicted lift coefficient (CL) and drag coefficient
(CD) values at various angle of attack (α) obtained using ADflow with the experimental
measurements from [155] for a tapered type I NACA 0009 hydrofoil. The open black
diamond symbols represent the solution from the commercial CFD solver, ANSYS, with
the k-ω SST model with a 21.3 million cell mesh (y+ ≈ 1.0).
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4.1.3 CFD Grid Convergence Study

To ensure that the results are independent of the mesh size, the grid convergence was

studied with three different mesh sizes: 515,520 cells, 4,124,160 cells, and 32,993,280 cells

for the tapered NACA 0009 hydrofoil (as shown in section 4.1.1), with Re = 1.0× 106,

U = 12.4 m/s, and α = 6◦. As shown in Table 4.2, there is a difference of 0.19% in CL

values and 2.63% in CD values for the coarsest mesh and the finest mesh. Figure 4.4 shows

the comparison of Cp variation along the chordwise direction for the three meshes at mid-

span position (z/s = 0.50), and they all seem to lie on top of each other with an only slight

difference near the leading edge. Thus, to balance computational cost and accuracy, the

mesh size of 515,520 cells was used for the optimization study shown in the next section.

Table 4.2: Comparison of y+, CL, and CD values from RANS-simulation for the tapered
type I NACA 0009 hydrofoil at Re = 1.0× 106, U = 12.4 m/s, and α = 6◦ using different
mesh sizes with the ADflow solver.

Mesh Size y+ CL CD
515520 1.1 0.4767 0.0234
4124160 0.8 0.4753 0.0233
32993280 0.5 0.4758 0.0228

4.1.4 Optimization Problem Formulation

The optimization problem setup is described in Table 4.3. The design optimization

problem involves minimizing the drag coefficient by changing the hydrodynamic shape.

Constraints are imposed on lift coefficient, minimum pressure coefficient to avoid cavita-

tion, and minimum local thickness based on the original thickness. The drag coefficient,

CD, is minimized for a given CL and a given cavitation number, σ (as defined in Sec-

tion 2.7), for the results shown in Section 4.2. The lift coefficient is constrained to be equal

to a target value, which varies depending on the case. The leading edge position and chord

length are fixed to be the same as the baseline NACA 0009 hydrofoil values.
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Figure 4.4: Cp variations along the chord for the three different meshes is displayed at
mid-span (z/s = 0.50) location. They all lie on top of each other with only slight difference
at the leading edge.

Figure 4.2 shows the mesh used for the RANS based optimization, with 515,520 cells.

Figure 4.5 depicts the FFD volume used for optimization.

Table 4.3: Optimization problem for a tapered type I NACA 0009 hydrofoil.

Function variables Description Qty.
minimize CD Drag coefficient 1

Design variables x FFD control points 200
Twist design variables 10

Constraint CL = C∗L Lift coefficient constraint 1
ti ≥ 0.8× tbase Minimum thickness constraint 400

Fixed leading edge constraint 10
Acav ≤ 5×10−4 Non-dimensional aggregated 1

cavitation constraint
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Figure 4.5: Coordinate system and hydrofoil shape design variables using 200 FFD control
points (10 spanwise × 10 chordwise × 2 thickness), as indicated by the circles.

The twist design variables are defined as the angle of a given section relative to the

root section, and the angle of attack is the angle of the root cross section relative to the

free stream. To ensure a consistent definition of the angle of attack when comparing the

performance of the baseline and the optimized hydrofoils at a given lift, the twist at the root

is subtracted from all the outboard sections. An example of spanwise twist distribution is

presented in Figure 4.6, where the top plot represent the spanwise twist distribution and

the angle of attack without subtracting the twist at the root section. The bottom figure

presents the updated spanwise twist distribution and the angle of attack after subtracting the

twist at the root section, i.e., 2.93◦, from all the outboard sections of the optimized design.

Hence, all the twist angles shown in next section are defined relative to the root section,

and the twist at the root section is taken as zero. Table 4.4 shows the angle of attack (α)

required to produce the desired CL of 0.3, 0.5, and 0.75 for the baseline hydrofoil. These

angle of attacks were used as the reference angle of attacks for the optimization. Thus, the

optimization presented in Section 4.2 are for fixed α, where the desired CL at each α is

achieved by optimizing the FFD control points and the twist design variables to minimize

CD.
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(a) The baseline and the optimized hydrofoil without the subtraction of twist at root
section

(b) Top: Spanwise twist distribution and the angle of attack without subtracting the twist
at the root section. Bottom: Spanwise twist distribution and the angle of attack after
subtracting the twist at the root section from all the outboard sections of the optimized
design.

Figure 4.6: The twist angle in this thesis is defined relative to the root section, with the
twist at the root section as zero.
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Table 4.4: Angle of attack required to produce the desired lift coefficient for the baseline
hydrofoil at Re = 1.0×106 and U = 12.4 m/s.

CL α

0.3 3.75◦

0.5 6.30◦

0.75 9.50◦
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The influence of the number of design variables will be studied in Section 4.2.1. For

the results shown in Section 4.2.2 and after, a total of 210 design variables were used with

200 FFD control points (10 spanwise × 10 chordwise × 2 thickness) and 10 spanwise twist

design variables.

4.2 Results

4.2.1 Effect of Number of Design Variables

In this section, the effect of the number of design variables on the hydrodynamic op-

timized design is investigated. The results are presented for optimization of a tapered

NACA 0009 hydrofoil for a design CL of 0.75, at Re = 1.0× 106 and U = 12.4 m/s, us-

ing the optimization problem setup shown in Table 4.3. Figure 4.8 depicts the FFD volume

with the 18, 48, 200, and 720 FFD control points. Note that only the FFD control points

were varied, while the number of twist design variables (i.e., 3) remained fixed in each

case. The number of twist design variables is decided to match with the maximum number

of spanwise FFD control points in the 18 FFD control points case. The spanwise twist

design variables are defined at the root, the mid-span and at the tip of the hydrofoil. As ex-

plained earlier, the maximum number of design variables used in the previous high-fidelity

gradient-free hydrodynamic optimization studies are typically restricted to 15 or less, due

to more than quadratic increase in computational cost with the increase in number of design

variables [92]. For the SNOPT adjoint-based algorithm, however, the increase in compu-

tational time with increase in number of design variables is approximately linear [92], and

hence, a larger number of design variables can be used.

A comparison of the total CPU time and optimized CD values for the single-point opti-

mization at CL = 0.75 for the different number of design variables are shown in Figure 4.7.

The computational time mentioned in Figure 4.7 is distributed over 192 processors (2.80

GHz Intel Xeon E5-2680V2) on the University of Michigan High performance Computing
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(HPC) flux cluster, operated by Advanced Research Computing. As shown in Figure 4.9,

the optimizations converged to similar geometries in terms of the twist and camber distri-

bution, but with significant differences in the sectional Cp profile.

To present a consistent definition of angle of attack between the optimized and baseline

hydrofoils, the twist at the root of the optimized hydrofoils is subtracted from the optimized

twist distribution, resulting in an reduced angle of attack of α ≈ 5.5◦ (exact α for each

optimized hydrofoil is mentioned in Figure 4.9) for the optimized hydrofoils, as compared

to α = 9.50o for the baseline hydrofoil to achieve CL = 0.75.

While the difference in CD values was only 0.7% between the case with 21 and 723

design variables, there were differences in the optimized geometry and pressure profile, as

observed from Figure 4.9B. Figure 4.9B shows finer control in the optimization problem is

needed to achieve better optimized design. For the cases with 203 and 723 design variables,

the optimal solutions are practically the same, except the region very close to the root

section. The results in Figure 4.9 suggest that at least 203 design variables (200 FFD

control points and 3 twist variables) are needed for a simple, unswept, and tapered hydrofoil

to get a properly converged optimal solution. As the complexity of the problem increases,

such as, if the problem of interest is a marine propeller instead of a hydrofoil, significantly

higher number of design variable will be required to parametrize the geometry. Thus,

the capability of the current design optimization tool to handle a large number of design

variables will be very beneficial in case of the actual marine propellers.
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Figure 4.7: Comparison of the wall time (spread over 192 processors) and CD for the
optimization problem with different number of design variables for hydrodynamic-only
optimization at CL = 0.75.

Figure 4.8: The different FFD volumes used to study the effect of number of FFD design
variable on the RANS-based optimization. The circles denotes the FFD control points.
Note that the total number of design variables is equal to the number of FFD control points
plus the three twist variables.
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Figure 4.9: Results show the difference in optimization with 18, 48, 200, and 720 FFD
control points for a simple, unswept, hydrofoil at Re = 1.0× 106 and U = 12.4 m/s. A)
The maximum difference in CD values was less than 0.7%. B) The optimization results
converged to similar geometries (particularly in terms of the twist and camber distribution),
but with significant differences in the sectional pressure profile noticed for the case with
18 FFD control points and 720 FFD control points. Black horizontal line represents the
constraint on cavitation number. The optimized solution are practically the same for 200
and 720 FFD control points, except the region very close to the root section.
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4.2.2 Importance of Considering Viscous Effects

In this section, the advantage of using high-fidelity solver (RANS equations) over a

lower fidelity solver (Euler equations) is demonstrated. The Euler solver used for this study

is a purely inviscid solver, with no external correction for viscosity. For pre-stall cases and

with low to moderate loading conditions, viscous effects are negligible, so the Euler-based

and RANS-based optimization will lead to similar optimized geometry and performance.

In this section, a high loading case (CL = 0.75) is presented to illustrate the need for the

high-fidelity RANS solver at high CL values, where impending stall and flow reversal make

the effects of viscosity critical.

Similar to the previous results, the results are for optimization of a tapered NACA 0009

hydrofoil at Re = 1.0×106 and U = 12.4 m/s, using the problem setup shown in Table 4.3.

The optimization was carried out for CL = 0.75 using both the Euler and the RANS solver.

The problem setup for both the Euler and the RANS optimization cases is the same, in-

cluding geometry and mesh size, with the only difference being the flow solver. 210 shape

design variables (200 FFD design variables and 10 spanwise twist variables) were used in

both the cases. Figure 4.10 A – D depicts the Cp contour plots on the left side and the

skin friction coefficient (C f ) contours on the right side for the (1) Euler-based optimized

hydrofoil for α = 5.15◦ and CL = 0.75, (2) the RANS analysis of the Euler-based optimized

hydrofoil at α = 5.15◦ (which yield a CL of 0.66), (3) the RANS analysis of the Euler-based

optimized hydrofoil at CL = 0.75 (which required an α of 6.16◦), and (4) the RANS-based

optimized hydrofoil at CL = 0.75 and α = 5.38◦. As observed from Figure 4.10, the pre-

dicted drag coefficient obtained from the Euler optimization at α = 5.15◦ is less than that

from the RANS optimization, which is expected since the Euler solver assumes inviscid

flow. When the RANS analysis was carried out on the Euler-optimized hydrofoil, the result

was significantly different. At α = 5.15◦, the RANS analysis shows that Euler-based opti-

mized hydrofoil only produces CL of 0.66 and CD of 0.0364. To obtain the desired CL of

0.75, an α of 6.16◦ is required for the Euler-based optimized hydrofoil, and the resultant CD
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with RANS analysis of the Euler-optimized hydrofoil was 11.7% higher than the CD from

the RANS-based optimized hydrofoil. The above mentioned differences are due to viscous

effects, which are not considered in the Euler solver. Significant differences in the sectional

optimized geometry and the pressure profile, between the Euler-based optimized hydrofoil,

the RANS-based optimized hydrofoil, and the RANS analysis of the Euler-optimized hy-

drofoil, can be noted from Figure 4.10E. The pressure distribution on the RANS-based

optimized hydrofoil and the Euler-based optimized hydrofoil are significantly different be-

cause the different solvers result in different converged optimal geometries, as shown in

Figure 4.10E. The result clearly illustrates the need of high-fidelity solver to carry out hy-

drodynamic optimization, especially for off-design points with high CL values, where the

flow might separate.
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Figure 4.10: Optimization of the type I NACA 0009 hydrofoil at Re = 1.0× 106 and U =

12.4 m/s for a given CL of 0.75 using the Euler and RANS solver. A) The predicted drag of
the Euler-based optimized hydrofoil is less than the RANS-based optimized hydrofoil, as an
Euler solver assumes inviscid flow. B) At α= 5.15◦, the RANS-analysis of Euler optimized
hydrofoil produces CL of 0.66 with CD = 0.0364. C) To produce CL = 0.75, the Euler-
optimized hydrofoil will require an α of 6.16◦ and the corresponding CD is 0.0439, which
is 11.7% higher than the RANS-optimized hydrofoil at CL = 0.75. D) RANS-optimized
results for CL = 0.75 and α = 5.38◦. E) Significant differences can be observed in the
pressure profile and sectional geometry profile (at z/s = 0.05 and z/s = 0.70).

4.2.3 Single-Point Hydrodynamic Shape Optimization

In this section, the baseline hydrofoil was optimized to achieve the minimum drag co-

efficient (CD) for a target lift coefficient (CL) and a cavitation number (σ) of 1.6. The

optimization was carried out with 210 shape design variables (200 FFD design variables

and 10 spanwise twist variables). Note that the NACA 0009 hydrofoil is already a very
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efficient hydrofoil to begin with, which makes the optimization problem more challenging.

The single-point optimization took 4.2 hours (over 192 processors, 2.80 GHz Intel Xeon

E5-2680V2) on the University of Michigan HPC flux cluster.

To investigate how the optimal geometry changes with the design CL, the single-point

optimization were carried out for various target CL values. To demonstrate the case at the

highest design CL, Figure 4.11 shows a detailed comparison of the baseline hydrofoil and

the optimized hydrofoil at a CL of 0.75. As shown in Figure 4.11B, the spanwise sectional

lift distribution for the optimized hydrofoil is much closer to the ideal elliptical distribu-

tion. The gradient of the sectional lift distribution is also reduced near the tip region for

the optimized hydrofoil, which translates to a reduction in the strength of the tip vortex.

The maximum negative pressure coefficient, −Cp, reduces from 3.1 for the NACA 0009

hydrofoil to 1.2 for the optimized hydrofoil, as shown in Figure 4.11C, which will help to

significantly delay cavitation inception. In order words, cavitation inception speed for the

optimized hydrofoil will increase from 8.4 m/s to 13.50 m/s, for an assumed submergence

depth of 1 m (using Eq. (2.25)). The results indicate that partial leading edge cavitation

(as indicated by the white contour region with −Cp ≥ σ) will develop around the baseline

hydrofoil at CL = 0.75 and σ = 1.6, but no cavitation is observed for the optimized hydro-

foil. As observed from Figure 4.11C, the optimized hydrofoil has a higher camber and a

non-zero spanwise twist/pitch distribution compared to the baseline hydrofoil, which re-

duced the effective angle of attack and shifted the loading more towards the mid-chord of

the hydrofoil.
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Figure 4.11: A reduction in CD of 14.4% is noted for the optimized hydrofoil. A) White
contour region along the leading edge of the tapered NACA 0009 hydrofoil shows the area
with −Cp ≥ σ. B) Comparison of the normalized sectional lift distribution with the ideal
elliptical lift distribution for the baseline hydrofoil and for the optimized hydrofoil. There
is a reduction in the gradient at the tip region for the optimized hydrofoil, which also results
in reduced tip vortex strength. C) Note that there is a significant decrease in maximum −Cp
from the baseline to the optimized hydrofoil. Differences between the sectional shape of
the original and optimized hydrofoil are also shown in the bottom of each subplot on the
right.

Figure 4.12 shows the comparison of the lift-to-drag ratio (i.e. CL/CD) at the various

design CL values for the baseline hydrofoil, the single-point optimized hydrofoil at each

CL value, and the single-point optimized hydrofoil at CL = 0.75 only. It should be noted

that the single-point optimized hydrofoil at each CL requires a different geometry at each

CL, thus it can only be achieved if there is a robust active morphing capability. Assuming

that there is an active morphing capability, with the single-point optimization at each CL

value, the best possible performance is achieved; there is a minimum increase in lift-to-

drag ratio of 6.4% throughout the operating regime, and the increase in lift-to-drag ratio is

19% at the CL value of 0.75, over the baseline hydrofoil. With the single-point optimized

hydrofoil at CL = 0.75 only, due to fixed geometry; degraded performance was noted when
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operating away from design CL of 0.75; in particular, at CL = 0.3, the single-point optimized

hydrofoil for CL = 0.75 only resulted in a higher CD value than the baseline hydrofoil. Thus,

the results show that, unless there is a robust active morphing capability available, there is

a need for the multipoint optimization to achieve a globally optimal design using fixed

geometry, as demonstrated next in Section 4.2.4.
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Figure 4.12: Comparison of lift-to-drag ratio (i.e. CL/CD) versus CL for the baseline hy-
drofoil with the single-point optimized hydrofoil at each CL, and the single-point opti-
mized hydrofoil at CL = 0.75 only. All the results were obtained using RANS solver with
Re = 1.0×106 and U = 12.4 m/s.

4.2.4 Comparison of Multipoint Optimization and Single-point Opti-

mization

As shown in Section 4.2.3, the single-point optimization does not necessary result in a

globally optimal solution with the best efficiency possible over the entire range of operating

conditions. The design optimized for CL = 0.75 lead to a higher CD than the baseline
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hydrofoil at CL = 0.3. Such a design would lead to low overall efficiency, particularly if the

probability of operating at CL = 0.75 is low compared to CL = 0.3. Hence, a probabilistic

multipoint optimization study is needed.

To achieve this, a probabilistic multipoint approach is proposed, similar to that pre-

sented by Motley et al. [105] and Kramer et al. [74], where we seek to minimize the

expected drag coefficient over a range of lift coefficients, defined as

E [CD] =

∫
Ω

CD (CL) p (CL)dCL, (4.1)

where p (CL) is the probability density function (PDF) for the flow conditions expected in

operation. In this case, we only consider CL to vary in the flow condition domain Ω, where

each CL is associated with variation in the angle of attack, and Reynolds number effects

are neglected.

The expected value of drag coefficient can be computed using numerical integration

with m quadrature points using midpoint integration as follows,

E [CD] ≈
m∑

k=1

CD
(
CLk

)
p
(
CLk

)
∆CL, (4.2)

This approach results in a similar objective to the previous work done in multipoint aero-

dynamic shape optimization [68, 81], and in hydrodynamic optimization of propeller and

hull systems [74, 105], and can be written as,

C̄D =

m∑
k=1

wkCDk (4.3)

where the weights wk can be computed based on the PDF, i.e. wk = p
(
CLk

)
∆CL. Then, the
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overall hydrodynamic efficiency is

η̄ =

m∑
k=1

wk
CLk

CDk

. (4.4)

To compare the difference between a single-point and a probabilistic multipoint opti-

mization, a simple three point probability distribution, as shown in Table 4.5, was chosen.

Since our hydrofoil is a canonical case, there is no specific targeted application and a real

PDF of the operating conditions does not exist. Therefore, the operating conditions and

corresponding weights in Table 4.5 are based on engineering experience.

The objective function is to minimize the sum of the drag coefficient at the three target

CL values weighted by the probability of operating at the particular CL value, as shown in

Eq. (4.3). The cavitation number (σ) was fixed at 1.6. The problem setup remains same

as shown in Table 4.3. However, to make sure that the problem is well-posed, the angle

of attack (defined with respect to the original undeformed FFD volume) for CL = 0.75 was

fixed at 9.50◦ (without consideration for the root twist), and the angle of attacks for the other

CL values in the multipoint problem are allowed to be design variables. The multipoint

optimization took 12.5 hours (over 192 processors) on the University of Michigan HPC

flux cluster.

Table 4.5: The probabilistic multipoint profile used for the multipoint optimization in the
current chapter.

CL Weight, wk
0.30 0.15
0.50 0.25
0.75 0.60

The bar-chart in Figure 4.13 shows a comparison of the CD values for the baseline

hydrofoil, the single-point optimized hydrofoil at CL = 0.75, the multipoint optimized hy-

drofoil, and the single-point optimized hydrofoil at each CL value (which indicates the hy-

pothetical best performance scenarios with active morphing capability, as explained in Sec-
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tion 4.2.3). All the results were obtained using the RANS solver. As expected, the single-

point design for CL = 0.75 and the morphing hydrofoil performed the best at CL = 0.75;

the multi-point design showed the next best performance at CL = 0.75, with only 1.4%

reduction in efficiency compared to the single-point optimized design at CL = 0.75. Note

that while the performance of single-point optimized hydrofoil for CL = 0.75 only is even

worse than the original tapered NACA 0009 hydrofoil for CL = 0.3, the probabilistic mul-

tipoint design performs better than the baseline hydrofoil over the entire range of operating

conditions.
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Figure 4.13: The comparison of CD at different CL values of 0.3, 0.5, and 0.75 for the base-
line hydrofoil, single-point optimized hydrofoil at CL = 0.75 only, probabilistic multipoint
optimized hydrofoil with fixed geometry, and single-point optimized hydrofoil at each CL,
with varying geometry at each CL (morphing).

A comparison of the detailed performance of baseline hydrofoil, the single-point op-

timization at CL = 0.75, and the probabilistic multipoint optimization is shown in Fig-

ure 4.14. Columns 2–4 in Figure 4.14 shows the predicted Cp contours for the hydrofoils

at the CL values specified in the first column. The last column in Figure 4.14 shows the

difference in geometry for the baseline hydrofoil, the single-point optimized hydrofoil, and

the multipoint optimized hydrofoil at z/s = 0.5. The maximum negative pressure coef-

62



ficient, −Cp, reduces from 2.9 and 3.1 for the baseline hydrofoil to 1.3 and 1.5 for the

multipoint optimized hydrofoil, at CL = 0.5 and CL = 0.75, respectively. Figure 4.14 Col-

umn 2–4 show that the partial leading edge cavitation will develop around the baseline

hydrofoil for CL ≥ 0.5 and σ = 1.6, but no cavitation is observed for both optimized hydro-

foils (the single-point optimized hydrofoil and the multipoint optimized hydrofoil). Note

that the single-point optimized hydrofoil at CL = 0.75 has a much higher camber and a

more negative twist compared to the original hydrofoil and the multipoint design; hence,

the single-point optimized hydrofoil at CL = 0.75 behaves poorly at the lower CL values.

As CL = 0.75 has the highest probability in the probabilistic multipoint optimization, the

performance of the multipoint optimized hydrofoil and single-point optimized hydrofoil at

design CL of 0.75 is almost same with respect to CD values. However, at other CL points in

the multipoint optimization, the multipoint design showed better performance, as expected.

The results show that while the single-point optimization can achieve the best efficiency

at the design CL, the single-point optimized hydrofoil showed reduced performance at the

off-design conditions, namely, CL = 0.3 and CL = 0.5. The probabilistic multipoint op-

timized hydrofoil will result in an overall increase in the efficiency by 14.4% (based on

Eq. (4.4)) over the baseline hydrofoil. Note that the overall efficiency of the multipoint

design (with a fixed geometry) is only 1.5% less than the best possible solution from the

hypothetical morphing hydrofoil (i.e. with varying geometry at each CL). The increase

in the cavitation inception speed compared to the baseline hydrofoil, is 49% at CL = 0.50,

and 39% at CL = 0.75, for an assumed submergence depth of 1 m. This improvement in

overall efficiency would be even more obvious if the probability of operating at the highest

CL is lower, which is often the case for many marine propulsors as they seldom operate at

the highest loading condition. Thus, it is necessary to carry out the probabilistic multipoint

optimization using realistic mission/operation profiles at an intermediate design stage to

achieve a design that performs well throughout the entire range of operating conditions.
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4.3 Conclusions

In this chapter, the ADflow RANS solver was validated against experimental data [155]

and verified against commercial CFD software results for the case of a type I tapered stain-

less steel NACA 0009 hydrofoil. The ADflow, over predicts the CD value by 14.37%

(because of the limited number of cells in CFD mesh) and under-predicts the CL value by

3.3%, when compared with experimental results [155]. However, when ADflow results

were compared with commercial CFD software (ANSYS CFX), the difference was 2.9%

in CL and 1.7% in CD values, in spite of the different turbulence models.

The effect of the number of shape design variables was studied. The results show that

while the change in CD values was not significant, the pressure distribution (particularly

near the hydrofoil leading edge) and geometry varies significantly with the number of shape

design variables. The results concluded that a minimum of 203 design variables (200 FFD

control points and 3 twist variables) was needed to achieve an acceptable optimal solution.

The need for RANS-based design optimization, as opposed to Euler-based design opti-

mization, was demonstrated. This was evidenced by the fact that 1) the RANS-based and

Euler-based design optimizations for the same CL lead to significantly different geometry,

and 2) the RANS analysis of the Euler-based optimized hydrofoil showed that it cannot de-

liver the required lift unless the angle of attack is increased; moreover, to deliver the same

CL, RANS-analysis of the Euler-based optimized hydrofoil will lead to a 11.7% higher

drag coefficient compared to the RANS-optimized hydrofoil.

To demonstrate the power of the RANS-based shape optimization methodology, a series

of optimizations were performed for a tapered hydrofoil. A single-point optimization was

conducted at five CL values with 210 design variables, where the optimized geometry was

significantly different for each CL, and hence a robust active morphing method would be

needed to realize this design. Nevertheless, such an actively morphed hydrofoil would

lead to an increase in the lift-to-drag ratio of 6.4% throughout the operating profile, and

the increase in lift-to-drag ratio would increase to 19% for CL = 0.75. The optimized
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hydrofoil at CL = 0.75 would also lead to an increase in the cavitation inception speed

by 60%, compared to the baseline hydrofoil. However, the performance of the single-

point optimized hydrofoil degrades when operated away from the design CL value. In

particular, the hydrofoil optimized for the highest lift coefficient (CL = 0.75) shows inferior

performance even when compared to the baseline hydrofoil at the lowest lift coefficient

(CL = 0.3) condition.

To overcome the issue of degraded performance of the single-point optimized design

at off-design conditions, a multipoint optimization was carried out for a fixed geometry

design. The multipoint optimization was found to perform better than the baseline hydro-

foil over the entire operation profile, where the overall efficiency (i.e., the lift-to-drag ratio)

was improved by 14.4% compared to the baseline hydrofoil. The increase in the cavitation

inception speed compared to the baseline hydrofoil, was 49% at CL = 0.50 and 39% at

CL = 0.75, for an assumed submergence depth of 1 m. For the multipoint optimized hydro-

foil, the geometry remains fixed throughout the operation range and the overall efficiency

was only 1.5% less than the hypothetical actively morphed hydrofoil with the optimal vary-

ing geometry at each CL. The results show that the proposed high-fidelity hydrodynamic

optimization tool can be used to carry out the probabilistic multipoint optimization, using

realistic operation profiles at an intermediate design stage to achieve a design that performs

well throughout the entire range of operating conditions.
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CHAPTER 5

Hydrostructural Optimization of an

Aluminum Hydrofoil

In this chapter, the CFD-based hydrodynamic shape optimization presented in previous

chapter is developed further to perform coupled hydrostructural optimization of marine

lifting surfaces. To achieve this goal, the deflected shape for each operating condition is

computed by coupling the CFD solver to a high-fidelity structural FEM solver. In addition

to the cavitation constraint presented in the previous chapter, the fatigue strength constraint

based on the structural solution is enforced. Prior to performing coupled hydrostructural

optimization of marine lifting surfaces, the hydrostructural solver is first validated using

the experimental measurements. The validation of the hydrostructural solver is performed

against experiments performed on an aluminum version of the type I NACA 0009 hydro-

foil, which yields measurable bending deformations [155], and is thus more suitable for

hydrostructural studies. The hydrostructural coupling in the analysis allows us to account

for the different deflected shapes at each operating condition, instead of assuming fixed

geometry. Results show that the hydrostructural coupling is essential to ensure structurally

sound designs with the best possible hydrodynamic performance, and that hydrodynamic-

only optimization (presented in previous chapter) and coupled hydrostructural optimization

leads to very different geometries. This work is based on previous paper presented by the

author [44].
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5.1 Baseline Hydrofoil Model

Similarly to Chapter 4, the results presented in this chapter are based on a cantilevered

trapezoidal type I NACA 0009 hydrofoil made of solid aluminum with an aspect ratio of

6.67 that has no sweep and a taper ratio of 0.5. The geometry and dimensions of this

foil are shown in Figure 4.2. We chose this hydrofoil because high-quality experimental

data for the hydrodynamic forces and structural displacements is available from Zarruk et

al. [155]. We present the validation of our hydrostructural solver against these experimental

results in Section 5.2. This NACA 0009 hydrofoil provides the baseline design for all the

optimizations presented in Section 5.3.

5.1.1 Fluid Model

Similar to the previous chapter, the nominal freestream velocity is 12.4 m/s, resulting in

a Reynolds number of 1.0×106 based on the mean chord. The flow is assumed to be fully

turbulent and the SA turbulence model is used in ADflow. The CFD mesh used for all the

optimization results—shown in Figure 4.2—is a structured O-grid with 515,520 cells and

y+ = 1.1. The domain size is 30 chord lengths in all directions, with boundary conditions

applied as shown in Figure 4.2.

5.1.2 Structural Model

Figure 5.1(a) shows the structural mesh used for the optimization results, which has

44,800 linear 8-node brick elements, with 7 elements along the thickness direction, 40

elements in the chordwise direction, and 160 elements in the spanwise direction. A clamped

boundary condition is enforced at the root, i.e., the displacements and rotations are set to

zero for all the nodes at the root. The red lines in Figure 5.1 highlight the edges of the

outer mold line that is in contact with the water. The clamped boundary condition actually

extends 20 mm beyond the wetted boundary at the root in the experimental setup due to
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the use of an acrylic fairing disk to seal the load cell from the tunnel and the associated

mounting design [155], as shown in Figure 3.2. Hence, the root of the structural mesh is

also offset 20 mm relative to the CFD mesh, as shown in Figure 5.1.

While the CFD mesh has rounded tip, the tip of the structural mesh is modeled in a

square shape. To avoid zero thickness leading and trailing edges, less than 2% of the chord

is cut off on the solid FEM model at each end. This has a negligible contribution to the

structural stiffness and hence should not affect the structural response. Although the flow

domain boundaries do not coincide with the structural surfaces at the leading and trailing

edges, the fluid-structure coupling is still possible due to the use of rigid links in the load

and displacement transfer algorithm, as explained in Section 2.3.

Figure 5.1: Baseline cantilevered NACA 0009 hydrofoil showing the structural mesh.

5.2 Validation and Formulation

5.2.1 Experimental Setup

Similar to the hydrodynamic validation in the previous chapter, the hydrostructural so-

lutions are compared to the experimental measurements conducted at the variable pressure

water tunnel at the Cavitation Research Laboratory (CRL) of the University of Tasma-

69



nia [36].

Only the results from the type I aluminum hydrofoil are used to validate the results

shown in this chapter, since it is the most flexible of the metal foils. A worst case uncer-

tainty of 13% is reported for the tip bending deflections measurements.

Table 4.1 lists the parameters used for the experiment. Similar to hydrodynamic-only

validation presented in the previous chapter, all the parameters (dimensions, Reynolds

number, fluid density, velocity, the material of the hydrofoil) from the experiments were

matched in the numerical model, except for the Mach number. However, because com-

pressibility effects are negligible for Mach numbers lower than 0.1, this discrepancy in

Mach number does not affect the solution. Structurally, the hydrofoil has a solid cross sec-

tion and is made of homogeneous 6061-T6 aluminum alloy, whose material properties are

listed in Table 5.1.

5.2.2 Natural Frequency Validation

To ensure the accuracy of the coupled hydrostructural calculations, it is important that

the effective stiffness of the structure be the same as in the experiment, which can be veri-

fied by comparing the natural frequencies since the mass is known. The natural frequencies

are also important to understand the vibration characteristics of the hydrofoil, and to avoid

unwanted vibration, noise, accelerated fatigue, and hydroelastic instability [147].

Table 5.1: 6061-T6 aluminum alloy material properties.

Symbol Description Value Units
ρs Solid density 2700 Kg/m3

Es Elastic modulus 69 GPa
νs Poisson’s ratio 0.33 –
σy Yield strength 276 MPa
σs, f Fatigue strength 97 MPa

Table 5.2 compares the experimental value for the first (spanwise bending) mode nat-
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ural frequency of the hydrofoil, which was obtained in-air [155], to that of two numerical

computations: one using our structural solver TACS, and the other using the commercial

structural analysis software NASTRAN [1]. The two numerical results differ only by 0.1%,

while the discrepancy relative to the experimental results is 1.6%.

Table 5.2: Comparison between first mode in-air natural frequency of the type I aluminum
hydrofoil from experimental results [155], and numerical results from NASTRAN and
TACS (current FEM solver). A structural mesh with 44,800 elements—as shown in 5.1—is
used for both NASTRAN and TACS.

Experiment [155] NASTRAN TACS (current FEM solver)
Frequency (Hz) 100.0 98.5 98.4

5.2.3 Hydrostructural Solver Validation

To validate the coupled hydrostructural solver, we compare our numerical results with

the experimental measurements. For Re = 1.0×106, experiments were only conducted up

to an angle of attack of 6o to keep the maximum lift force to be less than 1 kN. Figure 5.2

compares the mean predicted CL (lift coefficient), CM (pitch moment coefficient), CD (drag

coefficient), and δtip/b (normalized tip bending deflection, where b = c/2 is the semi-chord

at midspan) at various angles of attack with the experimental measurements of the type I

aluminum hydrofoil presented in reference [155]. We used a fine CFD mesh with 4,124,160

cells and a structural mesh with 179,200 elements (shown in the red line and star symbol

in Figure 5.2). Good agreement between the numerical predictions and the experimental

measurements is observed in Figure 5.2: the average difference in the lift force and moment

coefficient predictions is 3.5%. The average difference in the drag coefficient is 5.4%.

The computed tip bending deflection is non-dimensionalized with respect to the mid-

span half-chord (δtip/b), where b = 45 mm. The predicted deflection is compared to the

experimental values in the last plot in Figure 5.2. The average difference in the tip deflec-

tions is 5.5%, which is lower than the maximum experimental uncertainty (13.0%). For
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Re = 1.0× 106, the experimentally measured tip bending deflection is 13.36 mm at an an-

gle of attack of 6o, while the numerical prediction is 13.44 mm. Tip twist deflections are

not compared, since the twist deflections for the aluminum hydrofoil were too small to

measure.

In Figure 5.2, we also compare CL, CM, CD, and δtip/b from a coarser CFD mesh

(515,520 cells) and a coarser structural mesh (44,800 elements); while Figure 5.2 shows

that the CD is over-predicted compared to the measured value. On the other hand, the

fine mesh predictions, CL, CM, and δtip/b, show excellent agreement with experimental

measurements. Additionally, CD from the coarser mesh (515,520 cells) follow the same

trend as the finer mesh (4,124,160 cells) and the experimental measurements.

Note that the similar trend (i.e., over-prediction of CD) with the coarser CFD mesh

(515,520 cells) for the type I stainless steel hydrofoil was also presented in the previous

chapter. In hydrostructural shape optimization, we are generally more interested in the gra-

dient of the drag coefficient due to the use of the adjoint-based optimization, rather than the

actual grid converged value. Thus, in the interest of computational efficiency, we used a

CFD mesh with 515,520 cells and a structural mesh with 44,800 elements for optimization

studies presented later in this chapter. Additionally, as noted in the previous chapter, the

ADflow predictions with a CFD mesh of 515,520 cells were verified with predictions ob-

tained using the commercial CFD solver, ANSYS CFX, using an incompressible uRANS

(unsteady RANS) method with the k−ω shear stress transport (k−ω SST) turbulence model

with a finer mesh, and the difference in CD for the type I stainless steel hydrofoil between

the two codes was only 1.7%.
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Figure 5.2: Comparison between computed force and moment coefficients, and dimen-
sionless tip bending deformation values from two meshes, and experimental results of the
type I aluminum NACA 0009 hydrofoil at Re = 1.0×106 [155]. Red line represents results
from finer meshes (used for validation study) and black dashed line represents results from
coarser meshes (used for the optimization studies).

5.2.4 Grid Convergence Study

To study the effect of fluid and structural mesh sizes on the hydrostructural results,

we carry out a fluid model grid convergence study with a consistent structural mesh, and

structural model grid convergence study with a consistent fluid mesh.

5.2.4.1 Fluid Grid Convergence Study

The convergence of the drag coefficient with number of fluid cells (N) for Re = 1.0×106

at CL = 0.48 and α = 5.5o is shown in Figure 5.3. As ADflow is second order accurate for a

three-dimensional mesh, we use grid factor as N(−2/3) to study the fluid grid convergence.
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To ensure that there is no discrepancy in hydrodynamic coefficients resulting from the

structural mesh, we used a fine structural mesh of 179,200 for all the cases. We found that

4,124,160 fluid mesh cells are needed to reach convergence of the drag calculation, while

the lift coefficient already converged with 515,520 cells.
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Figure 5.3: The drag coefficient plotted against the grid factor (N−2/3) is approximately
linear (shown in the subplot with the black dashed line) for the three finest CFD meshes,
indicating second order convergence for the type I aluminum NACA 0009 hydrofoil at
Re = 1.0× 106 and CL = 0.48. 179,200 FEM elements structural mesh is used in all the
cases. The error in CD with the finest grid is 1.57%.

5.2.4.2 Structural Grid Convergence Study

A structural grid convergence study is performed using six different structural mesh

sizes ranging from 25,200 to 1,638,400 linear 8-noded brick elements. To be consistent,

a fine CFD mesh of 4,124,160 cells is used for all the structural grid convergence studies.

Table 5.3 compares lift coefficient, lift force, first mode in-air natural frequency, and tip

bending deformation values for the hydrostructural solutions.

The difference in tip deformation between the medium mesh with 44,800 FEM ele-

ments (highlighted in gray in Table 5.3) results and the experimental results is only 0.6%,
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which is well within the experimental uncertainty. Thus, to balance accuracy and com-

putational efficiency, a CFD mesh with 515,520 cells and a structural mesh with 44,800

elements are selected to carry out the hydrostructural optimizations in the remainder of this

chapter.

Table 5.3: Structural grid convergence study for a fixed CFD mesh with 4,124,160 cells.

Elements CL Lift force (N) Dry natural frequency (Hz) Tip deflection (mm)
25,200 0.4880 1012.98 99.5 12.01
44,800 0.4892 1015.47 98.4 13.28

100,800 0.4891 1015.26 97.6 13.22
179,200 0.4898 1016.72 97.4 13.44
691,200 0.4896 1016.31 97.3 13.48

1,638,400 0.4896 1016.30 97.3 13.50

5.2.5 Optimization Problem Formulation

Similar to the hydrodynamic optimization presented in the previous chapter, the design

optimization problem involves minimizing the drag coefficient by changing the hydrody-

namic shape. In addition to the constraints on lift coefficient, and minimum pressure co-

efficient to avoid cavitation, constraints are also imposed on maximum von Mises stresses

to avoid fatigue failure, and minimum cross-sectional profile thicknesses at the hydrofoil

trailing edge to ensure manufacturability and ease of handling. The optimization problem

formulation is detailed in Table 5.4. The lift coefficient is constrained to be equal to a target

value, which varies depending on the case. The leading edge position and chord length are

fixed to be the same as the baseline NACA 0009 hydrofoil values.

The von Mises stresses are aggregated using the aggregation function KSσv , as previ-

ously explained in Section 2.6. The von Mises stress is constrained from exceeding the fa-

tigue strength (σs, f ) of the aluminum alloy with a safety factor of 1.1. The fatigue strength

is used because of a large number of load cycles in real-world operations. However, in the

model scale testing, the duration for each flow condition is limited, so the hydrofoil was
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Table 5.4: Coupled hydrostructural optimization problem setup for the type I tapered
NACA 0009 hydrofoil.

Function/ variables Description Quantity
minimize CD Drag coefficient 1

with respect to x FFD control points 200
Twist design variables 10

subject to C∗L Lift coefficient constraint 1
Fixed leading edge constraint 10

Acav ≤ 5×10−4 Non-dimensional aggregated 1
cavitation constraint

KSσv ≤ 1 Stress constraint 1
tTEi ≥ 1.1tTEbase Trailing edge thickness constraint 20

tested to much higher loads in Zarruk et al. [155]. The fatigue strength of the aluminum

alloy is approximately one-third of its yield strength.

The CFD and FEM meshes used for the coupled hydrostructural optimization were

previously shown in Figure 4.2 and 5.1, respectively. As mentioned in the previous section,

we use a CFD mesh with 515,520 cells and a structural mesh with 44,800 elements for the

optimization studies presented in this chapter. Figure 5.4 shows the FFD control points used

for optimization. We previously studied the influence of the number of design variables on

the optimized values and concluded that the optimal solution converged with 200 FFD

control points (Chapter 4). Thus, for the results shown in Section 5.3, we use a total of 210

design variables—200 FFD control points (10 spanwise × 10 chordwise × 2 thickness),

and 10 spanwise twist design variables—as shown on the right hand side of Figure 5.4.

The angle of attack definition remains consistent with the definition presented in the last

chapter. Hence, all the twist angles presented in the next section are defined relative to the

root section, and the twist at the root section is taken as zero, as explained in Figure 4.6. The

undeflected and deflected NACA 0009 baseline hydrofoil at CL = 0.65 with the von Mises

stress constraints are shown on the left side of Figure 5.4 while the optimization problem

setup is shown on the right.
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Figure 5.4: Type I aluminum NACA 0009 baseline hydrofoil undeflected and deflected
shapes (left), showing von Mises stress contours at CL = 0.65; the hydrostructural opti-
mization design variables (right) consist of FFD control points (red spheres) and section
twist variables.

The trailing edge of the NACA 0009 baseline and all the optimized designs is blunt

due to physical constraints, terminating in a back-facing edge of finite thickness. To make

sure that the optimized geometry can be manufactured and easily handled, we constrained

the trailing edge thickness to be no less than 10% higher than the baseline NACA 0009

hydrofoil thickness at 20 points distributed spanwise along the trailing edge. This abso-

lute trailing edge thickness constraint value varies linearly from 0.242 mm at the root to

0.121 mm at the tip.

5.3 Results

We now present single-point and multipoint optimized hydrofoils, and compare their

performance and geometries. We demonstrate the importance of performing coupled hy-

drostructural optimization over hydrodynamic-only optimization. We also present the op-

timization results for a hypothetical morphing hydrofoil to quantify the best possible gain
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in performance assuming active shape morphing can be achieved.

5.3.1 Single-point Hydrostructural Optimization

For the single-point hydrostructural optimization, the hydrofoil was obtained by mini-

mizing the drag coefficient for a single flow condition corresponding to a target lift coef-

ficient. The design variables and constraints are as previously described in Section 5.2.5

and are listed in Table 5.4. This optimization took 12 h of wall time using 192 processors

(2.60 GHz Intel Xeon E5-2680V2).

Figure 5.5 compares the optimized hydrofoil at CL = 0.65 to the NACA 0009 base-

line. The hydrostructural optimization reduced CD by 11.04% relative to the NACA 0009

baseline. This figure shows the Cp distributions on the suction side 5.5(a), where the Cp

contour for the baseline NACA 0009 geometry is shown on the left, and the contour for the

optimized geometry is shown on the right. To complement this visualization, we also show

cross-sectional profiles at three spanwise sections (z/s = 0.05, 0.5, and 0.85) and the cor-

responding chordwise Cp distributions on the bottom 5.5(d), where the baseline sectional

shapes and the Cp distributions are shown in green, and the optimized ones are shown in

red.

The optimization added camber to the originally symmetric profile, which is expected

for an efficient hydrofoil at CL = 0.65. This added camber should reduce the angle of

attack necessary to achieve the same lift. However, since the angle of attack is fixed in

the optimization, the optimizer decreased the twist of all sections instead (including the

root). As mentioned earlier, to present a consistent definition of angle of attack between

the optimized and baseline hydrofoils, the twist at the root of the optimized hydrofoil (5.02o

for CL = 0.65) is subtracted from the optimized twist distribution, resulting in an angle of

attack of α = 3.08o, compared to α = 8.10o for the baseline hydrofoil to achieve CL = 0.65.

The resulting twist distribution after subtracting the root twist is plotted in Figure 5.5(g).

Figure 5.5(a) shows that the baseline hydrofoil exhibits partial leading edge cavitation
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(where −Cp ≥ σ), as indicated by the gray area near the leading edge in the planform view,

which is consistent with the high suction peak observed in the sectional −Cp distribution

in Figure 5.5(d). However, the optimized hydrofoil exhibits no cavitation. The optimizer

is able to satisfy the cavitation constraint by re-shaping the cross section to drastically re-

duce the leading edge pressure peak and avoid cavitation. The re-shaping involves adding

camber, changing twist distribution, reducing the angle of attack, and increasing the lead-

ing edge radius. As shown in Figure 5.5(d), the maximum negative pressure coefficient

reduces from 2.1 to 1.0 for the optimized hydrofoil, which significantly delays cavitation

inception. The cavitation inception speed increases from 10.6 m/s to 15.4 m/s, for an as-

sumed submerged depth of 1 m (using Eq. (2.25)).

As we can see in the sectional Cp plots in Figure 5.5(d) and the cavitation constraint

convergence history in Figure 5.6, the cavitation constraint was only active in the first

six iterations, but not in the subsequent iterations. Thus, we would end up with the same

design even without the cavitation constraint in this particular optimization case. The lower

leading edge suction peak (or the higher cavitation inception speed) in this case was driven

by the drag minimization, and the overall design was driven by the stress constraint.

Figure 5.5(b) compares the fatigue stress constraint distribution, i.e., 1.1×σv/σs, f , be-

tween the NACA 0009 baseline (left) and the optimized geometry (right). The yellow

region on the normalized stress contours for NACA 0009 baseline (left) indicates that the

stress constraints are violated. The hydrostructural optimization is able to start with this

infeasible design and yield an optimized design that satisfies the stress constraints by thick-

ening the profile where needed. However, the mass of the optimized hydrofoil is still

reduced by 2.5%. This is because the optimizer increased the thickness only where needed

(near the root, where the internal stresses are the highest), and reduced the thickness where

the stress constraints were not active (towards the tip), as shown in Figure 5.5(f) and also

in Figure 5.10.

Figure 5.5(c) compares the skin friction coefficient distributions on the pressure side.
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The NACA 0009 baseline exhibits higher skin friction, especially at the leading edge.

Figure 5.5(e) compares the lift distribution of NACA 0009 baseline and the optimized

hydrofoil with the ideal elliptical distribution, which would have the lowest induced drag

according to linear potential flow theory. The lift distributions for the two designs are

close to the elliptical distribution, with increased tip loading in the optimized hydrofoil

case. Note that the current problem setup did not include any constraints on the tip loading

condition. Figure 5.5(g) compares the twist distribution (defined relative to the root section)

of the NACA 0009 baseline and the optimized hydrofoil. While the NACA 0009 baseline

has no twist, the optimized hydrofoil has nose up twist from the root to 75% of the span,

and nose down twist near the tip. Hence, the required angle of attack is lower for the

optimized hydrofoil than for the NACA 0009 baseline, as noted in Fig. 5.5(a).

Figure 5.6 shows the convergence history of the cavitation constraint, stress constraint,

and the objective function. This convergence history shows that the stress constraint is

critical in determining the optimized design while the cavitation constraint is not.

Figure 5.7 compares the stress constraint values for the NACA 0009 baseline and the

optimized hydrofoil. While the baseline NACA 0009 hydrofoil violates the stress constraint

for CL ≥ 0.35, the optimized hydrofoil satisfies the stress constraint up to the design lift

coefficient (CL = 0.65).

Figure 5.8 compares the variation of the lift-to-drag ratio (CL/CD) versus lift coeffi-

cient for both the baseline and the single-point optimized hydrofoils. The hydrostructural

optimized hydrofoil performs better than the baseline hydrofoil for CL > 0.3, while for

CL < 0.3, the optimized hydrofoil performance becomes worse than the baseline hydrofoil.

Since the optimization was performed only for CL = 0.65, the added camber reduced the

performance at the lower CL values. There is an increase in CL/CD of 12.4% at the design

point (CL = 0.65). The camber is detrimental at lower angles of attack due to the suscepti-

bility to leading edge flow separation and cavitation on the pressure side of the optimized

hydrofoil.
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Figure 5.5: Comparison between the single-point hydrostructural optimization result
(right/red) and the NACA 0009 baseline (left/green). The optimized hydrofoil added cam-
ber (as shown in subplots (d)), reducing the angle of attack required to achieve the same lift
(as indicated by the text in subplot(a)), and increasing the leading edge radius and maxi-
mum thickness (tmax) of the inbound portion (as shown in (f)), resulting in a drag reduction
of 11.04% and the elimination of cavitation (a). The optimization satisfied the strength con-
straints by increasing the maximum thickness-to-chord ratio near the root of the hydrofoil
and changing the twist distribution (as shown in subplot(g)), while decreasing the mass by
2.5% by reducing the outboard thickness (f). The sectional pressure distribution (Cp) and
geometric profile at three spanwise section (z/s = 0.05, 0.5, and 0.85) are shown in subplot
(d).
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Figure 5.6: Optimization history of objective function and constraints for single-point case
at CL = 0.65. While the cavitation constraint was not active for this particular design op-
timization after the initial 6 iterations, the stress constraint was active for the optimized
design.

5.3.2 Multipoint Hydrostructural Optimization

In the previous section, we showed that the single-point optimization does not achieve a

design that performs well over a wide range of operating conditions. Therefore, a different

approach is required to obtain a design that is robust with respect to operating conditions.

To achieve this, a probabilistic multipoint approach explained in Chapter 4 is used.

To illustrate the advantage of probabilistic multipoint optimized approach over the

single-point one, we perform a five-point optimization using the points and weights listed

in Table 5.5. As mentioned earlier, our hydrofoil is a canonical case and a real probability

density function (PDF) of the operating conditions does not exist. Therefore, the operating

conditions and corresponding weights in Table 5.5 are based on engineering experience.

With respect to the multipoint optimization case presented in the previous chapter, we also
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point optimized foil for varying lift coefficient. While the NACA 0009 baseline violates
the stress constraint for CL ≥ 0.356, the optimized design satisfies the stress constraint up
to CL = 0.65.

added a negative CL operating condition, as both positive and negative CL are relevant for

at sea operation of hydrofoils and rudders due to varying incidence angles in waves, and

for propellers due to forward and reverse operations. With the exception of the objective

function, the rest of the problem formulation for the multipoint case remains the same as

detailed in Table 5.4. The hydrostructural calculations and coupled adjoint calculations

are carried out for each condition in the multipoint design, and the cavitation and stress

constraints are enforced for all the design points.

Since the twist variables include the root twist, it is necessary to fix the angle of attack

for one of the design conditions, otherwise, the problem would be under-defined. The angle

of attack is defined as the angle of the root section with respect to the original undeformed

NACA 0009, which is the same as for the optimized hydrofoil with zero twist at the root.
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Figure 5.8: Lift-to-drag ratio of the single-point optimized hydrofoil compared to the base-
line NACA 0009. The lift-to-drag ratio of the optimized hydrofoil is higher than the base-
line for CL > 0.3, but lower for CL < 0.3.

The angle of attack was fixed at 8.10o for CL = 0.65, which is the same value used for

the single-point optimization. Note that the 8.10o is the angle of attack prior to the root

twist angle is subtracted for a consistent definition of angle of attack with the NACA 0009

baseline. The angles of attack for the other CL values in the multipoint problem are design

variables. Similarly to the single-point optimization case, we subtracted the root twist from

optimized twist distributions and incorporated the root twist in the angle of attack. The

multipoint optimization took 51 h of wall time using 192 processors.

Figure 5.9 compares the multipoint hydrostructural optimized hydrofoil to the single-

point hydrostructural optimized hydrofoil at CL = 0.65. The multipoint optimization leads

to an increase in overall efficiency (Eq. (4.4)) of 8.53% over the NACA 0009 baseline and

5.06% over the single-point hydrostructural optimized hydrofoil. Similarly to the single-
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Table 5.5: Operating conditions and corresponding weights used in the probabilistic multi-
point objective (Eq. (4.3)).

CL Weight, wk Critical metric
-0.15 0.10 Cavitation on pressure side
0.30 0.15 Drag
0.50 0.25 Drag
0.65 0.45 Drag at most frequent operating condition
0.75 0.05 Stress, cavitation on suction side

point results in Figure 5.5, three sets of contours are shown: the Cp distribution on the

suction side for CL = 0.65 (the performance-critical condition), the stress constraint value

on the suction side for CL = 0.75 (the strength and cavitation-critical condition), and the Cp

contour on the pressure side for CL =−0.15 (the pressure side cavitation-critical condition).

The CL = 0.65 pressure contours show that none of the optimized designs exhibits suction

side cavitation. As before, the optimizer eliminates cavitation in the process of reducing

the drag by increasing the leading edge radius, as shown in the comparison of the cross-

sectional shape in Figure 5.10.

The multipoint optimized hydrofoil thickens considerably to satisfy the stress con-

straints. Unlike the single-point optimized hydrofoil, the multipoint optimized hydrofoil

mass is higher than the baseline. The single-point optimization was able to reduce the mass

of the baseline by thinning the outboard sections where the stress is lower. However, the

multipoint optimization has to satisfy the stress and cavitation constraint at a higher load-

ing (CL = 0.75), which requires thickening both the inboard and outboard portions of the

hydrofoil, leading to a 45% increase in mass over the single-point optimized design and a

41% mass increase over the NACA 0009 baseline.
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Figure 5.9: Comparison between the multipoint hydrostructural optimization result
(right/blue) and the single-point hydrostructural optimized (at CL = 0.65) hydrofoil
(left/red). The overall efficiency increased by 5.06% (as indicated in the text in subplot
(a)), with a mass increase of 45% as compared to single-point optimized hydrofoil (at
CL = 0.65). The single-point optimized hydrofoil violates the stress constraint at CL > 0.68
(as shown in subplot (b) and Figure 5.7). The maximum thickness-to-chord ratio (tmax/c)
for the single-point optimized hydrofoil is significantly lower than the multipoint optimized
hydrofoil, except at the root (as shown in subplot (f)), resulted in single-point optimized
hydrofoil not meeting stress constraint. The difference in twist distribution and normalized
lift distribution can also be noted from subplot (g) and (e), respectively. The suction peaks
were reduced in the multipoint optimized hydrofoil to eliminate cavitation at CL = −0.15
(as shown in the sectional pressure distributions on the right (in subplot (d)) for two span-
wise locations, z/s = 0.05, and 0.70).

In Figure 5.9(d), the CL = −0.15 condition, we can see that the suction peak is just

under the σ = 1.6 line for the outer profile (z/s = 0.7) in the multipoint optimized design,

indicating that the cavitation constraint at this condition is active and has a direct effect on
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the design. This is in contrast with the single-point optimum case at CL = 0.65, where the

cavitation constraint is not active. Additionally, since single-point optimized hydrofoil was

not designed for CL = −0.15, it exhibits small leading edge cavitation on the pressure side

at that loading condition. Similar to the single-point optimized result, there is an increase

in cavitation inception speed by 38% at CL = 0.65 for an assumed submerged depth of 1 m

over the NACA 0009 baseline. At CL = −0.15, while the suction peak for the multipoint

optimized foil is lower than the single-point optimized hydrofoil, the suction peak for the

multipoint optimized foil is higher than the baseline, resulting in an increase of the drag

coefficient at CL = −0.15 by 2.2%. This increase in CD of the multipoint hydrostructural

optimized hydrofoil over the NACA 0009 baseline at CL = −0.15 can be attributed to: (1)

the need for thicker sections from root to tip to withstand the highest and lowest loading

condition at CL = 0.75 and CL = −0.15, respectively, (2) the low probability associated

with this operating condition (see Table 5.5), and (3) the fact that it is more challenging to

decrease the drag of a cambered hydrofoil at a negative lift condition than for a hydrofoil

with a symmetric profile.

Figure 5.10 compares the sectional geometry for the NACA 0009 baseline, multipoint

optimized design, and single-point optimized design at ten sections along the span. As

the single-point design was optimized for CL = 0.65, i.e., high loading or high angle of

attack scenario only, and did not consider the performance at the lower angles of attack, the

single-point optimized hydrofoil has slightly higher camber than the multipoint optimized

hydrofoil (Figure 5.10). Also, since the loading near the tip is low, the optimizer reduced

the thickness of the single-point optimized design to a point below the NACA 0009 baseline

(which helped lower the mass of the single-point optimized design and increase the lift-to-

drag ratio), but it would not meet the stress constraint for CL ≥ 0.68, as indicated in the

Figure 5.7. Additionally, the single-point and multipoint hydrostructural optimized hydro-

foil resulted in a similar suction side geometry (see Figure 5.10), because the suction side

geometry is primarily dictated by the cavitation constraint and drag minimization. To sat-
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Figure 5.10: Comparison of sectional geometries for the NACA 0009 baseline, the mul-
tipoint optimized design, and the single-point optimized design at ten sections along the
span.

isfy the more stringent stress constraint at CL = 0.75 and to avoid pressure side cavitation at

CL = −0.15, the thickness was added to the pressure side to minimize the resultant increase

in drag. Note that although the CL = 0.75 and CL = −0.15 conditions have a significantly

lower probability of operation, they have a non-negligible impact on the final optimized

design because of the need to satisfy the stress and cavitation constraints at those extreme

operating points.

To provide one more set of comparisons, we computed the in-air natural frequencies for

the multipoint optimized hydrofoil and compared them to those of the NACA 0009 baseline

hydrofoil. This comparison is shown in Table 5.6, where we see that the frequencies for the

optimized hydrofoil are significantly higher. This is expected, since the optimized hydrofoil

is thicker, which results in higher stiffness and hence higher frequencies. Figure 5.11 shows

the first four in-air modes of the multipoint optimized hydrofoil.

Table 5.6: Comparison of the in-air natural frequency (Hz) for the first four modes.

Mode NACA 0009 Optimized
1 98.4 147.8
2 414.2 602.5
3 784.7 1072.1
4 947.1 1108.4
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Figure 5.11: First four in-air natural vibration modes and frequencies for the multipoint
optimized hydrofoil.

Figure 5.12 shows the evolution of various quantities throughout the optimization. Con-

verged cavitation constraint values show that the cavitation critical conditions are CL = 0.75

and −0.15, for the suction side and pressure side, respectively. The converged aggregated

strength constraint values (KSσv) show that CL = 0.75 is the strength critical condition.

5.3.3 Multipoint Hydrostructural versus Multipoint Hydrodynamic

Optimization

To demonstrate the need for coupled hydrostructural optimization instead of just hy-

drodynamic optimization (as presented in Chapter 4), we performed a multipoint hydro-

dynamic shape optimization for comparison. The problem formulation is the same as the

one described in the previous section, except now we only solve for the hydrodynamics.

This means that hydrofoil flexibility is ignored and no strength constraints are enforced. In

Figure 5.13, we compare the multipoint hydrostructural optimized hydrofoil and the hy-

drostructural analysis of the multipoint hydrodynamic optimized hydrofoil. The multipoint
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Figure 5.12: Evolution of overall efficiency (objective function), cavitation constraints
(Acav), and stress constraints (KSσv) throughout the multipoint hydrostructural optimiza-
tion. The design is driven by the cavitation constraints at CL = 0.75 and −0.15, as well as
the strength constraint at CL = 0.75.

hydrodynamic optimized hydrofoil shows an overall efficiency (Eq. (4.4)) that is 1.17%

higher than the multipoint hydrostructural optimized hydrofoil. This higher hydrodynamic

efficiency is due to the thinner hydrofoil, which also results in a 27.6% lower mass com-

pared to the multipoint hydrostructural optimized design. However, as shown in the second

row of Figure 5.13, the stress constraint for the multipoint hydrodynamic optimized de-

sign is violated at CL = 0.75, which makes this design impractical. In Figure 5.13(f) and

(g), we compare the spanwise twist and maximum thickness-to-chord distributions for the

multipoint hydrostructural optimized design, with the multipoint hydrodynamic optimized

design.

To further analyze the difference between the various hydrofoils, we compare the fa-
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Figure 5.13: Comparison between multipoint hydrostructural optimization (left/blue) and
multipoint hydrodynamic optimization (right/red). While the hydrodynamic-only opti-
mized hydrofoil has a higher overall efficiency (as indicated in the text in subplot (a))
and lower mass, it violates the stress constraint at CL > 0.35 (as shown in subplot (b) and
Figure 5.14). The maximum thickness-to-chord ratio (tmax/c) for the hydrodynamic-only
hydrofoil is significantly lower than the hydrostructural optimized hydrofoil (as shown in
subplot (f)), resulted in hydrodynamic-only hydrofoil not meeting the stress constraint for
CL ≥ 0.30. The difference in twist distribution and normalized lift distribution can also be
noted from subplot (g) and (e), respectively. The sectional pressure distribution (Cp) and
geometric profile at two spanwise section (z/s = 0.05, and 0.70) are shown in subplot (d).

tigue stress constraint (1.1σv/σs, f ) and hydrofoil tip bending displacement (δtip/b) in Fig-

ure 5.14 over the range of operation conditions for the NACA 0009 baseline, multipoint

hydrostructural design, and the multipoint hydrodynamic design. The solid gray line repre-

sents the fatigue stress constraint. While the original tapered NACA 0009 hydrofoil violates
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the stress constraint for CL > 0.35, the multipoint hydrostructural optimized hydrofoil sat-

isfies the stress constraint for up to CL = 0.75, the highest loading condition. Since the

multipoint hydrodynamic optimized hydrofoil does not enforce stress constraints, it results

in a thinner foil that violates the stress constraint for CL ≥ 0.30. This makes the hydrody-

namic design impractical for actual operation.

In the bottom of Figure 5.14, we plot the maximum tip bending deformation (δtip) nor-

malized by the mid-span half chord length (b = 45 mm) over the range of operational con-

ditions for the various designs. The multipoint hydrostructural optimized design exhibits

much lower bending deformations, which is consistent with the fact that it has thicker

cross sections and hence higher stiffness and frequencies, as observed in Figure 5.11 and

Table 5.6.
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Figure 5.14: Comparison between the fatigue stress constraint and the non-dimensional tip
bending deformation for the various designs versus CL. While the NACA 0009 baseline
and the multipoint hydrodynamic optimized design does not meet the stress constraint for
CL ≥ 0.35 and CL ≥ 0.3, respectively, the multipoint hydrostructural optimized design meets
the stress constraint up to CL = 0.75, the highest expected loading condition.
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5.3.4 Optimization of a Morphing Hydrofoil

The capability to morph the shape of a hydrofoil has the potential to further increase the

overall efficiency. To evaluate the best theoretical performance that could be achieved, we

assume a morphing technology with the ability to change its shape with complete freedom.

This is currently impossible, since for our solid hydrofoil, it would imply a change in mass.

However, the motivation of this comparison is to evaluate an upper bound of the benefits

due to morphing, and not necessarily to obtain a practical result.

The design optimization of such a hypothetical morphing hydrofoil corresponds to

performing independent single-point hydrostructural optimization at multiple lift coeffi-

cients. We chose the same five CL values used in the multipoint optimization problem

(−0.15,0.30,0.50,0.65,0.75) to be able to do a more direct comparison. Similar to previ-

ous results, in addition to the lift constraint, aggregated stress constraint on the von Mises

stress, and cavitation constraint is also imposed for the five CL values. Additionally, as

mentioned earlier, mass is allowed to vary and we do not have a constraint on the mass

between different CL values to illustrate the best possible performance that can be achieved

at each CL point.

Table 5.7 reports the improvement in the lift-to-drag ratio for the morphing hydrofoil

compared to the NACA 0009 baseline and the multipoint hydrostructural optimized hydro-

foil. The lift-to-drag ratio improvement compared to the baseline ranges from 10.03% at

CL =−0.15 to a maximum improvement of 14.77% at CL = 0.75. However, note that the im-

provements in lift-to-drag ratio are only slightly better than the multipoint hydrostructural

optimized hydrofoil with a fixed geometry, except for CL = −0.15, where the probability of

operation is low.

Figure 5.15 compares the twist and thickness distribution for the NACA 0009 baseline

and the morphing hydrofoil at various CL values. The thickness increases with increasing

CL, particularly near the root, to satisfy the stress constraints at the particular CL.

Figure 5.16 shows that the leading edge radius and camber of the morphing hydrofoil
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Table 5.7: Lift-to-drag ratio improvement for the hypothetical morphing optimized hydro-
foil compared to multipoint hydrostructural fixed-geometry design, and the NACA 0009
baseline.

CL NACA 0009 Morphing Multipoint hydrostructural Morphing
CL/CD CL/CD improvement (%) improvement (%)

-0.15 -11.36 -12.50 -1.70 10.03
0.30 17.34 19.10 7.70 10.19
0.50 19.01 21.18 10.10 11.44
0.65 17.95 20.18 9.02 12.46
0.75 16.67 19.13 13.32 14.77

increased with increasing CL to achieve the highest efficiency while avoiding cavitation,

and satisfying the stress constraint. The results illustrate that the drastic changes in the

hydrofoil camber, thickness, and twist distributions are needed for the morphing hydrofoil

with varying CL, which is not achievable with today’s technology.
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Figure 5.15: Comparison of twist and maximum thickness-to-chord ratio (tmax/c) distribu-
tion for the NACA 0009 baseline and the morphing hydrofoil at various CL values.
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Figure 5.16: Comparison of sectional geometries for the NACA 0009 baseline and morph-
ing hydrofoil. Twist and thickness increase with increasing CL for the morphing hydrofoil.

5.3.5 Performance Comparison between Morphing and Fixed Geom-

etry Designs

In Figure 5.17, we plot the lift-to-drag ratio over a wide range of lift coefficients for the

previously presented designs: the NACA 0009 baseline, the single-point hydrostructural

design optimized at CL = 0.65, the multipoint hydrostructural design, and the morphing

hydrofoil obtained using single-point hydrostructural optimized design at each CL. We do

not show the multipoint hydrodynamic design, because it violates the strength constraint

for CL ≥ 0.30 and is thus an impractical design. As expected, the morphing hydrofoil

optimized at each CL shows the best possible performance at each point. Nevertheless, the

multipoint hydrostructural optimized hydrofoil with fixed geometry follows this best case

scenario closely. As shown earlier, the single-point optimized hydrofoil at CL = 0.65 has

the poorest performance for CL ≤ 0.3. Additionally, single-point optimized do not meet the

stress constraint for CL ≥ 0.68.

As explained earlier, the hypothetical morphing hydrofoil is not currently achievable.

Thus, we focus on the multipoint hydrostructural optimized hydrofoil with fixed geometry.

This multipoint optimum hydrofoil performs better than the NACA 0009 baseline for the
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whole range of operating conditions except for a small range just below CL = 0.1, where

the performance is similar. As shown in Table 5.8, the multipoint hydrostructural design

leads to 8.53% increase in overall efficiency compared to the NACA 0009 baseline.
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Figure 5.17: Lift-to-drag ratio over a range of operational conditions (CL) for the
NACA 0009 baseline and the various optimized hydrofoils. The multipoint hydrostruc-
tural design with fixed geometry provides a good performance over the whole range, but
the hypothetical morphing hydrofoil performance is even better for the optimized points.

Table 5.8 compares the overall efficiency increase over the NACA 0009 baseline and

the CPU time required when using 192 processors (2.80 GHz Intel Xeon E5-2680V2). The

benefit of multipoint hydrostructural optimization over the single-point optimization can

be seen in this table.

As explained earlier, the hypothetical morphing hydrofoil with optimized geometry at

each CL is the most efficient, but it is impossible to achieve unless there is a robust active

morphing capability.

In Table 5.8 we also compared the CPU time required for each optimization. The time
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required by the multipoint optimization is approximately equal to the time taken by one

single-point optimization times the number of design points. The time required for the

hydrostructural optimization is about 30% higher than the hydrodynamic optimization, but

it is worthwhile because hydrostructural optimization is needed to achieve a structurally

sound design.

Table 5.8: Overall efficiency increase compared to the NACA 0009 baseline for the various
designs (Eq. (4.4)) and CPU wall time.

Single-point Multipoint Multipoint Morphing
hydrostructural hydrostructural hydrodynamic hydrostructural

Overall efficiency increase 6.59% 8.53% 9.54% 11.78%
Stress constraint satisfied Yes Yes No Yes
Wall time (192 cores) 12 h 51 h 36 h 60 h

5.4 Conclusions

In this chapter, we presented an efficient high-fidelity hydrostructural design optimiza-

tion approach capable of optimizing the hydrofoil shape while considering multiple operat-

ing conditions, fluid-structure interaction response, stress constraints, minimum thickness

constraints (for ease of manufacturing and handling), and cavitation constraints. The hy-

drostructural optimization was performed with 210 design variables, enabling the full shape

optimization in 3-D, and opening the door to a variety of hydrofoil and marine propulsor

design applications.

We demonstrated and validated the approach on a cantilevered aluminum NACA 0009

tapered hydrofoil with no sweep at Re = 1.0× 106 and U = 12.4 m/s. The coupled hy-

drostructural solver was validated against experimental measurements for in-air natural

frequencies, hydrodynamic load coefficients, and tip bending deformations. Good agree-

ment was achieved between the numerical predictions and the experimental measurements:

Using a converged CFD of 4,124,160 cells and structural mesh of 179,200 elements, the
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average difference in the CL and CM predictions was 3.5%, the average difference in CD

predictions was 5.4%, the average difference in tip bending deflection was 5.5%, and the

difference in the first in-air natural frequency was 1.6%.

To demonstrate the RANS-based hydrostructural design optimization approach, we

started from the NACA 0009 baseline and performed a series of shape optimizations.

We started with an optimization considering a single operating condition (CL = 0.65).

This resulted in an increase in overall efficiency of 12.4%, a mass reduction of 2.5%,

and an increase in the cavitation inception speed by 45%, when compared to the origi-

nal NACA 0009 baseline. The simultaneous increase in efficiency and reduction in mass

are significant considering that the hydrostructural optimized foil was much thicker than

the NACA 0009 baseline, particularly near the root, in order to satisfy the stress constraint

(which the NACA 0009 did not satisfy). However, the single-point optimized hydrofoil

was found to perform worse than the NACA 0009 baseline away from the design CL.

A five-point hydrostructural optimization was carried out, with 210 design variables

and constraints on cavitation, manufacturing thicknesses, and maximum stress. The results

show that the multipoint optimized geometry leads to an overall increase in efficiency of

8.53%, and an increase in cavitation inception speed by 38% (at CL = 0.65), when com-

pared to the NACA 0009 baseline hydrofoil. Moreover, the multipoint optimized geometry

was able to satisfy the stress constraint up to the highest loading at CL = 0.75, while the

NACA 0009 baseline violates the stress constraint for CL ≤ 0.3.

We also carried out a hydrodynamic-only multipoint optimization, similar to the results

presented in Chapter 4, to demonstrate the need for including structural flexibility and stress

constraints. The results show that the hydrodynamic-only optimized foil leads to a com-

pletely different geometry than that obtained with the hydrostructural optimized hydrofoil,

and that the hydrodynamic-only optimized foil violates the stress constraints. Therefore, it

is necessary to carry out hydrostructural optimization to achieve a truly optimal, physically

realizable, and structurally sound design.
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Through the various optimization cases, we showed that the proposed hydrostructural

design optimization can consider a variety of objectives and constraints while optimizing

with respect to a large number of shape design variables (210) and over a range of expected

operating conditions. Other work based on this same approach applied to aircraft design

has shown that planform shape variables (such as sweep and span) and structural sizing

variables can also be considered [68]. Given the computational wall time for the multipoint

hydrostructural optimizations (around 50 h using 192 processors), it is possible to perform

such optimizations overnight using 1,000 processors. With such a short design cycle, the

proposed approach has the potential to revolutionize the design of the next generation of

advanced hydrofoils and marine propulsors.

99



CHAPTER 6

Experimental Testing of the Optimized

Aluminum Hydrofoil

As mentioned in the introduction (Chapter 1), there has been an increased interest in

the use of numerical optimization techniques for designing aerospace, maritime, and wing

engineering applications. However, validation of the numerically optimized results using

experimental measurements has been scarce [55, 82]. To trust the numerical optimization

results in the design and optimization process, it becomes necessary to validate the numer-

ical results with experimental measurements. In this chapter, the numerical predictions of

the hydrodynamic forces, deformations, and cavitation performance of numerically opti-

mized hydrofoil are presented and validated against the experimental measurements. The

results shown in this chapter correspond to the optimized multipoint hydrostructural hydro-

foil with constraints on lift coefficient, cavitation number, von Mises stress, and manufac-

turing tolerances, as presented in Chapter 5, Table 5.4. The design variables are shown in

Figure 5.4.

6.1 Experimental Setup and Techniques

The experimental facility, hydrofoil setup, and the experimental techniques, including

the tip bending deflection measurements, used in this chapter are discussed in Chapter 3.

Similar to the previous chapter, the type I aluminum NACA 0009 hydrofoil is used as
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baseline for study in this chapter. Similarly to the baseline hydrofoil, the optimized hydro-

foil was also made of aluminum and manufactured by DSTG, Australia, and tested in the

cavitation tunnel at AMC, Tasmania.

6.1.1 Optimized Hydrofoil Manufactured by DSTG

A picture of the optimized hydrofoil manufactured by DSTG is shown in Figure 6.1.

In line with the material used for the numerical optimization, the manufactured hydrofoil

is built of aluminum alloy (6061-T6) (properties are listed earlier in Table 5.1). The cam-

ber and thickness variations of the optimized hydrofoil are replicated in the manufactured

hydrofoil. However, even with the manufacturing constraints implemented in the optimiza-

tion problem (presented in Chapter 5, Table 5.4), the manufactured hydrofoil has some

discrepancies when compared to the numerically optimized hydrofoil. As depicted by the

red boxes in Figure 6.1, the manufactured optimized hydrofoil differs from the numerically

optimized hydrofoil due to small chips in two locations: one in the tip trailing edge, and

another near the mid-span.

These discrepancies emphasize the importance of including manufacturing tolerances

and uncertainty due to manufacturing in the optimization algorithm. In the present case, the

differences between the numerical hydrofoil and the manufactured one are not significant

enough to result in changes in hydroelastic performance of the hydrofoil, as shown in the

next section.
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Figure 6.1: The aluminum multipoint optimized hydrofoil used in experiments with dis-
crepancies from the numerically optimized hydrofoil, depicted in the red boxes.

6.1.2 Bending Deflection Measurements

We now use the high-speed images (as presented earlier in Section 3.5) to measure the

tip bending deflections for the optimized hydrofoil.

Figure 6.2 presents sample tip deflection for one of the cases, i.e. α = 3.03◦, Re = 1.0×

106, for the optimized aluminum hydrofoil. The red dot and red dashed lines correspond

to the undeformed shape; the green dot and green solid lines correspond to the deformed

shape under the hydrodynamic load. As mentioned earlier, the tip bending deflection is

considered positive in direction of the lift force. The tip twist deflections for the aluminum

hydrofoil were too small to measure with this setup.
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Al Optimized hydrofoil, Re = 1.0 × 106

Flow

Figure 6.2: The images are taken looking up from below the free tip of the hydrofoil
towards the cantilevered root. While red dots are the targets placed near the leading and
trailing edges of the tip faces (as outlined by the red dashed line) during the unloaded or
undeformed configuration, green dots are the target position on the loaded or deformed
geometry (as outlined by the green solid line).

6.2 Results

6.2.1 Comparison of Hydrodynamic Coefficients

In this section, the validation of the numerically predicted (MACH framework) hy-

drodynamic coefficients, i.e., lift coefficient, drag coefficient, moment coefficient and the

tip bending deformations will be compared against the experimental measurements. Fig-

ures 6.3, 6.4, and 6.5 compare the numerical predictions and the experimental measure-

ments for CL, CD, and CM, respectively at various angles of attack. The open square

symbols and circle symbols represent the experimental measurements and the lines are

the numerical predictions. While the red square symbols and red solid lines represent the

optimized hydrofoil, the blue circle symbols and blue dashed lines represent the baseline

hydrofoil. Since the absolute values of CL and CD are critical for the validation studies,

the numerical predictions shown in this section are carried out with the finer CFD and

structural mesh of 4,124,600 cells and 179, 200 elements, respectively, using the design

variables from the multipoint hydrostructural optimized hydrofoil with CFD and struc-

tural mesh of 515,200 cells and 44,800 elements, respectively. Good agreement between

the numerical predictions and the experimental measurements is observed: the maximum,
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minimum, and the mean errors in CL for the optimized hydrofoil are 6.12%, 0.33%, and

2.96%, respectively. The maximum, minimum, and the mean errors in CD are 10.44%,

0.30%, and 5.10%, respectively. The maximum, minimum, and the mean errors in CM are

9.72%, 0.35%, and 3.0%, respectively. Figure 6.6 compares the drag polar for the baseline

NACA 0009 hydrofoil and the optimized hydrofoil. The results show that for a given CL,

the optimized hydrofoil has smaller CD than the NACA 0009 baseline hydrofoil over the

entire range of operating conditions.

Similarly to previous results, the predicted and measured tip bending deflection is non-

dimensionalized with respect to the midspan semi chord (δtip/b), where b = 45 mm, and are

shown in Figure 6.7. The mean difference in the tip deflections is 3.45%. As mentioned

earlier, the tip twists are not compared, since the twist for the aluminum hydrofoil was too

small to measure.

Figure 6.8 compares the predicted and measured lift-to-drag values for the baseline and

the optimized hydrofoil. Both numerical predictions and experimental measurements show

that the optimized hydrofoil performs better than the baseline hydrofoil over the entire

range of operating conditions. The overall increase in the lift-to-drag ratio is 29%, as per

Eq. (4.4). Note that the numerically predicted increase in the lift-to-drag ratio is higher

than the one presented in Chapter 5. This increase is due to the difference in the predicted

CD values with the CFD used for the optimization compared to the CFD mesh used for

the analysis. The convergence of the CD value with the number of CFD cells is consistent

with the behavior shown in Chapters 4 and 5. Figure 6.8 shows good agreement between

the numerical predictions and experimental measurements for both the baseline and the

optimized hydrofoil.

6.2.2 Cavitation Performance Comparison

In this section, we compare the cavitating performance of the optimized hydrofoil

against the experimental measurements and observations. Ideally, cavitation performance
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Figure 6.3: Predicted and measured values of the mean CL for the baseline hydrofoil and
the optimized hydrofoil. The maximum, minimum, and the mean errors in CL for the
optimized hydrofoil are 6.12%, 0.33%, and 2.96%, respectively.
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Figure 6.4: Predicted and measured values of the mean CD for the baseline hydrofoil and
the optimized hydrofoil. The maximum, minimum, and the mean errors in CD are 10.44%,
0.30%, and 5.10%, respectively.
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Figure 6.5: Predicted and measured values of the mean CM for the baseline hydrofoil and
the optimized hydrofoil. The maximum, minimum, and the mean errors in CM are 9.72%,
0.35%, and 3.0%, respectively.
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Figure 6.6: Predicted and measured drag polar for the baseline NACA 0009 hydrofoil and
the multipoint optimized hydrofoil.
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Figure 6.7: Predicted and measured values of the mean δtip for the baseline NACA 0009
hydrofoil and the multipoint optimized hydrofoil. The mean difference in the tip deflections
is 3.45%.
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Figure 6.8: Predicted and measured values of the mean lift-to-drag ratio (CL/CD) for the
baseline NACA 0009 hydrofoil and the optimized hydrofoil. The overall increase in lift-
to-drag ratio of 29%, as defined using Eq. (4.4), was achieved.
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should be compared at the sameσ value, the same CL value, and at the same Re of 1.0×106.

However, due to the limited preliminary cavitation experimental runs, only qualitative study

of the cavitation performance is presented in this section. Further cavitation testing is re-

quired to do a proper quantitative analysis of cavitation performance. Similarly to the

results presented earlier in this chapter, the results presented in this section are for type

I hydrofoils. Figures 6.10 and 6.11 show the optimized hydrofoil and the baseline stain-

less steel hydrofoil at Re = 0.8× 106, CL ≈ 0.5, and σ ≈ 1.0 and σ ≈ 0.8, respectively.

The use of baseline stainless steel hydrofoil at Re = 0.8× 106 instead of the aluminum

hydrofoil at Re = 1.0× 106 should not impact the results significantly, as both stainless

steel and aluminum hydrofoil are rigid in nature, and both exhibit negligible twist defor-

mation (as shown in Figure 6.9). For cavitating results, Re = 0.8×106 was used instead of

Re = 1.0×106, since the geometric incidence angle of 6o at Re = 1.0×106 approaches the

experimental load limit of 1 kN for the baseline hydrofoil. Figure 6.10 shows that while

the baseline hydrofoil will experience cavitation at σ = 1.0 and CL = 0.52, the optimized

hydrofoil does not experience cavitation even at σ = 0.95 and CL = 0.49. Figure 6.10 con-

firms that the baseline hydrofoil will start cavitating earlier than the optimized hydrofoil.

Figure 6.11 compares the extent of cavitation for the optimized hydrofoil and the baseline

hydrofoil at σ of 0.75 and 0.8, respectively. Results show greater cavitation extent for the

baseline stainless steel hydrofoil as compared to the optimized hydrofoil.
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Figure 6.9: Comparison of the measured values of the mean CL, CD, and CM for the stain-
less steel and aluminum baseline hydrofoil at Re = 0.8×106 and Re = 1.0×106. Note the
similar performance for all the four cases.

In addition to noticing the cavitation from the images, the cavitation performance can

also be quantified using the lift calculation. In Figure 6.12, the maximum, mean, and mini-

mum values of the CL/CLwet values are plotted against σ at α = 6◦ for the baseline stainless

steel hydrofoil and the optimized aluminum hydrofoil. CLwet is the mean lift coefficient for

the fully-wetted condition, i.e., no cavitation. CL/CLwet is plotted to remove differences in

CL. Note that for a given α, CL should be constant with negligible fluctuations in the fully

wetted regime, i.e., higher σ values. As shown in the previous literature [54], the mean CL

increases marginally with the onset of cavitation and then eventually reduces significantly

with the further reduction in σ. The increase of difference in maximum and minimum

mean values highlight the onset of cavitation. Figure 6.12 show that for similar CL/CLwet

values, fluctuations of the hydrodynamic loads for the baseline hydrofoil starts at σ = 1.0,

which is a good indication of cavitation development, while fluctuations is not observed

for the optimized hydrofoil until σ = 0.75. To examine the exact cavitation onset σ value

for the baseline and optimized hydrofoils, more experiments at finer σ data points and CL
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Figure 6.10: Left: optimized hydrofoil; α = 3.03o; σ = 0.95; CL = 0.49. Right: baseline
NACA 0009 hydrofoil; α = 6.0o; σ = 1.0; CL = 0.52. Re = 0.8× 106. While the baseline
hydrofoil shows cavitation, no cavitation is observed for the optimized hydrofoil at similar
σ and CL values.

110



Figure 6.11: Left: optimized hydrofoil; α = 3.03o; σ = 0.75; CL = 0.49. Right: baseline
NACA 0009 hydrofoil; α = 6.0o; σ = 0.8; CL = 0.52. Re = 0.8×106. For a similar σ and
CL value, there is much less cavitation in the optimized hydrofoil compared to the baseline
one.
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Figure 6.12: Comparison of maximum, minimum, and mean values of CL/CLwet as a func-
tion of the cavitation number (σ) for the baseline stainless steel hydrofoil (blue) and the
optimized hydrofoil (red). Note that the for a similar CL/CLwet, load fluctuations due to
cavitation inception occurs earlier for the baseline hydrofoil compared to the optimized
hydrofoil.

values need to be carried out in future. With the results presented so far, it can be deduced

that the optimized hydrofoil shows delayed cavitation inception compared to the baseline

hydrofoil; however, to quantify the exact improvement, more cavitation experiments are

needed.

6.3 Conclusions

In this chapter, the numerically optimized aluminum hydrofoil (multipoint hydrostruc-

tural) presented in Chapter 5 is manufactured and tested experimentally. Similarly to previ-

ous validation studies, the experimental measurements were conducted in the variable pres-

sure tunnel at the Australian Maritime College. The numerically predicted hydrodynamic

coefficients (CL, CD, and CM) and the tip bending deflection (δtip) are validated against the
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experimental measurements. For the optimized hydrofoil, the average difference between

the predicted and measured values for mean CL, CD, and CM is 2.96%, 5.10%, and 3.0%,

respectively. The average difference in the tip bending deflections is 3.45%. Results also

confirm the improvement in the lift-to-drag ratio from numerical optimization across the

full range of CL. The measured overall increase in the lift-to-drag ratio compared to the

NACA 0009 baseline hydrofoil is 29%.

The cavitation performance of the optimized hydrofoil is also investigated experimen-

tally. While the experimental cavitation results are mostly qualitative, this study shows

significantly delayed cavitation for the optimized hydrofoil compared to the baseline hy-

drofoil. For a more quantitative study of cavitating performance, more experimental runs

are needed. The results shown in this chapter confirms the improvement in the hydroelastic

and cavitation performance of the optimized aluminum hydrofoil experimentally.
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CHAPTER 7

Bend-Twist Coupling Effects in

Composite Hydrofoils

In the previous chapters, a design optimization tool is used to carry out high-fidelity

hydrostructural optimization of a homogeneous and isotropic (i.e., aluminum) hydrofoil.

The performance improvement of the optimized aluminum hydrofoil was also validated

with experimental measurements. With recent advances in the material technology and

high quality manufacturing methods, composite materials are now being commonly used

in the aerospace and wind engineering applications, with limited use in marine engineering.

Thus, the obvious next step is to develop a high-fidelity hydrostructural design optimization

tool to carry out optimization of a composite hydrofoil. While for an isotropic hydrofoil,

the performance improvement can only be achieved by changing its geometric shape, for

the composite material, performance improvement can be achieved both by changing its

material configurations as well as the geometric shape.

Before carrying out the composite hydrofoil optimization, it is crucial to understand the

inherent load-dependent bend-twist coupling response of anisotropic composite hydrofoils.

Previous work on the material-based load-dependent bend-twist coupling is described ear-

lier in Section 1.3. In the current chapter, the load-dependent bend-twist coupling effects

on the steady-state hydroelastic response and stability boundary of composite hydrofoils

is investigated via combined experimental and numerical studies. In addition to the hy-

droelastic response, the impact of load-dependent bend-twist coupling on the vibration
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response and cavity dynamics of composite hydrofoils will be presented for a range of cav-

itating conditions. The focus is on the understanding the underlying influence of material

bend-twist coupling on the load-dependent deformation response, stall boundary, modal

characteristics, static divergence, and cavity dynamics.

The hydrofoil construction, and experimental measurement and testing are carried out

by DSTG, Australia, and AMC, Tasmania, respectively. The work in this chapter is pre-

sented in the papers co-authored by the author [122, 146].

7.1 Experimental Setup and Techniques

The experimental facility, hydrofoil setup, and experimental techniques, including the

tip bending and twist deflection measurements are discussed in Chapter 3. Unlike previous

chapters, the type II hydrofoils are used for study in this chapter. As explained in Chapter 3,

the type II hydrofoils differ from the type I hydrofoils in the trailing edge thickness and

effective structural span of 316 mm (instead of 320 mm for type I hydrofoils). In this

chapter, results are shown for Re = Uc/ν f ranging from 0.25× 106 to 1.2× 106, where

U is the free stream velocity, and ν f is the kinematic viscosity of the water. The results

are presented for three composite and a stainless steel type II hydrofoils. The stainless

steel hydrofoil serves as the rigid baseline. To examine the influence of material bend-twist

coupling effects, the three composite hydrofoils have different orientations for the structural

unidirectional carbon fiber reinforced polymers (CFRP) layers: 0o, +30o, and −30o relative

to the spanwise axis of the hydrofoil.

In this section, we discuss composite hydrofoil construction along with the material

properties.

115



7.1.1 Composite Hydrofoil Construction

The composite hydrofoils are manufactured by DSTG, Australia and are tested in the

cavitation tunnel at AMC. The details of the construction can be found in [124, 125, 146,

155]. The details of the hydrofoil construction are presented here for the sake of complete-

ness. As stated by Young et al. [146], the three composite hydrofoils were manufactured

using a closed mold resin transfer molding (RTM) process. The hydrofoils are made with

layers of T700 unidirectional carbon fiber (Carbon-UD), non-crimp biaxial E-glass fab-

rics (Glass-(0/90)), E-glass fabric (Glass-Basket), and glass mat fabric (Glass-Mat). The

properties of each layer are listed in Table 7.1. While Carbon-UD and Glass-(0/90) are

the structural components of the hydrofoil, the glass-basket is the outermost ply to provide

improved surface finish, protect the structural layers from handling damage, and account

for any unwanted galvanic effects. The glass mat fabric is used in the hydrofoil center.

Young et al. [146] explains the coupon tests performed to determine the in-plane longi-

tudinal and transverse tensile modulus (E11 and E22), shear modulus (G12) and Poisson’s

ratio (ν12) of the constituent materials. The in-plane material properties of the materials

used in the composite hydrofoils are listed in Table 7.2, along with the stainless steel prop-

erties for comparison.

Figure 7.1 from Young et al. [146] depicts the cross-section of the hydrofoil root, mid-

span, and the tip regions, with the exploded view to show the arrangement of layers. Fig-

ure 7.1b) show the orientation of the CFRP layers in the composite hydrofoils. The details

of the stacking sequence can be found in [124, 146]. Figure 7.2 shows the three composite

hydrofoils and the stainless hydrofoil used in the experiments, where the four holes are for

the bolts used to clamp the hydrofoil between the profiled plates (presented in Figure 3.3)

to achieve a fixed root boundary condition. Note that it is difficult to see the structural

unidirectional carbon layer fiber angle in the picture, as it is only visible to the naked eye

when viewed at a particular angle. The last 10% of the chord of the composite hydrofoil

only contains glass layers (as evident by the transparent appearance), i.e., no carbon layers.
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Figure 7.1: (a) Cross sections of the layered glass fiber (GFRP) and carbon fiber (CFRP)
reinforced polymer hydrofoils at (i) the root, (ii) the mid span and (iii) the tip. The insert
shows a close up of the cross section at the thickest part of the hydrofoil at the root. (b)
Orientation of the CFRP layers in the three composite hydrofoils. The figure is originally
presented in [146].

Table 7.1: Properties of the fabric layers used to manufacture the composite hydrofoils.

Carbon-UD Glass-(0/90) Glass- Glass-Mat
Basket

Material 12k T-700 E-Glass E-Glass E-Glass/polyolefin
non-crimp non-crimp basket continuous filament
unidirectional biaxial weave glass skins/
(0◦) (0◦/90◦) polyolefin scaffold core

Fabric weight (g/m2) 300 600 130 780
Cured ply thickness (mm) 0.26 0.58 0.15 2.4
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Table 7.2: In-plane material properties of the composite materials used in the construction
of the composite hydrofoils. The corresponding values for the stainless steel hydrofoil are
shown at the bottom of the table as a reference.

Material ρs (g/cm3) E11 (GPa) E22 (GPa) ν12 G12 (GPa)
Carbon-UD 1.59 117.8 13.4 0.25 3.9
Glass-(0/90) 1.75 15.1 19.3 0.03 4.2
Glass-Basket 1.66 15.3 12.8 0.13 3.0
Glass-Mat 1.37 6.8 5.0 0.30 2.5
Epoxy resin 1.20 3.3 3.3 0.30 N/A
Stainless steel 7.90 193.0 193.0 0.25 77.0

Figure 7.2: The three type II composite hydrofoils and the type II stainless steel hydrofoil
used in experiments.

7.1.2 Bend and Twist Deflection Measurements

Similarly to the previous chapter, we use the high-speed images (as presented earlier in

Section 3.5) to measure the tip bending and twist deformation for the composite hydrofoils.

Figure 7.3 presents sample tip deflections for one of the cases, i.e. α = 5◦, Re = 1.0×

106, for the CFRP +30 and CFRP -30 hydrofoils. The red open dot and red dashed lines

correspond to the undeformed shape; the green filled dot and green solid lines correspond to
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the deformed shape under the hydrodynamic load. As mentioned earlier, the tip deflection

is considered positive in direction of the lift force, and the twist is considered positive nose-

up, which leads to an increase in the effective angle of attack. As shown in Figure 7.3, both

hydrofoils experienced spanwise bending deformation towards the suction side. While the

CFRP +30 hydrofoil experience a decrease in effective angle of attack due to the negative

or nose-down twist, the CFRP -30 hydrofoil experience an increase in effective angle of

attack due to the positive or nose-up twist. The disparity in the twisting deformation is

purely due to the differences in material bend-twist coupling caused by the orientation of

the structural CFRP layers, which in turn results in differences in the hydrodynamic load

coefficients, stall angle, and static divergence speed limit, as will be shown in Section 7.4.
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CFRP +30, α = 5o, Re = 1.0 × 106

Flow

(a) CFRP +30 hydrofoil. δtip = 13.5 mm, θtip = −1.04◦.

CFRP −30, α = 5o, Re = 1.0 × 106

Flow

(b) CFRP -30 hydrofoil. δtip = 32.8 mm, θtip = 5.1◦.

Figure 7.3: The images are taken looking up from below the free tip of the hydrofoil to-
wards the cantilevered root. The red open dots are the targets placed near the leading
and trailing edges of the tip faces (as outline by the red dashed line) during the unloaded
or undeformed configuration. The green filled dots are the target position on the loaded
or deformed geometry (as outlined by the green solid line). Both hydrofoils experienced
spanwise bending deformation, with negligible chordwise deformation. While the CFRP
+30 hydrofoil experienced negative twist (leading edge deformation less than the trailing
edge), the CFRP -30 hydrofoil experienced positive twist, resulting in differences in effec-
tive angle of attack and hydrodynamic load coefficients for the two hydrofoils at the same
flow conditions of α = 5◦ and Re = 1.0×106.

7.2 Modal Characteristics

The experimental modal frequencies and shapes presented in this chapter are obtained

by DSTG, using the AMC cavitation tunnel. The detailed experimental procedure is ex-

plained in Young et al. [146] and are briefed here for the sake of completeness. The ex-

perimental modal analysis was carried out using the step relaxation forcing method in air.

In step relaxation forcing method, the tip of the hydrofoil is loaded via a quick release
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Mode 2 [Hz]

482 591

Mode 3 [Hz]

Figure 7.4: Measured mode shape estimates for the CFRP 00 hydrofoil and CFRP +30
hydrofoil in air. The experimental modal shapes are obtained by collaborators at DSTG.

hook in the drained cavitation tunnel at AMC. The cavitation tunnel was drained to get the

modal frequencies in air. The displacement of the hydrofoils is measured using the Digital

Image Correlation (DIC) method [31], the mode shapes and frequencies are computed us-

ing Frequency Domain Decomposition (FDD) technique [18]. Due to the time limitations,

only CFRP 00 and CFRP +30 hydrofoils are tested using the DIC technique. The modal

frequencies of the CFRP-30 are computed using the hammer excitation and FFT analysis

of a lightweight accelerometer attached at the trailing edge at the tip of the hydrofoil. The

measured mode shapes for the CFRP 00 and CFRP +30 hydrofoils and the measured fre-

quencies for the first three modes of the three composite hydrofoils in air are presented in

Figure 7.4 and Table 7.3, respectively.

To complement the experimental measurements, numerical predictions of the in-air

modal response are obtained using the commercial FEA solver, Abaqus [2]. The FEA

mesh used for the three composite hydrofoils is presented in Figure 7.5. The mesh has 12

elements through the thickness for a total of 307,944 linear hexahedral elements (C3D8)

for the entire model. As explained earlier, the structural span of the cantilevered hydrofoil

is 316 mm. A fixed boundary condition is implemented at the clamped root portion as
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shown in Figure 7.5. The predicted mode shapes for the first three in-air modes for the

three composite hydrofoils are shown in Figure 7.6, and comparisons of the predicted and

measured natural frequencies are shown in Table 7.3. The maximum difference between

the predicted and measured modal frequencies is 7.98%.

As shown in Table 7.2, the density of the stainless steel hydrofoil is almost five times

that of composites, and the E11 for the dominant Carbon-UD layer in composites is more

than half the value of the stainless steel. Thus, the first in-air modal frequency of the CFRP

00 hydrofoil is higher than the stainless steel hydrofoil, as shown in Table 7.3. As expected,

the first modal frequency of the CFRP +30 and CFRP -30 hydrofoils are similar, and are

lower than the CFRP 00 hydrofoil because of the lower bending stiffness caused by the

orientation of the structural Carbon-UD layers away from the spanwise axis. The second

modal frequencies are similar for the stainless steel and the CFRP 00 hydrofoil, with lower

values for the CFRP +30 and CFRP -30 hydrofoils. Due to the higher twisting stiffness

of the CFRP +30 and CFRP -30 hydrofoils, the third mode frequencies for CFRP +30 and

CFRP -30 hydrofoil are higher than the CFRP 00 hydrofoil.

As mentioned in Young et al. [147], the first mode shape is often a good indicator of the

deformation response. Figures 7.4 and 7.6 show that the CFRP 00 hydrofoil experiences

mostly bending for the first mode, with a small degree of twist because of the fore-aft

asymmetry of the modified NACA 0009 cross section. On the other hand, the CFRP +30

and CFRP -30 hydrofoils experienced combined bending and twisting for the first mode,

which is evident by the deformation contours at the tip. As shown in Figure 7.6, the CFRP

+30 and CFRP -30 hydrofoils exhibit opposite twist directions, which is a result of the

opposite signs of the material bend-twist coupling caused by the +30◦ and −30◦ orientation

of the structural CFRP layers. Similarly, while the second mode of the CFRP 00 hydrofoil is

primarily twisting, the second mode of the CFRP +30 and CFRP -30 hydrofoils is primarily

second bending mode with some twisting. Again, the CFRP +30 and CFRP -30 hydrofoils

show opposite twist directions for the second mode. The third mode of the CFRP 00
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87

60 mm
Free Tip

TE

LE

Fixed B.C.
(Root)

120 mm

Figure 7.5: Perspective view (top) and through thickness view at the hydrofoil root (bot-
tom) of the FEA mesh used for the eigenvalue analysis for all three composite hydrofoils.

hydrofoil is primarily second bending mode with some twisting, and the CFRP +30 and

CFRP -30 hydrofoils is primarily twisting.

Note that the mode shapes and modal frequencies presented in Figures 7.4 and 7.6,

and Table 7.3, correspond to in-air conditions. Previous literature show that due to the

added mass effects, in-air frequencies are much higher than the in-water natural frequen-

cies [26, 75, 108, 124, 146, 147]. Compared to the stainless steel hydrofoil, added mass

effect is more apparent in composite hydrofoils due to the lower solid-to-fluid density ratio

of the composite hydrofoils. Additionally, the mode shapes and their order in-water may

be different from the mode shapes in-air. As noted in Phillips et al. [124], the in-water

frequencies are only 40% and 90% of their respective in-air frequencies, depending on

the mode and the fiber orientation of the composite hydrofoils. The experimental mea-

surements agree with the analytical trends predicted by Motley et al. [108] and Kramer
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CFRP 00 CFRP +30 CFRP -30
118 72 78

Mode 1 [Hz]

394 286 311

Mode 2 [Hz]

464 594 598

Mode 3 [Hz]

Figure 7.6: The first three predicted in-air mode shapes of the three composite hydrofoils
obtained using the FEA. The gray dotted mesh represents the undeformed hydrofoil and
the contours represent the deformed shape.

et al. [75]. Phillips et al. [124] also observed frequency coalescence for some modes for

in-water condition. Thus, the designer must consider the modal response in-water to avoid

modal coalescence [22, 75, 108, 124, 146, 147, 151].
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7.3 Steady-state 2-DOF FSI Model Formulation

To complement and help explain the experimental results, a simple FSI model is de-

veloped. The numerical model assumes that the hydrofoils undergo negligible chordwise

deformation, which is supported by experimental observations. The discrete generalized

equation of motion (EOM) for a 3-D rectangular, cantilevered hydrofoil can be written as,

MsẌ +CsẊ + KsX = Fex + Fh (7.1)

where Ms, Cs, and Ks are respectively the solid inertial, damping, and stiffness matrices.

Fex is the external excitation force vector, and Fh is the hydrodynamic fluid force vector,

i.e., lift and moment. In the present work, only the steady-state solution with no external

excitation is considered. Thus, Ẍ, Ẋ, and Fex are neglected.

By considering the spanwise bending and twisting deformations only, and integrating

the mode shapes along the span, the steady-state EOM can be simplified to a two degree-

of-freedom (DOF) system for the tip bending, δtip, and tip twisting, θtip, deformations at

the elastic axis (EA). θtip is defined positive in the clockwise (nose-up) direction. The

simplified 2-DOF can be written as,

K
s
hh K s

hθ

K s
hθ K s

θθ


δtip

θtip

 =

 L

M

 (7.2)

where K s
hh, K s

θθ, and K s
hθ are the effective structural bending, twisting, and coupled bend-

twist stiffness values, respectively. αBT = K s
hθ/

√
K s

hhK s
θθ is the solid bend-twist coupling

ratio, and it has a value between -1 and 1 (as mentioned in [87]). αBT is indicative of the

effective anisotropy of the hydrofoil. αBT = 0, i.e. no material bend-twist coupling, for

isotropic hydrofoils. As noted in Section 7.4, αBT > 0 will lead to nose-down twist, while

αBT < 0 will lead to nose-up twist, when the hydrodynamic lift causes the hydrofoil to bend

towards the suction side. L and M are the 3-D lift force and twisting moment at the EA,
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respectively, and M is defined positive in the nose-up direction.

Figure 7.7 shows the equivalent 2-DOF model for the free tip section of a cantilevered

hydrofoil with spanwise bending and twisting degrees of freedom. L is the resultant hy-

drodynamic lift acting on the hydrofoil at the Center of Pressure (CP), which is at distance

ec = 2eb from the EA. b = c/2 is the mean semi-chord.

X

Y

U
b

b
2eb

L

CP

Khh

K
EA

c

~

α + θ

θθ

θ
EA

EA

tipδ
tip

Figure 7.7: An equivalent 2-DOF mechanical model representing the free tip section of a
cantilevered hydrofoil with spanwise bending and twisting degrees of freedom. The figure
is edited from original figure presented in [6]. Note that the elastic axis (EA) and mid
chord is at 0.45c and 0.5c, respectively, from the hydrofoil leading edge, where c is the
mean chord.

To compute the tip bending and twisting deformation, Eq. (7.2) is solved for δtip and

θtip:

δtip =
L

K s
hh(1−α2

BT )
+

Mα2
BT

K s
hθ(α

2
BT −1)

(7.3)

θtip =
Lα2

BT

K s
hθ(α

2
BT −1)

+
M

K s
θθ(1−α

2
BT )

(7.4)

For αBT = 0, Eqs. (7.3) and (7.4) reduce to δtip = L/K s
hh and θtip = M/K s

θθ.

It is very challenging to construct small-scale composite hydrofoils. There may be

slight differences between the designed and as-built material layup and drop-off location,

which may lead to differences in the material and sectional properties. Hence, the experi-

mental data was used to determine the effective stiffness values, i.e., K s
hh, K s

θθ, and K s
hθ (or
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αBT ). Since the total hydrodynamic loads (L and M) are known via force balance measure-

ments, and δtip and θtip are known via the tip deflection measurements, K s
hh, K s

θθ, and αBT

can be determined using the slope and the intercept of the load versus deformation equa-

tions, as evident via Eqs. (7.3) and (7.4). An example of tip twist deflection versus moment

curve for the CFRP -30 hydrofoil, along with the corresponding slope and intercept, is pre-

sented in Figure 7.8. Similarly, using slope and intercept from the tip bending deflection

versus lift curve, we can calculate the stiffnesses and the bend-twist coupling coefficient.
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Fitted line

Figure 7.8: Measured tip twist deflection (in ◦) versus the measured moment (in Nm) for
the CFRP -30 hydrofoil for all the measured Re values in the linear range.

The 3-D lift and moment on the right-hand-side of Eq. (7.2) can be obtained using

classic relations between the steady-state lift and moment coefficients, CL and CM, and the

effective angle of attack, αeff =
2
π
θtip +α:

CL =
L

ρ f U2bS
= ao

(
2
π
θtip +α

)
(7.5)

CM =
M

2ρ f U2b2S
= aoe

(
2
π
θtip +α

)
(7.6)
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where α is the initial or undeformed geometric angle of attack, θtip is the tip twist deflection.

ao = ∂CL/∂αeff is the slope of the lift curve, and αeff = α+ 2θtip/π is the effective angle of

attack. The 2/π factor for the tip twist deflection is obtained by integrating the analytical

twisting mode shape for a rectangular hydrofoil, g(z̄) = sin(πz̄/2), over the span, where

z̄ = z/S is the non-dimensional spanwise coordinate. Note that the taper of the hydrofoil

was not considered in this simplified 2-DOF FSI model. e is the distance from EA to

the CP non-dimensionalized by the mean chord c, as shown in Figure 7.7. Note that the

NACA 0009 cross-section has zero camber, and hence the zero lift angle of attack is zero.

If there is no material bend-twist coupling, i.e., αBT = 0; substitution of Eq. (7.6) into

Eq. (7.4), and Eq. (7.5) into Eq. (7.3), yields:

θtip,0 =
4eaoqb2Sα

K s
θθ −

8
πeaoqb2S

=
qαπ2

qD,0−q
(7.7)

δ∗tip,0 =
δtip,0

b
=

2aoqSα
K s

hh

 K s
θθ

K s
θθ −

8
πeaoqb2S

 =
2aoqS

K s
hh

(
2
π
θtip +α

)
(7.8)

where q = 0.5ρ f U2 is the fluid dynamic pressure. qD,0 is the fluid dynamic pressure at the

static divergence speed UD,0 without bend-twist coupling:

qD,0 =
1
2
ρ f U2

D,0 =
K s
θθ

8
πeaob2S

(7.9)

The subscript “0” used in Eqs. (7.7) to (7.9) corresponds to the αBT = 0 case.

As evident in Eq. (7.7), at the critical static divergence speed, U = UD,0, the fluid dis-

turbing moment is equal to the solid restoring moment, i.e., the effective total torsional

stiffness becomes zero, and the twist deformation goes to infinity.

If there is material bend-twist coupling, i.e. αBT 6= 0, the non-dimensional tip deforma-
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tions can be written as follows:

θtip =

qαπ2

(
1− αBT

2eb

√
K s
θθ

K s
hh

)
qD,0(1−α2

BT )−q
(
1− αBT

2eb

√
K s
θθ

K s
hh

) =
qαπ2

qD−q
(7.10)

δ∗tip =
δtip

b
=

2aoqS
K s

hh

(
1−2ebαBT

√
K s

hh
K s
θθ
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where qD is the fluid dynamic pressure at the static divergence speed UD with bend-twist

coupling:

qD =
1
2
ρ f U2

D = qD,0
1−α2

BT(
1− αBT

2eb

√
K s
θθ

K s
hh

) (7.12)

Eqs. (7.7) to (7.12) show the influence of the effective stiffness and material bend-

twist coupling coefficient, αBT , on the hydroelastic response and stability. Specifically,

Eqs. (7.10) and (7.12) show that tip twist increases for αBT < 0 with increasing q (or Re),

resulting in an increase in lift and moment, and reduction in static divergence speed.

7.4 Results

The results are presented in the following order: experimental measurements of the

hydrodynamic forces and deformations, steady state 2-DOF FSI model predictions and

comparison with measured values, study of the susceptibility to static divergence, and pre-

liminary cavitation performance. The forces and moments presented in this chapter are

defined in a body-fixed coordinate system. The origin of the coordinate system lies at the

hydrofoil elastic axis at the root of the hydrofoil, where the foil intersects with the top tunnel

boundary. The lift and drag forces, and pitch moments, are presented as dimensionless co-

efficients: lift coefficient
(
CL = L/(0.5ρ f U2sc)

)
, drag coefficient

(
CD = D/(0.5ρ f U2sc)

)
,

130



and moment coefficient
(
CM = M/(0.5ρ f U2sc2)

)
, respectively. The moment coefficient,

CM, is defined about the EA and is positive in the nose-up direction.

7.4.1 Experimental Measurements

7.4.1.1 Hydrodynamic Load Coefficients

As explained in Chapter 3, the hydrodynamic forces and moments acting on the hy-

drofoil are measured using a six component force balance and the bending and twist de-

formations are measured using the technique presented in Section 3.5. As only the still

images were captured, only steady-state deformations corresponding to the pre-stall region

are presented in this chapter. As mentioned earlier, the maximum allowable lift force is

restricted to 1kN for all hydrofoils, thus limiting the data for higher Re, i.e., higher flow

speeds.

The mean lift, drag, and moment coefficients, as well as non-dimensional tip bending

(δ∗tip = δtip/b) for the stainless steel hydrofoil is presented in Figure 7.9. The stainless steel

hydrofoil is presented as a rigid reference in this chapter. The rigid behavior of the stainless

steel hydrofoil is confirmed by the higher natural frequencies (presented in Table 7.3), and

the maximum measured non-dimensional tip bending deflection (shown in the bottom most

plot of Figure 7.9) is 0.1. Additionally, the tip twist for the stainless steel hydrofoil was

much lower than the measurement uncertainty of 0.45◦. As expected of rigid hydrofoils in

the turbulent flow, the stainless steel hydrofoil experiences delayed stall with increasing Re.

The drag coefficient decrease with increasing Re due to the reduction in friction-induced

(viscous) drag. When comparing with the composite hydrofoil results, only the stainless

steel hydrofoil results at Re = 0.6×106 are presented to keep the plots clean.

Similarly to Figure 7.9, the Figures 7.10 to 7.12 presents the mean lift, drag, moment

coefficients, and non-dimensional tip bending (δtip/b) and twist (θtip) of the three composite

hydrofoils (i.e., CFRP 00, CFRP +30, and CFRP -30) as a function of the angle of attack

(α) over a range of Reynolds numbers. As explained earlier, all the three composite hydro-
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foils have the same unloaded geometry, thus, the only difference being the orientation of

structural CFRP layers, causing the composite hydrofoils to have different material-based

bend-twist coupling.

The results for the CFRP 00 hydrofoil, i.e., the hydrofoil with zero bend-twist coupling,

is presented in Figure 7.10. As expected, the CFRP 00 results are very similar to those

for the stainless steel hydrofoil. The hydrodynamic load results in the hydrofoil bending

towards the suction side, as shown in the fourth plot in Figure 7.10. A slight increase in

the slope of the lift curve with increasing Re can be observed for the CFRP 00 hydrofoil.

The slight increase in the slope is due to the twist in the nose-up direction (as shown in the

bottom-most plot of Figure 7.10), resulting in an increase in effective angle of attack. Note

that the positive twist is due to the hydrodynamic bend-twist coupling (and not the material

bend-twist coupling), as the center of pressure (CP) is upstream of the elastic axis (EA). As

seen from the Figure 7.10, the flow-induced twist increases with increasing load, and hence

higher CL for higher Re. The higher CL results in higher lift-induced drag, which offsets the

reduction in friction drag due to increasing Re. Note that the CD for the CFRP 00 hydrofoil

is even less Re dependent than the stainless steel hydrofoil. The CFRP 00 hydrofoil is the

stiffest of the three composite hydrofoils, as shown in the natural frequencies presented in

Table 7.3, resulting in maximum normalized tip deflection of δtip/b≈ 0.3, and the maximum

twist of θtip ≈ 1◦.

The CFRP +30 with positive bend-twist coupling results in a reduction in lift and in-

crease in stall angle with increasing Re, as shown in Figure 7.11. The reduction in lift and

delayed stall is due to the negative or nose-down twist, resulting in a reduction in effective

angle of attack. The twist results indicate that the negative twist caused by the material

bend-twist coupling (αBT > 0) is much more significant than the positive twist from the

hydrodynamic bend-twist coupling. Note that the tip bending deformation and the nega-

tive twist increases with increasing Re. The results show that the maximum normalized tip

bending deflection is δtip/b ≈ 0.65 and the maximum negative twist is θtip ≈ −3◦. The lower
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CL also results in lower lift-induced drag, which complements the lower friction-induced

drag with higher Re, resulting in a significant reduction in CD with higher Re for the CFRP

+30 hydrofoil.

As opposed to CFRP +30 hydrofoil, CFRP -30 hydrofoil has αBT < 0, which results

in nose-up or positive twist. Thus, for CFRP -30 hydrofoil, both the material and hydro-

dynamic bend-twist coupling lead to positive twist and hence, the higher effective angle

of attack. The higher effective angle of attack results in an increase in CL and CM, and

decrease in the stall angle, with higher Re, as shown in Figure 7.12. Note that the CD also

increases with increasing Re, as the increase in lift-induced drag is higher than the reduc-

tion in friction-induced drag. The results show that the CFRP -30 hydrofoil exhibit the

most significant dependence on Re, along with the highest deformation, i.e., the maximum

δtip/b ≈ 0.7 and the maximum θ ≈ 5◦.
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Figure 7.9: Experimental measurements of the mean lift (CL), drag (CD), and pitch mo-
ment (CM) coefficients with angle of incidence for the type II stainless steel hydrofoil, for
several Re values. Note that there is practically no Re dependence on the lift and moment
coefficients until near stall, but the drag coefficient reduces with higher Re due to reduction
in friction-induced drag.
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Figure 7.10: Top to bottom: Experimental measurements of the mean lift (CL), drag (CD),
pitch moment (CM), non-dimensional tip bending deflection, and twisting deformations
with angle of incidence for the type II CFRP 00 hydrofoil, for several Re values. The CFRP
00 hydrofoil experiences a slight increase in lift and moment with increasing Re because
of the small nose-up twist caused by the center of pressure acting upstream of the EA.
There is no material induced bend-twist coupling because αBT ≈ 0. The drag coefficient is
practically independent of Re. The deformations are only reported for the flow conditions
with lift force below 1 kN.
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Figure 7.11: Type II CFRP +30 hydrofoil experiences a reduction in the mean lift and
moment coefficients, and increase in the stall angle, with increasing Re because of the
nose-down twist caused by the material-induced bend-twist coupling with αBT > 0. The
drag coefficient reduces with higher Re because of reduction in both the lift-induced drag
and the friction-induced drag.
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Figure 7.12: Type II CFRP -30 hydrofoil experiences an increase in the mean lift and
moment coefficients, and reduction in the stall angle, with increasing Re because of the
nose-up twist caused by the material-induced bend-twist coupling with αBT < 0. The drag
coefficient increases with higher Re because the increase in lift-induced drag is greater than
the reduction in friction-induced drag.

7.4.1.2 Efficiency and Lift Capacity

The designers for marine propulsors are more concerned with the effective lift-to-drag

ratio, CL/CD, or efficiency, rather than the individual CL and CD values. Hence, Fig-

ures 7.13 and 7.14 presents the lift-to-drag ratio, CL/CD, against the geometric angle of

attack and CL for all four hydrofoils at Re = 0.6×106 and Re = 1.0×106, respectively.

The variation of CL/CD against the α (presented in Figure 7.13) show different trends

for Re = 0.6×106 and Re = 1.0×106. The difference is due to influence of load-dependent

bend-twist coupling of composite hydrofoils on the drag coefficient and stall angle with

Re. The results show that while the stainless steel hydrofoil has highest overall efficiency
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for Re = 0.6×106, the CFRP 00 and CFRP -30 hydrofoils exhibit higher efficiency than the

stainless steel hydrofoil for α < 5◦ and α < 2.5◦, respectively, for Re = 1.0×106. Note that

the CFRP -30 hydrofoil experiences earliest lift-to-drag ratio drop for both the Re, due to

the accelerated stall.

In addition to variation of CL/CD with α, the variation of CL/CD with CL is presented

in Figure 7.14 for Re = 0.6×106 and Re = 1.0×106. Note the different trends as compared

to the plots against α, as the angle of attack required to achieve a given CL is different for

each hydrofoil. Generally, for a given CL, the stainless steel hydrofoil has the best overall

efficiency, except for a brief range of CL for both the Re when the composite hydrofoils are

more efficient.

In Figure 7.15, we plot the measured lift force L (in N) against the speed U (in m/s)

of the stainless steel hydrofoil at α = 2◦ as a reference. Figure 7.15 also compares the

difference in the required α for the CFRP +30 and CFRP -30 hydrofoils to achieve the

same L profile. Due to the inherent bend-twist coupling, while the CFRP +30 hydrofoil

requires higher α than the stainless steel hydrofoil, the CFRP -30 hydrofoil requires lower

α than the stainless steel hydrofoil to produce the same L. The results are consistent with the

differences in the required rotational speed (or advanced coefficient) to meet the same thrust

capacity as a function of U for adaptive marine propellers, as explained in [106, 107, 147].

7.4.1.3 Stall Angle and Post-stall Behavior

The material bend-twist coupling has a significant impact on the stall and post stall be-

havior, in addition to the hydrodynamic loads and efficiency. The hydrofoil stall leads to

significant flow separation on the suction side, reduction in mean lift and moment, increase

in mean drag, and increase in load fluctuations due to unsteady vortex shedding. In Fig-

ures 7.16 to 7.18, we present the ratio of the measured standard deviation of the unsteady

lift and moment coefficients, σCL and σCM , to their respective mean values, CL and CM,

for the three composite hydrofoils. Figures 7.16 to 7.18 also present the non-dimensional
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Figure 7.13: Comparison of difference in the mean lift-to-drag ratio as a function of geo-
metric angle of attack α for the three composite hydrofoils and the stainless steel hydrofoil
at Re = 0.6×106 and Re = 1.0×106.
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Figure 7.14: Comparison of difference in the mean lift-to-drag ratio as a function of lift
coefficient CL for the three composite hydrofoils and the stainless steel hydrofoil at Re =

0.6×106 and Re = 1.0×106.
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Figure 7.15: Comparison of difference in required incidence angle, α, for the CFRP +30
and CFRP -30 hydrofoils in order to achieve the same required dimensional lift L as a
function of the speed U for the stainless steel hydrofoil with α = 2◦. The results are based
on the measured performance of the hydrofoils.

distance between the CP and the EA, i.e., (XCP−XEA)/c or e, as defined in Eq. (7.6). The

results show that when stall develops, the standard deviation in the hydrodynamic load co-

efficients increases sharply due to unsteady load fluctuations, and the CP shifts towards

the mid-chord (i.e., closer to EA). Note that the fluctuations in the moment coefficients are

much more severe than the lift coefficients, since moment coefficient is dependent both on

the movement of CP and the changes in CL values. Hence, the critical stall angle in this

section is defined as the angle of attack beyond which the mean moment coefficient begins

to decrease. Table 7.4 presents the comparison of the moment stall angle of the four hy-

drofoils with different Re. Note that the maximum loading was limited to 1 kN for all the

foils, and hence the stall angle was not reached for the higher Re cases.

The results show only a slight increase in the stall angle for the stainless steel hydrofoil,

with increasing Re. As the composite hydrofoils have lower torsional stiffness compared to

the stainless steel hydrofoil, a more distinguished increase in the stall angle can be observed
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for the CFRP 00 hydrofoil compared to the stainless steel hydrofoil. As explained earlier,

positive αBT for CFRP +30 hydrofoil results in increasing negative twist, and negative αBT

for CFRP -30 hydrofoil results in increasing positive twist, with increasing α and Re. The

difference in the load-dependent twist for the CFRP +30 and CFRP -30 hydrofoils, results

in a dramatic increase and decrease in the moment stall angle for the CFRP +30 and CFRP

-30 hydrofoils with increasing Re, respectively. For Re = 0.8×106, there is a difference of

6◦ in the stall angle for the CFRP +30 and the CFRP -30 hydrofoils. Figure 7.19 clearly

demonstrate the difference in stall angle for the three composite hydrofoils at Re = 0.8×

106.
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Figure 7.16: Comparison of standard deviation of the instantaneous lift and moment co-
efficients, σCL and σCM , normalized by their respective mean values, CL and CM, and the
relative distance between the CP and the EA normalized by the mean chord, e, for the
CFRP 00 hydrofoil.
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Figure 7.17: Comparison of standard deviation of the instantaneous lift and moment co-
efficients, σCL and σCM , normalized by their respective mean values, CL and CM, and the
relative distance between the CP and the EA normalized by the mean chord, e, for the
CFRP +30 hydrofoil.

Table 7.4: Comparison of moment stall angle, αstall, for the stainless steel hydrofoil, and
the three composite hydrofoils, for different Re. The results show that while the nose-
down twist of the CFRP +30 hydrofoil leads to a significant increase in the stall angle with
increasing Re, the nose-up twist of the CFRP -30 hydrofoil leads to a slight decrease in the
stall angle with increasing Re.

Re Stainless steel (αstall) CFRP 00 (αstall) CFRP +30 (αstall) CFRP -30 (αstall)
0.4×106 10.0o 9.5o 10.5o 10.0o

0.6×106 10.5o 10.5o 12.0o 10.0o

0.8×106 N/A 11.5o 15.5o 9.5o
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Figure 7.18: Comparison of standard deviation of the instantaneous lift and moment coef-
ficients, σCL and σCM , normalized by their respective mean values, CL and CM, and e for
the CFRP -30 hydrofoil.
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Figure 7.19: Comparison of standard deviation of the instantaneous lift and moment coef-
ficients, σCL and σCM , normalized by their respective mean values, CL and CM, and e for
all the three composite hydrofoils at Re = 0.8×106.
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7.4.2 Steady-state 2-DOF FSI Model Predictions

The results presented in Section 7.4.1 emphasize the challenges with analysis and de-

sign of adaptive composite hydrofoils, due to the inherent material bend-twist coupling of

composite materials. In this section, validation of the steady-state 2-DOF FSI model pre-

sented in Section 7.3 will be carried out. The numerical model can be used to reduce the

number of experimental testing, and also facilitate rapid design and optimization.

As evident from Section 7.3, the 2-DOF model requires information of the hydrofoil

bending, twisting, and bend-twist coupled stiffness values. In this work, the effective stiff-

ness values are computed using the slope and intercept of the load deformation curves, i.e.,

measured lift versus tip bending deflection and moment versus the tip twist angle. The

effective stiffness values for the four hydrofoils are summarized in Table 7.5. Since the

2-DOF model only considers the linear elastic behavior, only the linear portion of lift and

moment are considered. Based on the material properties presented in Table 7.2, the stain-

less steel hydrofoil has the highest bending stiffness (K s
hh), followed by CFRP 00, CFRP

+30, and CFRP -30 hydrofoils. Note that the bending stiffness and the twisting stiffness

(K s
θθ) of the CFRP +30 and CFRP -30 hydrofoils are similar, and are approximately equal

to half of the value of the CFRP 00 hydrofoil. The twisting stiffness for the stainless steel

hydrofoil could not be computed with the current setup, since the twist of the stainless steel

hydrofoil was much less than 0.45◦, which is the uncertainty in the twist measurement. As

expected, the bend-twist coupling for the stainless steel and CFRP 00 hydrofoil is zero.

Since the CFRP +30 hydrofoil resulted in the negative (nose-down) twist with the positive

twisting moment, while the CFRP -30 hydrofoil resulted in the positive (nose-up) twist with

the positive twisting moment, the bend-twist coupled stiffness (K s
hθ) of the CFRP +30 and

CFRP -30 hydrofoils have opposite signs. Similarly, the bend-twist coupling coefficient,

αBT , of the CFRP +30 and CFRP -30 hydrofoils have opposite signs.

The accuracy of the effective stiffness are confirmed using the Figures 7.20 and 7.21. In

Figures 7.20 and 7.21, lift force (N) is plotted against δtip (mm), and the pitching moment
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(Nm) is plotted against θtip (o), for the three composite hydrofoils. The symbols represent

the experimental measurements at all the measured Re in the linear range, and the numerical

results are computed using Eqs. (7.3) and (7.4), respectively, and the stiffness values are

from the Table 7.5. The results clearly illustrate the accuracy of the stiffness values. The

minor discrepancies in the result is due to the error in measuring the tip bending and twist

deformations.

Table 7.5: Comparison of the effective stiffnesses and the corresponding bend-twist cou-
pling coefficient for the four hydrofoils based on the measured load and deformation re-
sponse. The twisting deformation of the stainless steel hydrofoil was too small to measure
using the current image processing technique.

Hydrofoil K s
hh (N/m) K s

θθ (Nm) K s
hθ (N) αBT

Stainless steel 208.52 ×103 N/A 0.00 0.00
CFRP 00 65.35 ×103 1051.00 0.00 0.00
CFRP +30 32.19 ×103 410.69 1398.78 0.38
CFRP -30 27.67 ×103 411.73 -569.74 -0.17
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Figure 7.20: Experimental and numerically computed lift force against the tip bending
deformation for the CFRP 00, CFRP +30, and CFRP -30 hydrofoils for all the measured
Re values. The lines represent the numerical solution based on Eq. (7.3).

Other than the effective stiffness values, the 2-DOF model needs accurate information
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Figure 7.21: Experimental and numerically computed pitching moment against the tip twist
deformation for the CFRP 00, CFRP +30, and CFRP -30 hydrofoils for all the measured
Re values. The lines represent the numerical solution based on Eq. (7.4).

about the slope of the lift curve, ao = ∂CL/∂αeff and the lift eccentricity, e. The ao value

should be same for all the four hydrofoils, when plotted against the effective angle of attack,

αeff = α+ 2θtip/π. Similarly, the e value should also be same for all four hydrofoils in the

linear range, as evident from Figures 7.16 to 7.18. The results presented in Figures 7.22

and 7.23 show that all four hydrofoils share the same lift slope of 1.53π and e of 0.25. Only

the linear portion of the experimental measurement is presented due to the linear elastic

assumption of 2-DOF model. Note that the lift slope is less than the theoretical 2-D value

of 2π because of 3-D effects, including induced downwash, cross flow, and losses through

the tip and root vortices.

Comparisons of the experimental measurements (which are the same as presented in

Section 7.4.1) and the 2-DOF model predictions (using Eqs. (7.10) and (7.11)) of the

load-dependent deformation response of the three composite hydrofoils are shown in Fig-

ures 7.24 to 7.26. The mean error in the tip bending deflection for CFRP 00, CFRP +30,

and CFRP -30 hydrofoils is 0.01%. The mean error in the twist deflection for CFRP 00,
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Figure 7.22: Measured mean lift coefficient (CL) against the effective angle of attack (α+

2θtip/π) for the stainless steel, CFRP 00, CFRP +30, and CFRP -30 hydrofoils for all the
measured Re values in the linear range. The black solid line represent the lift slope of
ao = 1.53π. Note that the measured data for all the four hydrofoils collapse on to one line,
which validates the relation shown in Eq. (7.5).

CFRP +30, and CFRP -30 hydrofoils is 19.67%, 25.53%, and 23.19%, respectively. As

mentioned earlier, the worst case uncertainty in measurements is calculated as 1.08% of

the tip chord for the bending deflection and 0.45◦ for the twist deformation. Note that the

predicted bending and twist deformations are generally within the worst case uncertainty of

the measurements. While the mean error in the twist deflection is significant, the predicted

values follow the same trend as experimental measurements and thus provides a good tool

for the initial studies.

7.4.3 Static Divergence Analysis

The inherent material-induced bend-twist coupling of the composite hydrofoils also

impacts the static divergence speed, as shown in Eq. (7.12). The static divergence occurs

when the fluid disturbing moment exceeds the structural elastic restoring moment, result-

ing in an increase in twist deformation without bound, causing structural failure. Thus, the
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Figure 7.23: Measured mean moment coefficient (CM) against the effective angle of attack
(α+ 2θtip/π) for the stainless steel, CFRP 00, CFRP +30, and CFRP -30 hydrofoils for all
the measured Re values in the linear range. The black solid line represent the moment
slope of aoe = 1.53πe with e = 0.25. Note that the measured data for all the four hydrofoils
collapse on to one line, which validates the relation shown in Eq. (7.6).

hydrofoils experiencing increased twist with increasing load are susceptible to the static

divergence. Of the three composite hydrofoils presented in this work, only the CFRP 00

and the CFRP -30 hydrofoils experiences increased twist with increasing load for α > 0◦.

Thus, results are only presented for CFRP 00 and CFRP -30 hydrofoil. The CFRP +30

hydrofoil is not susceptible to static divergence for cases with α > 0◦, as the effective angle

of attack decreases with increasing load due to the nose-down twist. However, this condi-

tion changes for α < 0◦, i.e., at α < 0◦, while CFRP +30 hydrofoil will be susceptible for

static divergence, CFRP -30 will not be susceptible. Note that both positive and negative

angles of attack are relevant for at sea operations of hydrofoils and rudders due to varying

incidence angles in waves, and for propellers due to forward and reverse operations.

Table 7.6 summarizes the static divergence velocity, UD, for the CFRP 00 and CFRP

-30 hydrofoils, computed using Eqs. (7.9) and (7.12). The results show that the UD for

the CFRP -30 hydrofoil (i.e., αBT < 0) will be much lower than the CFRP 00 hydrofoil
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Figure 7.24: Experimental measurements (symbols) and the 2-DOF FSI model prediction
(lines) of the CFRP 00 hydrofoil for a range of Re in the linear range. From top to bottom:
a) δtip/b and b) θtip. The error bars represent the maximum measurement uncertainty of
0.65 mm in δtip and 0.45◦ in θtip.

(αBT = 0). Table 7.6 also presents the critical inflow speed, Ucritical, corresponding to the

maximum allowable bending force of 1 kN for CL = 0.50. As explained earlier, there was

a 1 kN load limit to give a factor of safety of 2.5 against material failure, as delamination
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Figure 7.25: Experimental measurements (symbols) and the 2-DOF FSI model prediction
(lines) of the CFRP +30 hydrofoil for a range of Re in the linear range. From top to bottom:
a) δtip/b and b) θtip. The error bars represent the maximum measurement uncertainty of 0.65
mm in δtip and 0.45◦ in θtip.

near the root of the CFRP 00 hydrofoil was observed at a load of 2.49 kN. As expected,

the velocity results show that both the CFRP 00 and CFRP -30 hydrofoils will reach the
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Figure 7.26: Experimental measurements (symbols) and the 2-DOF FSI model prediction
(lines) of the CFRP -30 hydrofoil for a range of Re in the linear range. From top to bottom:
a) δtip/b and b) θtip. The error bars represent the maximum measurement uncertainty of
0.65 mm in δtip and 0.45◦ in θtip.

allowable stress limit before the static divergence limit. The results are consistent with the

static divergence studies reported in [39] for plastic hydrofoils, and in [86] for composite
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marine propellers.

In Figure 7.27, we observed linear relationship between πα/2θtip and qD/q = U2
D/U

2

(as shown in Eq. (7.10)). The symbols represent the experimental data for all Re and α in

the linear range, and the line corresponds to the theoretical relationship given by Eq. (7.10).

The slope and the intercept of the curve are both one; theoretical static divergence occurs

when U = UD, i.e., θtip→∞ so πα/2θtip = 0. The discrepancy in the experimental data and

the numerical line for the lower Re (or higher U2
D/U

2) cases is due to the relatively large

uncertainty in the measurement when the twist deformation is small.
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Figure 7.27: Measured versus predicted relationship between the relative twist deformation
(πα/2θtip) and the square of the divergence speed to the inflow speed (U2

D/U
2) for the CFRP

00 and CFRP -30 hydrofoils. Theoretical static divergence occurs when U = UD, and
θtip→∞ so πα/2θtip = 0. The error bars represent the maximum measurement uncertainty
of 0.45◦ in θtip, which is responsible for the greater scatter in the experimental data for the
lower Re (or higher U2

D/U
2) cases.
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Table 7.6: Comparison of the static divergence velocity (UD) computed using using
Eqs. (7.9) and (7.12) for the CFRP 00 and CFRP -30 hydrofoils for cases with positive
lift or α > 0. Also shown are the critical inflow speed, Ucritical, corresponding to the maxi-
mum allowable bending force of 1 kN assuming a maximum lift coefficient of 0.50.

Hydrofoil UD [m/s] Ucritical [m/s] (CL = 0.50)
CFRP 00 33.62 12.18
CFRP -30 14.77 12.18

7.4.4 Cavitation Performance

In addition to modifying the hydrodynamic performance and deformation response,

the material bend-twist coupling also impacts the cavity shedding frequency and structural

response. Similar to previous results, the type II stainless steel, CFRP +30, and CFRP -30

hydrofoils are used for the investigation. To be consistent, the hydrofoils were tested at

a fixed Re of 0.8 ×106, a fixed incidence of 6o, and a range of cavitation numbers from

inception to supercavitation.

For the results presented in this section, high-speed photography was recorded using a

LaVision HighSpeedStar8 camera with a Nikkor f/1.4 lens. The high-speed images were

recorded at 3000 Hz and a total of 2048 images were recorded at each flow condition. A

field of view encompassing all of the hydrofoil planform was obtained with a spatial reso-

lution of 1024 × 512 pixels. Similarly to the fully wetted testing of composite hydrofoils,

the cavitation testing of the composite hydrofoils was carried out at AMC.

7.4.4.1 Definitions and Numerical Model

As defined in Harwood et al. [54] and Young et al. [151], a fully wetted (FW) flow is

a condition when there is no observed cavitation along the hydrofoil surface. While the

partial cavitation has a maximum cavity length that does not extend to the hydrofoil trail-

ing edge, supercavitation has a maximum cavity length that extends beyond the hydrofoil

trailing edge.

Harwood et al. [54] also presented polynomial equations to approximate the variation
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in the maximum cavity length (Lcmax), cavity shedding frequency ( fc), and slope of lift

coefficient curve (ao) for a rigid 2-D hydrofoil as a function of the effective cavitation

number (ψ) based on [5, 6, 8, 16, 134]. The expressions are given as,

Lcmax

c
=

2.67ψ+ 96.62
ψ3−7.1ψ2 + 49.42ψ+ 0.961

(7.14)

S c =
fc c
U

= κ
√

(1 +σ)
[Lcmax

c

]−1
(7.15)

ao =

π
2

(
Lcmax

c

)3
−2

(
Lcmax

c

)2
+ 4.5

(
Lcmax

c

)
+ 1(

Lcmax
c

)3
−

(
Lcmax

c

)2
+ 0.75

(
Lcmax

c

)
+ 1

2π

. (7.16)

where ψ =
σ

2αeff
is the dimensionless effective cavitation number, αeff = α+

2
π
θtip is the

effective incidence, α is the geometric incidence, θtip is the tip twist angle measured at the

elastic axis with the nose-up direction as positive and S c is the Strouhal number based on

the cavity-shedding frequency, fc, and the mean chord, c. For the results presented in this

section, κ = 0.22.

7.4.4.2 Cavity Length

In this section, the maximum and minimum cavity length (Lc) non-dimensionalized by

the mean chord (c) at the mid-span as a function of cavitation number (σ) is presented for

the stainless steel, CFRP +30, and CFRP -30 hydrofoils. The cavity length is computed

using the high-speed images via processing within the Matlab environment. Experiments

are conducted only until a steady supercavity was established, which typically happens

when the non-dimensional maximum cavity length (Lcmax/c) is at (or higher than) 1.4. As

defined in Harwood et al. [54], inception is the transition from the fully wetted flow to the

partial cavitation flow, and the growth and collapse of the cavity lead to fluctuations in the

hydrodynamic load coefficients, as well as flow-induced vibrations. Figure 7.28a) and b)
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presents the non-dimensional cavity length againstσ andσ/(2αeff,wet), respectively. αeff,wet

(= α+ 2θtip,wet/π) correspond to the effective angle of attack for the fully wetted (FW) (or

non-cavitating) condition at Re = 0.8×106 and α = 6◦. θtip,wet is used in this section, since

θtip cannot be reliably measured in cavitating conditions using the current method due o

the unsteady cavity-induced vibrations. The measured θtip,wet values at Re = 0.8×106 and

α = 6◦ for the stainless steel, CFRP +30, and CFRP -30 hydrofoils are 0◦, 3.36◦, and −1.2◦,

respectively (as reported in previous sections).

Figure 7.28a) shows that cavitation inception is accelerated, i.e., cavitation onsets at

a higher cavitation number and hence at higher free stream static pressure, for the CFRP

-30 hydrofoil, and delayed for the CFRP +30 hydrofoil (i.e. lower σ), relative to the rigid

stainless steel hydrofoil. Note that there is a difference of σ ≈ 1 between the cavitation

inception of the two composite hydrofoils. Additionally, for a given cavitation number,

while the cavity length of the CFRP +30 hydrofoil is shorter than the rigid stainless steel

hydrofoil, the cavity length of CFRP -30 hydrofoil is longer. A significant increase in

cavity length variation occurs when the non-dimensional cavity length is between 0.6 /

Lcmax/c / 1.5 for both the CFRP -30 hydrofoil and the CFRP +30 hydrofoil. Note that the

semi-theoretical results presented in Figure 7.28 are for the maximum cavity length and

not the mean. The CFRP +30 hydrofoil results in a decrease in effective angle of incidence

at the same α (as αBT > 0 and thus, θtip < 0), resulting in reduction of lift and consequent

reduction in cavity length. For the CFRP -30 hydrofoil, there is an increase in effective

angle of incidence (as αBT < 0 and thus, θtip > 0), resulting in increase in both lift and

cavity length. The cavitating trends of the two composite hydrofoils can be explained by

the difference in the material bend-twist coupling. Thus, to collapse the results, we plot

the normalized cavity length against σ/(2αeff,wet) in Figure 7.28b). The result show that

the semi-theoretical results for the three hydrofoils collapse to one line, as expected. The

maximum measured non-dimensional cavity length values also follow the same curve with

some scatter. Note that for 1.5/σ/(2αeff,wet)/ 2.5, the cavity is very unstable, where Lc/c
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varies from 0 to near 1 in each cavity collapse and growth cycle. The variation in the cavity

length is responsible for the variation in the CL values (presented later in Figure 7.29).

7.4.4.3 Forces

To complement the cavity length measurement, the maximum, minimum, and mean

values of force coefficients (i.e., CL/CLwet and CD/CDwet) are plotted against cavitation

number (σ and σ/(2αeff,wet)) for the stainless steel, CFRP +30, and CFRP -30 hydrofoils.

In Figures 7.29 and 7.30, the CLwet and CDwet correspond to the measured force coefficient

values for the fully wetted (FW) (or non-cavitating) condition at Re = 0.8×106 and α = 6◦.

The fluctuations in the load coefficients (which occurs due to the unsteady cavity shedding)

increases as the cavity length increases, i.e., as σ decreases, until stable supercavitation is

achieved. The most significant fluctuations typically occur at 0.6 / Lc/c / 1.5, as shown

in Figure 7.28. As shown in the previous literature [54], the mean CL increases marginally

with the onset of cavitation, and then eventually reduces significantly with the further re-

duction in σ and a corresponding increase in the cavity length. Note that when CL/CLwet

is plotted against the σ/(2αeff,wet), the results collapse for all three hydrofoils, especially

the mean values, as shown in Figure 7.29. CD also follows the similar trend as CL (due to

the induced drag), i.e., increasing upon the cavitation inception and then reducing corre-

sponding to the reduction in lift. Results also show that CD is always higher in cavitating

conditions (due to the additional energy dissipation through cavity growth and collapse),

as compared to fully wetted conditions. Note that the fluctuations in lift and drag are gen-

erally much higher for the CFRP -30 hydrofoil than for the CFRP +30 hydrofoil, and the

fluctuations can be higher than the mean values.

Figure 7.31 shows the ratio of the measured standard deviation of the unsteady lift

coefficient, i.e., σCL , to the respective mean values, CL, along with the semi-theoretical

maximum normalized cavity length (using Eq. (7.14)). The result show that the increase

in non-dimensional cavity length beyond 0.6 yields sudden increase in the variation in the
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Figure 7.28: The maximum and minimum non-dimensional cavity length at the mid-span
against the effective cavitation number for the rigid stainless steel, CFRP+30, and CFRP
-30 hydrofoil. The semi-theoretical prediction from Eq. (7.14) are shown as dashed lines.
Note that the semi-theoretical prediction is for the maximum cavity length. The results are
for α = 6◦, Re = 0.8×106, and z/s = 0.50.
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cavity length, is also accompanied by the drastic increase in force fluctuations, i.e., the

standard deviation of CL. The load fluctuations subside when Lcmax ' 1.5.
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wetted CL values. The solid lines represent the ratio of effective angle of
attack to the fully wetted effective angle of attack.
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Figure 7.29: Experimental measurements of CL for the stainless steel, CFRP +30, and
CFRP -30 hydrofoils against the effective cavitation number. The results are for α = 6◦,
Re = 0.8×106, and z/s = 0.50.
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Figure 7.30: Experimental measurements of CD for the stainless steel, CFRP +30, and
CFRP -30 hydrofoils against the effective cavitation number. The results are for α = 6◦,
Re = 0.8×106, and z/s = 0.50.
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Figure 7.31: The ratio of the standard deviation of the unsteady lift coefficient, i.e. σCL ,
to the respective mean values, CL, along with the semi-theoretical maximum normalized
cavity length against σ/(2αeff,wet) for the stainless steel, CFRP +30, and CFRP -30 hydro-
foil. Note the increase in standard deviation (or fluctuations) with increase in maximum
non-dimensional cavity length beyond 0.6, and drop in fluctuations for Lcmax ' 1.5. The
results are for α = 6◦, and Re = 0.8×106.

7.4.4.4 Lift Spectra

In this section, the power spectrograms (power spectral density) of the lift data as a

function of cavitation number and effective cavitation number are shown for the three hy-

drofoils (i.e., stainless steel, CFRP+30, and CFRP -30) in Figures 7.32 and 7.33, respec-

tively. The cavity shedding frequency ( fc) obtained using Eq. (7.14) for each hydrofoil is

also presented in Figure 7.32 for comparison. The stainless steel hydrofoil results show

a good agreement with theory except at the very low σ values, where the Lcmax/c ≥ 1.2.

The difference in the predicted cavity shedding frequencies for the composite hydrofoils is

due to the material-based bend-twist coupling. As explained before, for CFRP +30 hydro-

foil, θtip or αeff reduces, resulting in shorter cavity length and thus, higher cavity shedding

frequency than the stainless steel hydrofoil for a given σ. The opposite is true for CFRP

-30 hydrofoil, i.e., it experiences longer cavity length and lower cavity shedding frequency
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than the stainless steel hydrofoil for a given σ.

The in-water experimental first structural natural frequency f ∗1 of the CFRP +30 hy-

drofoil in fully wetted condition is measured to be 22 Hz. Due to the limitation in time,

in-water natural frequency for CFRP -30 hydrofoil was not calculated. However, since the

bending stiffness, first in-air natural frequency, and the mass of two composite hydrofoils

is similar, it is safe to assume that the in-water structural natural frequency of the CFRP

+30 hydrofoil will also be similar. The energy content of the cavity shedding frequency

for the stainless steel hydrofoil is almost half to that of composite hydrofoils at ≈ 11 Hz.

The most energetic cavity shedding for the stainless steel hydrofoil occurs at σ of 0.35 –

0.55, or σ/(2αeff,wet) between 1.6 and 2.6 (as shown in Figure 7.33), and Lcmax/c ≥ 1.2.

According to Ganesh et al. [42], for Lcmax/c ≥ 1.1, the cavity shedding cycle is identified

as the intermittent type 1 shedding. The detailed features of each type of cavity shedding

cycle can be found in Ganesh et al. [42]. The CFRP +30 hydrofoil exhibits the energetic

lock-in behavior at two distinct frequencies, depending on the cavitation number range. For

σ of about 0.35 – 0.55 (i.e., Lcmax/c ≥ 1.2), the lock-in occurs at a frequency correspond-

ing to the subharmonic of the structural natural frequency ( f ∗1 /2 ≈ 10.5Hz). However, for

σ from 0.55 to 0.7 (i.e., 0.8 ≤ Lcmax/c ≤ 1.2), the lock-in occur at a frequency of about 33

Hz (≈ 3 f ∗1 /2). The higher cavity shedding frequency (i.e., 33 Hz) correspond to the unsta-

ble partial shedding behavior (and thus, have lesser energy), as also evident from reduced

maximum cavity length (Lcmax/c) in Figure 7.28, while the lower frequency (i.e., 10.5 Hz)

correspond to the periodic large sheet-cloud type shedding behavior (and thus, have higher

energy), as also evident from higher maximum cavity length (Lcmax/c). As per the cavity

shedding cycle defined in Ganesh et al. [42], the lower frequency behavior yields the in-

termittent type 1 shedding (same as the stainless steel hydrofoil) and the higher frequency

corresponds to type 2 partial cavity shedding dominated by re-entrant jet dynamics. For the

CFRP -30 hydrofoil, the most energetic lock-in occurs at the first subharmonic frequency

( f ∗1 /2 ≈ 11Hz) for 0.45 < σ < 0.8 (i.e., Lcmax/c ≥ 1.2), which also corresponds to the in-
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termittent type 1 cavity shedding (same as the lower frequency regime of CFRP +30 and

stainless steel hydrofoils). The most dominant energy for the three hydrofoils tends to be

around 11 Hz, illustrating that the global shedding dynamics is dominant over the FSI ef-

fect in determining the resultant structural behavior. The frequency behavior observed in

the results is also similar to the trend presented in the previous literature [6, 8].

An overview of a typical shedding cycle for the three hydrofoils is shown in Figure 7.34

for σ = 0.6 and in Figure 7.35 for σ/(2αeff,wet) = 2.86 (i.e., with different σ for each hy-

drofoil). As shown in Figure 7.28a), for a given σ, the CFRP +30 has a shorter cavity,

and the CFRP -30 a longer cavity than the nominally rigid stainless steel hydrofoil, due

to the effect of material bend-twist coupling present in the composite models. Figure 7.34

and 7.35 are originally presented in Pearce et al. [122]. Figure 7.35 shows that for a given

σ/(2αeff,wet), the maximum cavity length of the three hydrofoils is almost the same. Note

the difference in cavity pattern at the tip due to the different twist directions of the hydro-

foils. The fingering cavitating structure observed for CFRP +30 hydrofoil can be attributed

to the variations in surface finish of the hydrofoils, which will be investigated further with

more experiments in future.

7.5 Conclusions

In the current chapter, combined experimental and numerical studies are presented to

study the impact of load-dependent material-induced bend-twist coupling effects on the

steady-state hydroelastic response of the three composite hydrofoils. Additionally, results

are presented for a stainless steel hydrofoil, which served as the rigid reference. The

four hydrofoils have identical unloaded geometry, with a tapered profile and a modified

NACA 0009 cross section. The three composite hydrofoils are all made of epoxy resin

reinforced with the same nominal layup of carbon fiber reinforced polymers (CFRP) and

glass fiber reinforced polymers (GFRP) layers. The three composite hydrofoils only differ
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in the orientation of the structural CFRP layers, i.e., 0◦, +30◦, and -30◦ relative to the span-

wise axis of the hydrofoils. The different orientations lead to significantly different material

bend-twist coupling of the three composite hydrofoils. Experiments are conducted in the

variable pressure water tunnel at the Australian Maritime College (AMC). The experimen-

tal studies are complemented by a simplified two-degrees of freedom (2-DOF) FSI model,

and the predictions are compared against experimental measurements.

The results show that there are significant differences in the modal frequencies for the

CFRP 00, and CFRP +30 and CFRP -30 hydrofoils, in addition to the mode shapes. The

CFRP 00 hydrofoil, due to zero bend-twist coupling, experiences mostly pure bending

and pure twisting for first and second mode, respectively. The CFRP +30 and CFRP -30

hydrofoils, due to significant bend-twist coupling (αBT ), experience combined bending and

twisting for both the first and second modes. The twisting directions of the CFRP +30 and

CFRP -30 are opposite because of the opposite sign of αBT . The results show that the

material-based bend-twist coupling significantly affects the modal characteristics of three

composite hydrofoils, which governs the hydrofoil deformation and thus the hydrodynamic

performance.

The mean non-dimensional hydrodynamic lift, drag, and moment coefficients, and the

hydrofoil tip bending and twisting deformations are presented for all four hydrofoils for

incidence angles (α) ranging from 0◦ to 20◦ and for Reynolds number (based on the mean

chord), Re, ranging from 0.25×106 to 1.2×106. The results show that the hydrodynamic

lift induces bending deformation towards the suction side. While the stainless steel and the

CFRP 00 hydrofoils have no apparent material bend-twist coupling, there is still bend-twist

coupling caused by the hydrodynamic loads. As the CP is upstream of the EA, the hydrody-

namic moment results in hydrofoils having a nose-up twist. The CFRP +30 hydrofoil and

the CFRP -30 hydrofoil undergo a nose-down and a nose-up twist, respectively, because

of opposite material bend-twist coupling effects. Due to the negative or nose-down twist,

the CFRP +30 hydrofoil experiences reduction in lift and moment coefficients, and delayed
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stall, with an increase in Re and α. Due to the positive twist, the CFRP -30 hydrofoil expe-

riences increase in lift and moment coefficients, and accelerated stall with an increase in Re

and α. The results also show that the performance of the rigid and the adaptive composite

hydrofoils should only be compared at same lift capacity at each speed, instead of same Re

and α.

The simplified 2-DOF FSI model presented in this chapter is able to predict the load-

dependent bend-twist coupling behavior and hydroelastic performance of the three com-

posite hydrofoils. The stiffness values required for the 2-DOF FSI model are computed

using the experimental measurements. The results show that if the stiffness values of the

hydrofoil are readily available, the bend-twist coupling behavior can be easily predicted us-

ing the simplified 2-DOF FSI model. The mean error between the predicted and measured

tip bending deflection for CFRP 00, CFRP +30, and CFRP -30 hydrofoils is 0.01%. The

mean error between the predicted and measured twist deflection for CFRP 00, CFRP +30,

and CFRP -30 hydrofoils is 19.67%, 25.53%, and 23.19%, respectively. The error in the

predicted bending and twist deformations are generally within the worst case uncertainty

of the measurements. The static divergence speed, i.e., the critical speed when the fluid dis-

turbing moment is equal to the hydrofoil elastic restoring moment, of the three composite

hydrofoils is also investigated. The 2-DOF model predicts accelerated static divergence for

hydrofoils with nose-up twist (CFRP -30, αBT < 0) and delayed static divergence for hydro-

foils with nose-down twist (CFRP +30, αBT > 0) for positive lift condition. However, the

comparison between the predicted divergence velocity and the critical inflow speed (based

on the maximum allowable load) show that the hydrofoils will experience material failure

before reaching the static divergence limit.

Preliminary results are also presented to study the influence of bend-twist coupling on

the dynamic cavitating response of composite hydrofoils. The results show that the cavi-

tation incepts earlier for the CFRP -30 hydrofoil, and later for the CFRP +30 hydrofoil, as

compared to rigid stainless steel hydrofoil. Similarly, relative to the stainless steel hydro-
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foil, the CFRP -30 experiences longer maximum cavity length, and CFRP +30 experiences

shorter maximum cavity length. The results show that the cavity length or the force varia-

tion for the three hydrofoils in the linear range can be collapsed into a single line by using

the effective angle of attack (or the effective cavitation number). Additionally, the stainless

steel, CFRP +30, and CFRP -30 hydrofoils display the most energetic lock-in behavior at

the similar low effective cavitation number and frequency, illustrating the dominance of

global shedding dynamics over bend-twist coupling effects.

In summary, this chapter improves the understanding of the impact of load-dependent

bend-twist coupling on the steady-state hydroelastic performance, stall behavior, modal

characteristics, static divergence boundary, and cavitation response of adaptive composite

hydrofoils. This chapter also presents a high-quality data set that serves as a baseline for fu-

ture testing of adaptive composite marine propulsors in sub-cavitating and cavitating flows,

and provides a rich dataset for validation of high-fidelity numerical models. The results

demonstrate that the intrinsic material bend-twist coupling of anisotropic composites can

be used to increase the efficiency, delay stall, or delay cavitation of hydrodynamic lifting

bodies, but care is needed to account for load-dependent deformations.
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(a) Stainless steel hydrofoil.

(b) CFRP +30 hydrofoil.

(c) CFRP -30 hydrofoil.

Figure 7.32: The lift power spectrogram for the hydrofoils illustrating the frequency content
for the range of cavitating conditions. The solid lines represent the semi-theoretical cavity
shedding frequency (Eq. (7.15)). The green solid line in the two composite hydrofoil plots
is the semi-theoretical line for the rigid stainless steel hydrofoil for comparison. α = 6◦ and
Re= 0.8×106.
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(a) Stainless steel hydrofoil.

(b) CFRP +30 hydrofoil.

(c) CFRP -30 hydrofoil.

Figure 7.33: The lift power spectrogram for the hydrofoils illustrating the frequency content
for the effective cavitation number. The solid line represents the semi-theoretical cavity
shedding frequency (Eq. (7.15)). α = 6◦ and Re= 0.8×106.
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(a) Stainless steel hydrofoil.

(b) CFRP +30 hydrofoil.

(c) CFRP -30 hydrofoil.

Figure 7.34: Image sequence of one cavity shedding cycle for the three hydrofoils showing
cavity growth (σ = 0.6, α = 6◦, and Re = 0.8× 106). The figure is originally presented in
Pearce et al. [122].
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(a) Stainless steel hydrofoil, σ = 0.60.

(b) CFRP +30 hydrofoil, σ = 0.52.

(c) CFRP -30 hydrofoil, σ = 0.81.

Figure 7.35: Image sequence of one shedding cycle for the three hydrofoils showing cavity
growth for same σ/(2αeff,wet) of 2.86, i.e., different σ for each hydrofoil (α = 6◦, and Re
= 0.8×106). The figure is originally presented in Pearce et al. [122].
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CHAPTER 8

Towards Hydrostructural Optimization of

Composite Hydrofoils

In this chapter, we take the first step towards the development of a hydrostructural

design optimization tool that optimizes both the shape and the material configurations of

composite hydrofoils. To achieve this, we extend our structural solver, TACS, to solve for

anisotropic material response of composites and verify the solver against the commercial

FEA solver, Abaqus.

8.1 Anisotropic Solid Element Formulation

In Chapter 5, the structural solver (TACS) primarily meant for solving thin-walled struc-

ture encountered in aerospace applications is extended to solve for solid isotropic elements.

The hollow and rib-spar structure typical of aircraft wings, helicopter blades, and wind tur-

bines allows the use of shell elements for structure modeling. On the other hand, most

marine hydrofoils and propulsors have either solid interior structure or thick cross sections

(due to the need to withstand higher hydrodynamic loads), necessitating the use of solid

elements for structural modeling.

Isotropic materials (e.g., metals) have identical properties in all directions, and their

stress-strain relations can be defined with only two independent constants. Anisotropic

materials (e.g., composites) have different properties in different directions and have 21
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independent constants to completely define the stress-strain relationship. Orthotropic ma-

terials (e.g., wood) are a subset of anisotropic materials, with different properties along

the three mutually orthogonal axes of rotational symmetry. Orthotropic materials require

nine independent constants for their stress-strain relationship. The stress-strain relationship

of orthotropic material is equivalent to anisotropic materials, when the orthotropic materi-

als are loaded in an arbitrary orientation instead of principal material coordinates. In this

chapter, the structural solver is further extended to solve for unidirectional solid anisotropic

elements. Since the fundamental capability of the unidirectional anisotropic material is to

carry stresses in the plane of its fibers. Thus, by considering only the in-plane stresses, the

constitutive properties of the anisotropic materials can be specified with only 13 indepen-

dent constants. The general constitutive equation, i.e., the relationship between the stress

and strain, in principal material or local coordinates (where the 1-axis is aligned with the

fiber direction, as presented in Figure 8.1) is given as,

{σ}i = {C}i j{ε}i (8.1)

where i, j = {1,2,3,4,5,6}, {σ}i (= [σ11,σ22,σ33,σ23,σ13,σ12]T ) represent stress compo-

nents in the local coordinates, and {ε}i (= [ε11, ε22, ε33, ε23, ε13, ε12]T ) represents strain com-

ponents in the local coordinates, and {C}i j are the stiffness components.

The constitutive equation for the orthotropic material loaded in principal material coor-

dinates can be expressed as,



σ11

σ22

σ33

σ23

σ13

σ12



=



C11 C12 C13 0 0 0

C12 C22 C23 0 0 0

C13 C23 C33 0 0 0

0 0 0 C44 0 0

0 0 0 0 C55 0

0 0 0 0 0 C66





ε11

ε22

ε33

ε23

ε13

ε12



(8.2)
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Figure 8.1: Unidirectional anisotropic plate with global x− y− z coordinates and 1-2-3
principal (or local) material coordinates.

The individual components of the stiffness matrix can be expressed using the material

properties and are defined as,

C11 =
1− ν23ν32

E2E3D

C12 =
ν21 + ν23ν31

E2E3D

C13 =
ν31 + ν21ν32

E2E3D

C22 =
1− ν13ν31

E2E3D

C23 =
ν32 + ν12ν31

E1E3D

C33 =
1− ν12ν21

E1E2D

C44 = G23

C55 = G13

C66 = G12

D =
1− ν12ν21− ν23ν32− ν13ν31−2ν21ν32ν13

E1E2E3

(8.3)

where E1, E2, and E3 are the Young’s moduli in 1, 2, and 3 directions, respectively, Gi j
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represents the shear moduli, and νi j are the Poisson’s ratio. Note that since there is no

material bend-twist coupling experienced in the orthotropic material if the lamina is aligned

with the global coordinates, the C16, C26, and C36 terms are zero.

However, if the fibers in a lamina are not oriented along the x-axis, then the stress and

strain components needs to be transformed from principal material coordinates 1-2-3 to

global x− y− z coordinates (as shown in Figure 8.1). The transformed stiffness matrix is

represented as
[
C
]
. The constitutive equation for anisotropic elements in global coordinates

is written as,



σxx

σyy

σzz

σyz

σxz

σxy



=



C11 C12 C13 0 0 C16

C12 C22 C23 0 0 C26

C13 C23 C33 0 0 C36

0 0 0 C44 C45 0

0 0 0 C45 C55 0

C16 C26 C36 0 0 C66





εxx

εyy

εzz

εyz

εxz

εxy



(8.4)

Using the fiber angle (θf) defined relative to the x-axis, the individual components of
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the [C] can be described as,

C11 = m4C11 + 2m2n2 (C12 + 2C66) + n4C22

C12 = n2m2 (C11 +C22−4C66) +
(
n4 + m4

)
C12

C13 = m2C13 + n2C23

C16 = nm
[
m2 (C11−C12−2C66) + n2 (C12−C22 + 2C66)

]
C22 = n4C11 + 2m2n2 (C12 + 2C66) + m4C22

C23 = n2C13 + m2C23

C26 = nm
[
n2 (C11−C12−2C66) + m2 (C12−C22 + 2C66)

]
C33 = C33

C36 = mn (C13−C23)

C44 = m2C44 + n2C55

C45 = mn (C55−C44)

C55 = n2C44 + m2C55

C66 = n2m2 (C11−2C12 +C22) +
(
n2−m2

)2
C66

(8.5)

where m = cosθf, n = sinθf, θf is the fiber angle in radians, and Ci j are as defined in Eq. (8.3).

The angle θf is the angle between the fiber orientation and x-axis, as shown in Figure 8.1.

Nonzero C16, C26, and C36 reflect the existence of bend-twist coupling in the anisotropic

materials, as shown later in Figures 8.3 and 8.10. Note that the terms C16, C26, and C36 are

zero for isotropic and orthotropic materials. In the next section, we verify the behavior of

anisotropic solid elements in the TACS solver with Abaqus as a reference.
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Figure 8.2: Cantilevered plate (with the fine mesh and dimensions) for the anisotropic solid
element verification study. Note the fixed root boundary condition on the left side.

8.2 Validation Study

8.2.1 Structural Model

The structural model used for the modal characteristics and the static stress and defor-

mation verification study is presented in Figure 8.2. The fixed root boundary conditions are

implemented on the left side, while the right end of the plate is free, as shown in Figure 8.2.

The assumed material properties for the composite plate are listed in Table 8.1, which are

same as the assumed values used in a similar study by Kramer et al. [75].

8.2.2 Grid Convergence Study

The structural grid convergence study is performed using four different structural meshes.

The different structural meshes are obtained by systematically varying the three mesh pa-

rameters: nx, ny, and nz, i.e., the number of elements in x, y, and z coordinates. The nx
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Table 8.1: Assumed material properties of composite plate.

Symbol Description Value Units
ρs Solid density 1500.00 Kg/m3

E1 Young’s modulus 171.42 GPa
E2, E3 Young’s modulus 9.08 GPa
G12, G13 Shear modulus 5.29 GPa
G23 Shear modulus 0.28 GPa
ν12, ν13 Poisson’s ratio 0.32 –
ν23 Poisson’s ratio 0.29 –

and ny are chosen to keep the element faces as close to square as possible, i.e., nx/ny ≈ AR,

where AR = l/b. 8-noded linear brick elements, and a Gaussian second order integration

scheme, are used in both TACS and Abaqus [4].

The first and second in-air natural frequencies for various structural mesh predicted

using TACS and Abaqus [2] for θf = 30◦ are shown in Table 8.2. The first and second

in-air analytical natural frequencies presented in Kramer et al. [75] are 42.4 Hz and 212.20

Hz, respectively. The fine mesh (presented in Figure 8.2) is used for validation studies

(presented in next section) with both Abaqus and TACS.

Table 8.2: Convergence study of the in-air natural frequencies for various structural mesh
resolution for a cantilevered plate at θf = 30◦ obtained using Abaqus and TACS, along with
the analytical values from Kramer et al. [75].

Mesh nx ny nz Mode 1 [Hz] Mode 2 [Hz]
Abaqus TACS Abaqus TACS

Coarse 48 18 5 45.6 46.5 242.1 245.1
Medium 72 27 7 43.7 45.2 225.6 227.4
Fine 96 36 9 42.9 44.2 220.1 221.1
Finest 120 48 12 42.7 44.0 218.0 219.9
Analytical [75] 42.4 212.2
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8.2.3 Validation of the Natural Frequency Predictions

A cantilevered plate (presented in Section 8.2.1) is studied with both TACS and Abaqus

for the natural frequency validation study. The fine mesh is used for both TACS and

Abaqus.

As mentioned earlier, C16, C26, and C36 represent the material bend-twist coupling

of anisotropic materials. Thus, to understand the variation of bend-twist coupling with

fiber angle, the ratio of C16 to C11 for a range of fiber angle is plotted in Figure 8.3. As

expected, bend-twist coupling is zero for θf = 0◦ and θf = 90◦. Note that the highest bend-

twist coupling is predicted for θf = 60◦.

Figure 8.4 presents the comparison of the predicted natural frequency for first three in-

air modes for a range of fiber angles obtained using Abaqus and TACS. The results indicate

the maximum discrepancy in frequency for the first three in-air modes is 5.0%. Figure 8.4

also show the analytical values for the first two in-air modes, as presented in Kramer et

al. [75]. Except for the second mode of the θf = 0◦ plate, the analytical values match very

well between both structural solvers. The mean error between TACS and analytical values

for the first two in-air modes is 5.6%. The first two in-air mode shapes obtained using

Abaqus and TACS are shown in Figure 8.5. The mode shapes from both the structural

solvers look similar. Note the difference in mode shapes with changes in the fiber angle.

For example, the first in-air mode for θf = 0◦ and θf = 90◦ is pure bending, and the first

in-air mode for any other fiber angle is combined bending and twisting, due to the inher-

ent material bend-twist coupling, as observed previously for the composite hydrofoils in

Section 7.2 and in Figure 8.3.

8.2.4 Static Deformation and Stress Verification Study

For the purpose of static deformation and stress verification, we use the same structural

model (as presented in Section 8.2.1 and Figure 8.2) and the fine mesh for both Abaqus and

TACS. In Figure 8.6, we compare the tip bending and twist deflection at the elastic axis,
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Figure 8.3: Comparison of the effective material bend-twist coupling, C16/C11, for a can-
tilevered plate for range of unidirectional fiber angles.

for a range of fiber angles. The elastic axis for a rectangular section is at the mid-chord, or

mid-breadth. A uniform pressure of 443.5 Pa (i.e., uniform load of 10 N) is applied on one

side of the cantilevered plate. The results show that the bending deformation increases with

increasing fiber angle, as the effective bending stiffness decreases. The maximum twist is

observed for θf = 45◦ and the twist is zero for θf = 0◦ and θf = 90◦, where the material

bend-twist coupling is zero. The maximum discrepancy in the bending deformation and

the twist deformation is 8.8% for θf = 60◦, and 5.0% for θf = 45◦, respectively. Figure 8.7

compares the different deformation pattern for the different fiber angles. Similar to the first

in-air mode and consistent with the deformation results presented in Chapter 7, while the

deformation pattern for the θf = 0◦ and θf = 90◦ is predominantly bending, all the other fiber

angles experience combined bending and twisting.

Figure 8.8 compares the in-plane non-dimensionalized bending and shear stresses from

Abaqus and TACS. The stress is non-dimensionalized by Plb/t2, where P (= plb) is the
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Figure 8.4: Comparison of the first three predicted in-air natural frequencies from Abaqus
and TACS for a cantilevered plate (shown in Figure 8.2) for a range of unidirectional fiber
angles. The analytical results from Kramer et al. [75] are shown as lines. The maximum
discrepancy in frequency is 5.0% between two structural solvers. The mean error between
TACS and the analytical results for first two in-air modes from Kramer et al. [75] is 5.6%.

uniform load, and p is the uniform pressure; l, b, and t are the dimensions of the plate,

as shown in Figure 8.2. The stresses are compared at the center of the top surface of the

cantilevered plate. The results show good agreement between the predicted bending and

shear stresses from both Abaqus and TACS. The maximum difference in the stress values

is 13.5%, i.e., for θf = 15◦ and S yy.

8.3 Comparison of Predicted and Measured Modal Char-

acteristics of Composite Hydrofoils

In this section, we compare the predicted in-air natural frequencies of a canonical type

II NACA 0009 hydrofoil composed purely of unidirectional carbon (carbon-UD). The ma-
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Figure 8.6: Comparison of the predicted bending and twist deformations from Abaqus
and TACS for a cantilevered plate under uniform pressure of 443.5 Pa for a range of fiber
angles. The deflections are measured at the elastic axis (i.e., the mid-breadth). The results
show maximum discrepancy of 8.8% in the bending deformation, and 5.0% in the twist
deformation.

terial properties of the carbon-UD are listed in Table 8.3. The geometry of the NACA 0009

hydrofoil is same as presented in the previous chapters. The intention of the current section

is to show the frequency verification for a realistic geometry, as opposed to a simple can-

tilevered plate. As shown earlier in the grid convergence study in Section 8.2.2, we need

at least 9 elements in the thickness direction to capture the anisotropic effects. Thus, for

this study, we use 120, 36, and 9 elements in the spanwise, chordwise, and the thickness

directions, respectively, as shown in Figure 8.9. Fixed boundary conditions are enforced at

the root. Figure 8.10 presents the computed material bend-twist coupling for a cantilevered

NACA 0009 hydrofoil with 00◦, +30◦, and -30◦ unidirectional fiber angles, using Eq. (8.4).

As expected, material bend-twist coupling is zero for 00◦ and non-zero for +30◦ and -30◦

hydrofoils, with equal magnitude and opposite signs.

Figure 8.11 compares the first three predicted in-air natural frequencies from Abaqus
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Figure 8.7: Predicted deformation pattern of a cantilevered plate under uniform pressure
of 443.5 Pa for a range of fiber angle obtained using Abaqus and TACS. The contours
represent the deflection in z-axis. To clearly demonstrate the differences, the deformations
are scaled 10 times the actual deformations. Note the pure bending deformation for θf = 0◦

and θf = 90◦ and the combined bend-twist for θf = 30◦ and θf = 60◦. The deflections are in
mm.
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Figure 8.8: Comparison of the predicted non-dimensionalized bending (S xx and S yy) and
shear stresses (S xy) in the global coordinates obtained using Abaqus and TACS for a can-
tilevered plate under uniform pressure for a range of fiber angles. The stresses are compared
at the center (mid-chord) of the top surface of the cantilevered plate.

and TACS for a cantilevered NACA 0009 hydrofoil with 00◦, +30◦, and -30◦ unidirectional

fiber angle. The results show that there is a maximum discrepancy of 4.7%, i.e., for the

second in-air mode of the UD 00◦ hydrofoil, between the two structural solvers. Figure 8.12

shows the predicted mode shapes for first two in-air modes from Abaqus and TACS. Note

the similarities between the modes shapes from two structural solvers. Additionally, as

presented in Chapter 7, while the 00◦ hydrofoil experiences primarily bending and twisting

for the first and second mode, respectively; the +30◦ and -30◦ hydrofoils experience first

bending mode as first mode and second bending mode as the second mode, with some

twisting. The +30◦ and -30◦ hydrofoils also experience opposite twist direction, due to

opposite orientation of the unidirectional fibers and the opposite signs of material bend-

twist coupling (as shown in Figure 8.10).
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Figure 8.9: Structural mesh for the cantilevered NACA 0009 hydrofoil with 38,880 8-
noded linear brick elements (120, 36, and 9 elements in the spanwise, chordwise, and the
thickness direction, respectively).

Table 8.3: Material properties of composite hydrofoil made of unidirectional carbon.

Symbol Description Value Units
ρs Solid density 1540.00 Kg/m3

E1 Young’s modulus 117.80 GPa
E2 Young’s modulus 13.40 GPa
E3 Young’s modulus 9.40 GPa
G12, G13 Shear modulus 3.90 GPa
G23 Shear modulus 3.30 GPa
ν12, ν13 Poisson’s ratio 0.25 –
ν23 Poisson’s ratio 0.45 –

8.4 Hydrostructural Analysis of Composite Hydrofoils

In this section, we present the preliminary hydrostructural analysis of the composite

hydrofoils with 00◦, +30◦, and -30◦ unidirectional fiber angles. The properties of the unidi-

rectional carbon material is already listed in Table 8.3. Figure 8.13 compares the mean lift,

drag, moment coefficients, non-dimensional tip bending (δtip/b), and the twist (θtip) of the

three composite hydrofoils (i.e., UD 00, UD +30, and UD -30) as a function of the angle of

attack (α) for Re = 1.0×106. Due to the difference in material bend-twist coupling of the

three composite hydrofoils, while the UD 00 and UD -30 hydrofoils experience positive

twist, the UD +30 hydrofoil experiences negative twist, similar to the results presented in
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Figure 8.10: Comparison of the effective material bend-twist coupling, C16/C11, for a
cantilevered NACA 0009 hydrofoil with 00◦, +30◦, and -30◦ unidirectional fiber angle.

Chapter 7. The negative twist results in decrease in lift, moment, and drag for the UD +30

hydrofoil, compared to the UD 00 hydrofoil. The positive twist results in increase in lift,

moment, and drag for the UD -30 hydrofoil, compared to the UD 00 hydrofoil. The results

confirm that the high-fidelity FSI solver was able to capture the bend-twist coupling effects

of composite hydrofoils effectively.
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Figure 8.11: Comparison of the first three predicted in-air natural frequencies from Abaqus
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Figure 8.13: Top to bottom: Predicted values of mean lift coefficient (CL), drag coeffi-
cient (CD), pitch moment coefficient (CM), non-dimensional tip bending deflection, and
tip twisting deformations with angle of incidence for the three composite hydrofoils made
of unidirectional fiber angles. While the UD -30 experiences an increase in lift, drag, and
moment, UD +30 experiences a reduction in lift, drag, and moment, as compared to the
UD 00 hydrofoil due to the opposite material based bend-twist coupling. Note the negative
twist deformation for UD +30 hydrofoil, as compared to positive twist for UD 00 and UD
-30 hydrofoils (similar to the results presented in Chapter 7).
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8.5 Conclusions

In this chapter, the previously developed structural solver (TACS) was extended to solve

for unidirectional anisotropic solid elements. We verified the modal behavior (i.e., mode

shapes and modal frequencies) of TACS against the commercial structural solver, Abaqus.

The results show that the maximum discrepancy in the frequency predictions for the first

three in-air modes between the two solvers is 5.0%. The predicted mode shapes from TACS

and Abaqus also look similar for a range of fiber angles. Additionally, the static stress and

deformation verification of the cantilevered plate was conducted. The results show similar

deformation trends predicted by Abaqus and TACS over a range of fiber angles, with a

maximum discrepancy of 8.8% in the tip bending deformations.

We also verified the modal behavior for a cantilevered NACA 0009 hydrofoil with 00◦,

+30◦, and -30◦ unidirectional carbon fiber angles. The results show a maximum discrep-

ancy of 4.7% between the Abaqus and TACS predictions for the first three in-air natural

frequencies. The predicted mode shapes for first two in-air modes are also very similar

between Abaqus and TACS. The preliminary hydrostructural analysis of the composite hy-

drofoils show that while the +30◦ (αBT > 0) hydrofoil experiences negative twist, the -30◦

(αBT < 0) hydrofoil experiences positive twist. Thus, this chapter showed that the solid

anisotropic elements implemented in TACS is able to accurately capture the bend-twist

coupling effects of a composite hydrofoil.

To summarize, in this chapter, we laid the foundation work necessary to carry out high-

fidelity hydrostructural optimization of the shape and material configurations of composite

hydrofoils by implementing the solid anisotropic elements in our high-fidelity structural

solver. We also validated the predictions with analytical and a commercial FEA solver,

Abaqus.
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CHAPTER 9

Final Remarks

This chapter presents the overall conclusions of this thesis, the main contributions, and

the recommendations for future research directions.

9.1 Overall Conclusions

With recent improvements in the computational capability and the efficiency of the nu-

merical solvers, marine propulsor design has been increasingly reliant on high-fidelity com-

putational fluid dynamics (CFD) and computational structural dynamics (CSD) solvers.

However, high-fidelity coupled hydrostructural optimization still remains challenging due

to its high computational cost, especially for a large number of design variables.

In Chapter 4, we demonstrated that even for a simple unswept tapered hydrofoil, a

minimum of 200 design variables is required to achieve an optimum design. We also val-

idated our hydrodynamic solver with experimental measurements. The results show that

high-fidelity (i.e., RANS-based) optimization is required to achieve an acceptable optimum

solution, especially for off-design conditions. The RANS-based hydrodynamic shape opti-

mization of a hydrofoil was presented with 210 design variables and a constraint to avoid

cavitation inception. We concluded that the multipoint optimization is necessary to obtain a

design capable of performing well over the entire range of operating conditions. The results

show that there is an overall increase in the lift-to-drag ratio of 14.4% for the multipoint

hydrodynamic optimized hydrofoil.

191



Chapter 5 presents a state-of-the-art coupled hydrostructural design optimization tool

capable of handling a large number of design variables and operating conditions, with

constraints on cavitation inception, fatigue stress, and the manufacturing tolerances. The

hydrostructural solver was validated against experimental measurements for a cantilevered

aluminum NACA 0009 hydrofoil. Similar to the hydrodynamic shape optimization re-

sults presented in Chapter 4, the results show that the multipoint optimization is necessary

to obtain a design capable of performing well over the entire range of operating condi-

tions. The multipoint hydrostructural optimization yields a weighted average increase in

the lift-to-drag ratio of 8.5%, and an increased cavitation inception speed of 38%. The

hydrostructural optimal result is also compared to an equivalent hydrodynamic-only opti-

mization, and results show that hydrostructural optimization leads to a completely different

geometry. Only the hydrostructural optimized design satisfies the stress constraint up to

the highest expected loading condition, highlighting the need for coupled hydrostructural

optimization. In Chapter 6, the improvement in the hydroelastic performance and the cav-

itation performance of the multipoint optimized hydrofoil was validated experimentally.

The experimental and numerical results show that the multipoint optimization leads to an

overall increase in the lift-to-drag ratio of 29%, with improved cavitation performance.

In Chapter 7, we presented numerical and experimental studies to understand the ef-

fects of load-dependent bend-twist coupling on the steady-state hydroelastic and cavitation

response of three composite hydrofoils. The results show that the material bend-twist cou-

pling, caused by the structural CFRP layers oriented away from the spanwise axis of the

hydrofoil, significantly affected the mode shapes and modal frequencies, as well as the hy-

droelastic response of the hydrofoils. For the stainless steel and the CFRP 00 hydrofoils

without material bend-twist coupling, the hydrodynamic moment caused the hydrofoils to

undergo a nose up twist because the center of pressure was upstream of the elastic axis.

The CFRP +30 hydrofoil with αBT > 0 (negative twist) experiences reduced hydrodynamic

load coefficients and delayed stall compared to the stainless steel hydrofoil, and the relative
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reduction in lift and moment coefficients increased with an increasing in Re and angle of

attack. The CFRP -30 hydrofoil with αBT < 0 (positive twist) experiences increased hydro-

dynamic load coefficients and accelerated stall compared to the stainless steel hydrofoil,

and the relative increase in lift and moment coefficients increased with increasing Re and

angle of attack. The two degree-of-freedom (2-DOF) fluid structure interaction model was

able to predict the steady-state load-dependent bend-twist coupling behavior and hydroelas-

tic performance of all three composite hydrofoils. The 2-DOF model predicts accelerated

stall for hydrofoils with nose up twist (CFRP -30, αBT < 0) and delayed static divergence

for hydrofoils with nose down twist (CFRP +30, αBT > 0) for positive lift condition. The

preliminary cavitation results show that the cavitation inception for the CFRP -30 hydro-

foil occurs at a higher cavitation number (i.e., lower cavitation inception speed), and for the

CFRP +30 hydrofoil at a lower cavitation number (i.e., higher cavitation inception speed),

as compared to the rigid stainless steel hydrofoil. Similarly, relative to the stainless steel

hydrofoil, CFRP -30 experiences longer cavity length, and CFRP +30 experiences shorter

cavity length. The cavity length or the hydrodynamic load variation for the three hydrofoils

can be collapsed into a single line by using the effective angle of attack (or the effective

cavitation number). The results also show that the stainless steel, CFRP +30, and CFRP

-30 hydrofoils display the most energetic lock-in behavior at the similar range of low cavi-

tation number and frequency, illustrating the dominance of global shedding dynamics over

bend-twist coupling effects.

In Chapter 8, we take the first step towards the high-fidelity hydrostructural optimiza-

tion of composite hydrofoils by extending our high-fidelity structural solver to simulate

the performance of anisotropic composite hydrofoils. We verified our structural solver for

a range of unidirectional fiber angles for modal characteristics (i.e., frequency and mode

shapes), static stresses and deformations, using a commercial structural solver, Abaqus. We

also verified the modal characteristics and influence of material-based bend-twist coupling

on the load-dependent deformation response of the NACA 0009 hydrofoil presented in the
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previous chapter.

In summary, this thesis developed a state-of-the-art hydrostructural design optimiza-

tion methodology capable of handling a large number of design variables. The design

optimization methodology is capable of performing coupled multipoint hydrostructural op-

timizations with around 200 design variables overnight using 1,000 processors. With such

a short design cycle, the proposed approach has the potential to revolutionize the design

of the next generation of advanced hydrofoils and marine propulsors. The improvements

in the optimized design were also confirmed experimentally. Additionally, we helped ad-

vance the understanding of the impact of load-dependent bend-twist coupling and on the

steady-state hydroelastic performance, stall behavior, modal characteristics, static diver-

gence boundary, and the cavitation response of adaptive composite hydrofoils. Lastly, we

extended our high-fidelity FSI solver to solve for unidirectional anisotropic solid elements

as the first step to develop a high-fidelity hydrostructural solver to analyze, design, and

optimize the next generation adaptive composite marine propulsors.

9.2 Thesis Contributions

The results and the optimization approach presented in this thesis represent the current

state-of-the-art in high-fidelity gradient based multipoint hydrostructural shape optimiza-

tion. The main contributions of the thesis are as follows:

1. Adapted a state-of-the-art coupled high-fidelity aerostructural design optimization

tool to solve for coupled hydrostructural applications, with a large number of design

variables and constraints on cavitation inception, aggregated von Mises stress, and

manufacturing tolerances, over a wide range of operating conditions.

2. Developed a constraint on the cavitation inception.

3. Extended structural solver (TACS) to include solid elements, instead of just shell
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elements.

4. Validated the hydroelastic and cavitation performance improvement of an optimized

hydrofoil with experimental measurements via collaborations with Australian Mar-

itime College, Tasmania and Defense Science and Technology Group, Australia.

5. Presented a combined experimental and numerical study to improve the understand-

ing of the governing physics behind load-dependent bend-twist coupling of adaptive

composite hydrofoils.

6. Extended the high-fidelity FSI solver to simulate the performance of unidirectional

anisotropic composite hydrofoils.

The above-mentioned contributions enable multipoint optimization of hydrodynamic

performance for hydrofoils and marine propulsors with respect to shape and material con-

figuration while enforcing design constraints on cavitation inception, fatigue stress, and

manufacturing tolerances. The state-of-the-art efficient high-fidelity hydrostructural de-

sign optimization tool can be used for improving the performance of existing designs, and

exploring new concepts. The thesis also presents the first experimental validation of the

numerically optimized hydrofoil and thus, validates the effectiveness of the numerical op-

timization for future applications.

The thesis helps in advancing the understanding of the impact of load-dependent bend-

twist coupling on the performance of adaptive composite hydrofoils. With the extension

of the solver to predict the performance of the unidirectional anisotropic composite hydro-

foils, the high-fidelity hydrostructural solver has the potential to play an important role in

exploring and designing the next generation adaptive composite marine propulsors.
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9.3 Recommendations

Throughout the thesis, several research directions have been identified to further im-

prove the state-of-the-art of high-fidelity hydrostructural shape optimization of metallic

and composite marine propulsors.

1. Preliminary experimental investigation showed improved cavitation performance for

the optimized hydrofoil. However, further experiments are needed to quantify the

improvement in cavitation performance of the optimized hydrofoil.

2. Further experiments should be carried out to improve the understanding of the impact

of bend-twist coupling on the cavitating performance of adaptive composite hydro-

foils.

3. In terms of the applications of the state-of-the-art hydrostructural design optimization

tool, further improvements can be made to include more realistic operational profiles.

4. After understanding the impact of inherent material bend-twist coupling on the hy-

droelastic and cavitation performance, next step will be to conduct the high-fidelity

hydrostructural optimization of a composite hydrofoil. For hydrostructural optimiza-

tion of adaptive composite hydrofoils, design variables need to be developed for fiber

angle and material failure criterion.

5. The hydrofoils for Moth class sailing boats can be designed using the new high-

fidelity hydrostructural optimization tool for the composite hydrofoils. Optimizing

the hydrofoil for these boats will provide a real-world multipoint optimization prob-

lem.

6. Finally, a state-of-the-art hydrostructural design optimization tool presented in this

thesis can be used to conduct high-fidelity optimization for rotating marine pro-

pellers.
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Espoo, Finland, June, 2017.

205



[123] J. E. V. Peter and R. P. Dwight. Numerical sensitivity analysis for aerodynamic op-
timization: A survey of approaches. Computers and Fluids, 39(3):373–391, March
2010.

[124] A. W. Phillips, R. Cairns, C. Davis, P. Norman, P. A. Brandner, B. W. Pearce, and
Y. L. Young. Effect of material design parameters on the forced vibration response
of composite hydrofoils in air and in water. In Fifth International Symposium on
Marine Propulsors, Espoo, Finland, June 2017.

[125] A. W. Phillips, A. Nanayakkara, R . Cairns, N .St John, M. T. Herath, G. A. Zarruk,
and P. A. Brandner. Effect of material anisotropy on the structural response of flexi-
ble composite hydrofoils. In SAMPE Baltimore 2015, pages 1–14, 2015.

[126] M. Plucinski, Y. Young, and Z. Liu. Optimization of a self-twisting composite
marine propeller using a genetic algorithms. In Proceedings of 16th International
Conference on Composite Materials, Kyoto, Japan, 2007.

[127] N. M. K. Poon and J. R. R. A. Martins. An adaptive approach to constraint
aggregation using adjoint sensitivity analysis. Structural and Multidisciplinary
Optimization, 34(1):61–73, July 2007.

[128] M. S. Selig, J. J. Guglielmo, A. P. Broeren, and P. Giguere. Experiments on airfoils
at low Reynolds numbers. AIAA Paper, 62, 1996.

[129] R. D. B. Sevenois and W. Van Paepegem. Faitgue damage modeling techniques for
textile composites: Review and comparison with unidirectional composite modeling
techniques. Applied Mechanics Reviews, 67:1–12, 2015.

[130] Y. T. Shen and R. Eppler. Wing sections for hydrofoils–Part 2: Nonsymmetrical
profiles. Journal of ship research, 25(3):191–200, 1981.

[131] P. Spalart and S. Allmaras. A one-equation turbulence model for aerodynamic flows.
In 30th Aerospace Sciences Meeting and Exhibit, 1992.

[132] W. Sutherland. Lii. the viscosity of gases and molecular force. The
London, Edinburgh, and Dublin Philosophical Magazine and Journal of Science,
36(223):507–531, 1893.

[133] S.W. Tsai and E.M. Wu. A general theory of strength for anisotropic materials.
Journal of Composite Materials, 5:58–80, 1971.

[134] M. P. Tulin. Steady two-dimensional cavity flows about slender bodies. Technical
Report 834, David Taylor Model Basin., 1953.

[135] E. Turkel. Preconditioned methods for solving the incompressible and low speed
compressible equations. Journal of computational physics, 72(2):277–298, 1987.

[136] E. Turkel, R. Radespiel, and N. Kroll. Assessment of preconditioning methods for
multidimensional aerodynamics. Computer and Fluids, 26(6):613–634, 1997.

206



[137] E. van der Weide, G. Kalitzin, J. Schluter, and J. J. Alonso. Unsteady turbomachinery
computations using massively parallel platforms. In Proceedings of the 44th AIAA
Aerospace Sciences Meeting and Exhibit, Reno, NV, 2006. AIAA 2006-0421.

[138] B. Van Leer, W. T. Lee, and P. L. Roe. Characteristic time-stepping or local precon-
ditioning of the euler equations. 10th Computational Fluid Dynamics Conference,
1:260–282, 1991.

[139] P. Veers, G. Bir, and D. Lobitz. Aeroelastic tailoring in wind-turbine blade ap-
plications. In Windpower ’98, American Wind Energy Association Meeting and
Exhibition, pages 291–304, Bakersfield, California, 1998.

[140] S. Venkateswaran and C. Merkle. Dual time-stepping and preconditioning for un-
steady computations. In 33rd Aerospace Sciences Meeting and Exhibit, page 78,
1995.

[141] W. Wilson, J. Gorski, M. Kandasamy, He Takai, T., F. W., Stern, and Y. Tahara.
Hydrodynamic shape optimization for naval vehicles. High Performance Computing
Modernization Program Users Group Conference (HPCMP-UGC), pages 161–168,
2010.

[142] G. A. Wrenn. An indirect method for numerical optimization using the
Kreisselmeier–Steinhauser function. Technical Report CR-4220, NASA, 1989.

[143] T. Yamane and P. P. Friedmann. Aeroelastic tailoring analysis for preliminary design
of advanced propellers with composite blades. Journal of aircraft, 30(1):119–126,
1993.

[144] Y. L. Young. Fluid–structure interaction analysis of flexible composite marine pro-
pellers. Journal of Fluids and Structures, 24(6):799–818, 2008.

[145] Y. L. Young, J. W. Baker, and M. R. Motley. Reliability-based design and optimiza-
tion of adaptive marine structures. Composite structures, 92(2):244–253, 2010.

[146] Y. L. Young, N. Garg, P. A. Brandner, B. W. Pearce, D. B. Butler, D. Clarke,
and A. W. Phillips. Load-dependent bend-twist coupling effects on the steady-
state hydroelastic response of composite hydrofoils. Composite Structures,
Under preparation.

[147] Y. L. Young, M. R. Motley, R. Barber, E. J. Chae, and N. Garg. Adaptive compos-
ite marine propulsors and turbines: Progress and challenges. Applied Mechanics
Reviews, 68(6):060803, 2016.

[148] Y. L. Young, M. R. Motley, and R. W. Yeung. Three-dimensional numerical model-
ing of the transient fluid-structural interaction response of tidal turbines. Journal of
Offshore Mechanics and Arctic Engineering, 132(1):011101, 2010.

[149] Y.L. Young. Time-dependent hydroelastic analysis of cavitating propulsors. Journal
of Fluids and Structures, 23:269–295, 2007.

207



[150] Y.L. Young. Fluid-structure interaction analysis of flexible composite marine pro-
pellers. Journal of Fluids and Structures, 24:799–818, 2008.

[151] Y.L. Young, C.M. Harwood, F.M. Montero, J.C. Ward, and S.L. Ceccio. Ventilation
of lifting bodies: Review of the physics and discussion of scaling effects. Applied
Mechanics Review, 69(1):010801, 2017.

[152] YL Young, TJ Michael, M Seaver, and ST Trickey. Numerical and experimen-
tal investigations of composite marine propellers. In 26th symposium on naval
hydrodynamics, 2006.

[153] Y.L. Young and M.R. Motley. Rate-dependent hydroelastic response of self-adaptive
composite propellers in fully wetted and cavitating flows. In Proceedings of the 7th
International Symposium on Cavitation (CAV2009), 2009.

[154] Y.L. Young, M.R. Motley, and R.W. Yeung. Three-dimensional numerical model-
ing of the transient fluid-structure interaction response of tidal turbines. Journal of
Offshore Mechanics and Arctic Engineering, 132:011101, 2010.

[155] G.A. Zarruk, P.A. Brandner, B.W. Pearce, and A. W. Phillips. Experimental study
of the steady fluid-structure interaction of flexible hydrofoils. Journal of Fluids and
Structure, 51:326–343, 2014.

[156] Z. B. ZENG and G. Kuiper. Blade section design of marine propellers with maxi-
mum cavitation inception speed. Journal of Hydrodynamics, 24(1):65–75, 2011.

208


	Acknowledgments
	Table of Contents
	List of Figures
	List of Tables
	List of Abbreviations
	List of Symbols
	Abstract
	Introduction
	Motivation
	Hydrostructural Optimization of Marine Propulsors
	Cavitation Constraint, Large Number of Design Variables, and High-fidelity
	Coupled Hydrostructural Optimization
	Multipoint Optimization

	Effects of Load-dependent Bend-Twist Coupling on the Performance of Composite Hydrofoils
	Challenges and Benefits of Composites
	Previous Experimental and Numerical Studies

	Thesis Objectives
	Thesis Outline

	Hydrostructural Design Optimization Framework
	CFD Solver
	Convergence Behavior of the Low-Speed Preconditioner Solver

	Structural Solver
	Fluid-Structure Coupling Algorithm
	Geometry Perturbation Algorithm
	Optimization Algorithm
	Adjoint Gradient Computation
	Cavitation Constraint
	Cavitation Inception Speed


	Experimental Setup and Techniques
	Experimental Facility
	Hydrofoil Setup
	Maximum Allowable Loads for the Hydrofoils
	Experimental Techniques
	Bend and Twist Deflection Measurements

	Hydrodynamic Optimization of a Hydrofoil
	Validation and Formulation
	Model Setup
	Accuracy of the ADflow
	CFD Grid Convergence Study
	Optimization Problem Formulation

	Results
	Effect of Number of Design Variables
	Importance of Considering Viscous Effects
	Single-Point Hydrodynamic Shape Optimization
	Comparison of Multipoint Optimization and Single-point Optimization

	Conclusions

	Hydrostructural Optimization of an  Aluminum Hydrofoil
	Baseline Hydrofoil Model
	Fluid Model
	Structural Model

	Validation and Formulation
	Experimental Setup
	Natural Frequency Validation
	Hydrostructural Solver Validation
	Grid Convergence Study
	Fluid Grid Convergence Study
	Structural Grid Convergence Study

	Optimization Problem Formulation

	Results
	Single-point Hydrostructural Optimization
	Multipoint Hydrostructural Optimization
	Multipoint Hydrostructural versus Multipoint Hydrodynamic Optimization
	Optimization of a Morphing Hydrofoil
	Performance Comparison between Morphing and Fixed Geometry Designs

	Conclusions

	Experimental Testing of the Optimized  Aluminum Hydrofoil
	Experimental Setup and Techniques
	Optimized Hydrofoil Manufactured by DSTG
	Bending Deflection Measurements

	Results
	Comparison of Hydrodynamic Coefficients
	Cavitation Performance Comparison

	Conclusions

	Bend-Twist Coupling Effects in  Composite Hydrofoils
	Experimental Setup and Techniques
	Composite Hydrofoil Construction
	Bend and Twist Deflection Measurements

	Modal Characteristics
	Steady-state 2-DOF FSI Model Formulation
	Results
	Experimental Measurements
	Hydrodynamic Load Coefficients
	Efficiency and Lift Capacity
	Stall Angle and Post-stall Behavior

	Steady-state 2-DOF FSI Model Predictions
	Static Divergence Analysis
	Cavitation Performance
	Definitions and Numerical Model
	Cavity Length
	Forces
	Lift Spectra


	Conclusions

	Towards Hydrostructural Optimization of  Composite Hydrofoils
	Anisotropic Solid Element Formulation
	Validation Study
	Structural Model
	Grid Convergence Study
	Validation of the Natural Frequency Predictions
	Static Deformation and Stress Verification Study

	Comparison of Predicted and Measured Modal Characteristics of Composite Hydrofoils
	Hydrostructural Analysis of Composite Hydrofoils
	Conclusions

	Final Remarks
	Overall Conclusions
	Thesis Contributions
	Recommendations

	Bibliography

