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ABSTRACT

Reducing the environmental impact of aviation is driving civil transport aircraft designs toward
longer, high-aspect-ratio wings with higher aerodynamic efficiency. However, high-aspect-ratio-
wing configurations show increased structural flexibility compared to contemporary, stiffer and
lower aspect-ratio-wing ones. This increased wing flexibility causes higher loads and degrades
maneuverability. These issues require novel solutions to guarantee load alleviation and maneuver-
ability while maintaining pilot and passenger ride comfort.

This work explores conventional and unconventional control effectors such as distributed
trailing- and leading-edge control surfaces and flared folding wingtips for improving load allevia-
tion and maneuverability of very flexible, transonic high-aspect-ratio-wing aircraft representative
of a potential future civil transport configuration. The impact on aircraft ride qualities during gust
encounters is also investigated. The studies utilize a coupled nonlinear aeroelastic-flight dynamics
framework (UM/NAST) that can model different control effectors. It was enhanced in this work
with the capability of modeling flared folding wingtips and evaluating an acceleration-based ride
quality metric among other things.

A spanwise placement study of trailing- and leading-edge control surfaces showed that ailerons
of high-aspect-ratio-wing aircraft should be placed at a more inboard location relative to the wing
span than in aircraft with typical aspect ratios to provide adequate roll maneuverability. The study
showed that the peak of control-surface effectiveness along with the wing span moves inboard (and
decreases in value) for higher wing aspect ratios. The simulations showed that inboard leading-
edge control surfaces are ineffective compared with trailing-edge control surfaces at the same
spanwise locations; however, outboard leading-edge control surfaces provide higher load allevi-
ation capability than their trailing-edge counterparts while avoiding control reversal. Releasing
flared folding wingtips while deploying control surfaces alleviate loads with no significant impact
on roll maneuverability at flight conditions where aeroelastic effects are moderate. However, it
causes higher loads and degrades roll maneuverability in the presence of strong wash-out effects
at higher dynamic pressure conditions or with increased wing flexibility. Increasing wing stiffness
improves flared folding wingtips’ load alleviation performance and their ability to enhance roll ma-
neuverability. The results also showed that these devices degrade ride quality due to their flapping-
induced vibrations. However, this negative impact is smaller than the ride quality enhancements

xv



resulting from higher wing flexibility. Therefore, the ride qualities of high-aspect-ratio-wing air-
craft with released flared folding wingtips remain higher than for stiffer configurations with a typi-
cal wing aspect ratio. Finally, these results demonstrated the importance of considering the impact
of wing flexibility when exploring different control effectors for enhancing roll maneuverability
and/or explore load alleviation.
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CHAPTER 1

Introduction

This chapter begins by describing the motivation of the dissertation. A literature review in the area
of maneuverability, load alleviation, and ride qualities of transonic high-aspect-ratio-wing aircraft
is presented in Sec. 1.2. Based on the gaps identified in the literature, the dissertation’s objectives
are defined in Sec. 1.3, followed by an outline of the dissertation in Sec. 1.4.

1.1 Motivation

The civil transport aircraft has come a long way from the first jet-powered civil transport airliner,
the de Havilland Comet that took flight in 1952 (Fig. 1.1a). Today’s aircraft have much longer
range, maximum speeds and capacity while being significantly safer and efficient. This progress
has been made possible by decades of continuous research in the aerospace industry to meet the
ever increasing demand of air transportation. As air transportation becomes more accessible, this
demand is going to accelerate over the next few decades. Estimates show that there will be more
than 10 billion passengers flying each year by 2050, compared to the 4.5 billion people flying
annually in 2022 [1]. There has been an industry-wide push toward developing highly fuel efficient
designs to cater to this growing demand.

Despite the improvement in the efficiency of the transport aircraft over the years, their envi-
ronmental impact continue to increase. Sustainability and lower environmental impact are critical
challenges for the future growth of the aviation industry. Although the contribution of civil aviation
to global emissions remains less than 3%, the environmental impact is substantial due to the na-
ture of emissions at higher altitudes. The contribution to global emissions is projected to increase
rapidly by 2050 if disruptive changes in aircraft design and operations are not incorporated.

The highly ambitious goal of achieving sustainable civil aviation by 2050 has been put
forward by different organizations including the Federal Aviation Administration (FAA) [6]
and International Civil Aviation Organization (ICAO) [1]. Airbus is developing ZEROe [5] air-
craft with hydrogen propulsion to help achieve their goal of flying a zero-emission civil transport
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(a) de Havilland Comet: First jet powered civil
transport aircraft [2]

(b) A380: Current civil transport aircraft [3]

(c) NASA Sugar: Future HARW civil transport
aircraft concept [4]

(d) Airbus ZEROe: Future HARW civil trans-
port aircraft concept [5]

Figure 1.1: Evolution of civil transport aircraft.
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aircraft by 2035. Civil aviation could reduce its environmental impact by [6]:

• Shifting to a cleaner propulsion system with alternative fuels

• Shifting towards efficient aircraft designs

Innovations are required in every area to reduce the environmental impact of civil aviation. Im-
proving the airframe efficiency or fuel burn requires the design of future civil transport aircraft
to reduce the drag and weight of the airframe. This results in a high-aspect-ratio-wing (HARW)
aircraft with lower induced drag and a very flexible aircraft (VFA) due to lower weight fraction.
Therefore, there is a shift towards next-generation civil transport aircraft with very flexible HARWs
(see Figs. 1.1c and 1.1d).

However, the shift to very flexible HARW aircraft brings new challenges in terms of their de-
sign, simulation, and control. As wings becomes longer and flexible, they exhibit larger aeroelastic
deflections resulting in a geometrically nonlinear behaviors. They also exhibit low-frequency nat-
ural vibration modes, which result in the aircaft aeroelastic response being tightly coupled with
flight dynamics and influenced by nonlinear effects [7]. This requires design tools that can capture
the coupled nonlinear aeroelastic-flight dynamics behavior of very flexible HARW aircraft.

A longer wingspan will also have operational challenges due to current airport gate constraints
and the required distance to be maintained during taxing. The A380 [3] with its 80 m wingspan,
can operate out of limited airports around the world. Recently, B777 [8] with a wingspan of 72
m incorporated a folding wingtip to allow operating from all the major airports by reducing its
wingspan by 6 m.

Additionally, the increased wing flexibility causes higher loads, degrades maneuverability, and
impacts the ride and handling qualities. Future aircraft configurations with very flexible HARWs
may use novel solutions based on unconventional control effectors, such as leading-edge control
surfaces and folding wingtips to guarantee load alleviation and maneuverability.

This work focuses on analyzing the maneuverability, load alleviation, and ride qualities of very
flexible HARW aircraft representing a potential future civil transport configuration. Computa-
tional investigations are conducted utilizing trailing- and leading-edge control surfaces and folding
wingtips within a coupled nonlinear aeroelastic-flight dynamics framework.

1.2 Literature Review

This section summarizes previous work addressing some of the critical challenges in transonic
HARW aircraft related to load alleviation (1.2.1), roll maneuverability(1.2.2), and ride qualities
(1.2.3). While several potential solutions have been studied to address these issues in the literature,
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Cruise
Load alleviation

Figure 1.2: Redistribution of lift during load alleviation.

this section describes previous studies utilizing conventional control effectors like trailing-edge
control surfaces and unconventional control effectors like leading-edge control surfaces and flared
folding wingtips. Finally, Sec.1.3 summarizes the open questions in the literature, to introduce the
research objectives of this work.

1.2.1 Load Alleviation

The structural sizing of an aircraft is based on the worst load case scenario resulting from its
response during either a maneuver or a gust disturbance. Higher operating loads are expected
with very flexible HARW configurations due to higher deflections. Reducing loads in very flex-
ible HARW aircraft will enable weight savings with the ultimate consequence of lowering fuel
consumption. Additionally, load alleviation also helps increase the life-cycle of an aircraft by mit-
igating structural fatigue. The basic idea of any load alleviation system is to change the shape of
the wing to shift the loads inboard (see Fig. 1.2). A load alleviation system can be either active or
passive. Passive load alleviation strategies are primarily based on aeroelastic tailoring, which helps
change the wing’s shape favorably under a given load. The review paper by Jutte and Stanford [9]
provides a detailed overview of the investigations related to passive aeroelastic tailoring with an
emphasis on civil transport aircraft.

Current civil transport aircraft typically use an active load alleviation system that involves de-
ploying trailing-edge control surfaces for gust and maneuver load alleviation. The review paper
by Regan and Jutte [10] provides a detailed summary of the active load alleviation systems in the
current civil transport aircraft. Most load alleviation systems use existing control effectors such
as ailerons, spoilers, and elevators. Such load alleviation systems offer advantages in terms of
easier deployment without any changes to the structural design. However, with increasing wing
flexibility, wash-out effects reduce the effectiveness of these devices and may even result in control
reversal [11].
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Therefore, future aircraft configurations with very flexible, HARWs may use novel load al-
leviation solutions based on unconventional control effectors. Several studies have investigated
different control effectors such as distributed trailing-edge control surfaces, leading-edge control
surfaces, and flared folding wingtips.

The loss of effectiveness and control reversal of trailing-edge control surfaces in flexible wings
have motivated studies in the area of distributed trailing-edge or leading-edge control surfaces.
Several optimization studies have investigated distributed trailing-edge control surfaces as load
alleviation devices [12, 13, 14, 15, 16]. These studies consider a variable camber continuous
trailing-edge flaps (VCCTEF) concept, which utilizes multiple control surfaces along the wingspan
that can be deployed together to achieve load alleviation. The studies showed that the optimizer
deflects different control surfaces for maneuver load alleviation (MLA) compared with gust load
alleviation (GLA). The Common Research Model (CRM) was considered with an aspect ratio of
nine under transonic aerodynamic loading. A series of studies [17, 18, 19] have also experimentally
tested a scaled model of the CRM wing with a VCCTEF concept for GLA. The studies were
limited to a flexible wing (the model’s first bending frequency was 2.2 Hz). In a follow-up study,
the high-aspect-ratio variant of the CRM was considered in the MLA and GLA investigations
by Stanford [20]. However, all the numerical studies considered an isolated root-clamped wing
analyzed by means of a linear structural solver.

Besides the studies involving VCCTEF or other similar concepts, Breuker et al. [21] investi-
gated the trade-off between utilizing trailing-edge control surfaces for active gust load and varying
bending-twist coupling for passive load alleviation. They considered a regular-aspect ratio wing
test case simulated using a linear structural analysis. Their studies show that a higher load al-
leviation was achieved with the combination of both techniques since passive tailoring can help
increase control effectiveness. Pusch et al. [22] optimized the aileron layout for alleviating gust
loads of a flexible aircraft. Krupa et al. [23, 24] investigated the impact of combined deflections of
distributed trailing-edge control surfaces and passive wingbox tailoring through optimization of a
composite wing for reducing weight and maneuver load alleviation.

Several studies have also investigated leading-edge control surfaces as load alleviation devices.
A few studies investigated their load alleviation performance experimentally [25, 26, 27, 28].
Woods et al. [25] demonstrated active maneuver load alleviation using a combination of leading-
and trailing-edge control surfaces on a flexible wing wind-tunnel model. Oremland et al. [28]
numerically investigated the benefits of deploying leading- and training-edge control surfaces for
flutter suppression and gust load alleviation. However, most of these investigations were conducted
at low speeds and did not consider a HARW. Following studies considered transonic aerodynamics
in their analyses. Klug et al. [29] studied actuator concepts, including leading-edge control sur-
faces for gust load alleviation. Their results showed that leading-edge control surfaces help reduce
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Figure 1.3: Folding wingtip with hinge flare angle Λ.

torsion moments. Recently, Ullah et al. [30, 31] demonstrated gust-induced wing root bending and
torsion moment alleviation by actuating leading- and trailing-edge control surfaces. The trailing-
edge control surfaces were deployed to reduce the bending moment, while the leading-edge control
surfaces were deployed to reduce the torsion moment. They investigated the impact of both steady
and dynamic flap deflections. While their simulations considered transonic flight conditions, the
aircraft model and the flexibility levels were not representative of a very flexible transonic HARW
aircraft. This allowed the deployment of outboard trailing- and leading-edge control surfaces for
load alleviation without exhibiting loss of effectiveness or reversal.

Future civil transport aircraft with HARWs also drive new interest in folding wingtips. These
devices enhance aerodynamic efficiency by increasing wing aspect ratio in flight while meeting
airport constraints on the ground—a capability leveraged in novel designs such as the NASA Sugar
concept [32] and the Boeing-777-X [8].

Several different types of folding wingtip devices have been studied in the past. Mastracci et
al. [33] provide a detailed review of different wingtip devices in their study. One such folding
wingtip device that has been studied for load alleviation is the flared folding wingtip (FFWT).
Previous work [34, 35, 36, 37] studied the load alleviation benefits of FFWTs where the hinge
line is not parallel to the oncoming flow (see Fig. 1.3). The angle between the hinge line and the
incoming flow is the flare angle denoted by Λ as shown in Fig. 1.3. For a hinge rotated outboard of
the incoming flow, a reduction in the local angle of attack outboard of the hinge is introduced for
an upward rotation of the wingtip (see θH in Fig. 1.3). This effect reduces the bending moment by
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unloading the wingtip. For a hinge with zero stiffness, no bending loads are transmitted through
the hinge, which helps in alleviating loads at the wing root. The load alleviation mechanism of
FFWTs can also be explained by the following equation [34]:

∆α = − arctan(sinΛ tan θH), (1.1)

where ∆α is the change in the local angle of attack, a positive value of flare angle Λ signifies the
rotation of the hinge line outboard. A positive value of hinge rotation θH represents an upwards
rotation of the wingtip.

FFWTs are passive load alleviation devices since their motion is not controlled by an actuator
but by a balance of loads. These devices can be locked during the cruise and released through a
dedicated mechanism during a gust or maneuver. Once released, FFWTs are free to rotate about
the hinge, and their rotation is determined by the balance of loads acting outboard of the hinge.
These devices are also called semi-aeroelastic hinge (SAH) [38].

Castrichini et al. [34, 35, 36] conducted parametric studies for different wingtip parameters
through static and dynamic analysis in a test case representative of a flexible civil transport aircraft.
The studies showed that these devices could enable an increase in wingspan without any significant
increase in load. Later, Castrichini et al. [39] studied gust load alleviation using FFWTs with
nonlinear hinge springs. They observed that delaying the release of the FFWTs can significantly
impact their load alleviation performance. However, these studies did not consider geometric
nonlinearities and were also limited to a flexible wing.

These devices have also been evaluated through flight and wind tunnel tests. Wilson et
al. [40, 41, 42] evaluated these devices experimentally in the AlbatrossONE Semi Aeroelastic
Hinge (SAH) small-scale demonstrator. Flight tests confirmed the load alleviation induced by the
folding wingtips and verified their stability in flight. Cheung et al. [43, 44] conducted several wind-
tunnel tests on a straight HARW with a FFWT, showing a 6–11% reduction in wing root bending
moment. They evaluated the impact of different flare angles and compared the experimental results
against numerical simulations. Their static wind tunnel tests showed that the free hinge reduced the
rolling moment due to the reduction in bending moment. Later, they also investigated the impact
of a trailing-edge control surface on the wingtip that can be actuated to control the behavior of the
FFWTs [45, 46].

Gu et al. [47] implemented a preliminary sizing framework for aircraft with FFWTs. They con-
sidered a beam model with the double lattice method (DLM). They conducted the sizing process
for several models with varying aspect ratios and wingtip lengths. A 40% reduction in aircraft
weight was observed due to the load alleviation benefits of the FFWTs.

Some previous studies [48, 49] also investigated these devices through high-fidelity static
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Aerodynamic cross-section

Figure 1.4: Washout effects in aft-swept wings.

aerostructural solutions. Delavenne et al. [49] investigated the effect of wingtip hinge line span-
wise location and flare angle on drag and wing root bending moment of a HARW. However, most
studies have utilized a beam model in their investigations.

While those studies highlighted the potential load alleviation advantages of FFWTs, they con-
sidered a linear aeroelastic model in their investigations. Recently Conti et al. [50], and Mastracci
et al. [33] presented a nonlinear dynamic multibody formulation to incorporate the nonlinear ef-
fects due to large rotations of the wingtip. The aerodynamic forces were modeled as follower
forces in their formulation. Their model consists of a rigid wingtip connected to the flexible main
airframe. However, the main frame was modeled as a linear structure. Healey et al. [51] also
implemented a formulation to capture the geometrically nonlinear effects due to the wingtip rota-
tion, which was verified through numerical and wind tunnel experiments. Their numerical studies
considered a linearized model about the deformed state of the wing deployed with a FFWT.

1.2.2 Roll Maneuverability

Loss of control-surface effectiveness and reversal are well known aeroelastic phenomena affect-
ing flexible aircraft wings [11, 52]. Additionally, civil transport aircraft have significant afterward
wing sweep angles because of their transonic cruise conditions. This causes strong wash-out ef-
fects where wing aerodynamic cross-sections twist down (up) in the presence of upward (down-
ward) out-of-plane bending displacements (see Fig. 1.4). Wash-out effects contrast the change in
lift commended by aileron inputs, so reducing control effectiveness and causing slower roll ma-
neuvers [11, 52]. While these issues are well known, they will be exacerbated in future HARW
configurations due to their higher flexibility and larger aeroelastic deflections, making it challeng-
ing to meet roll capability certification requirements [53, 54]. Therefore, it is critical to investigate
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the impact of HARWs on aircraft roll maneuverability.
Several different strategies have been studied for improving roll maneuverability. Passive and

active aeroelastic tailoring can improve aircraft roll maneuverability by alleviating wash-out ef-
fects. However, most previous studies investigated the impact of aeroelastic tailoring on load
alleviation or stability [55, 56, 57, 58, 59, 60]. Among the previous work in the area of active
aeroelastic tailoring for roll maneuverability, Chen et al. [61] studied the roll maneuverability ben-
efits of an adaptive variable-stiffness spar. Cesnik et al. [62] investigated piezoelectric actuation
embedded in high-aspect-ratio composite wings. Khot et al. [63] designed a flexible wing struc-
ture with enhanced roll performance using an internal actuation system. The design utilized wing
flexibility for performing roll maneuvers without using ailerons.

Previous work also investigated passive aeroelastic tailoring strategies to improve roll maneu-
verability. Most of these studies showed improvement in roll maneuverability by considering an
optimized composite wingbox. Gibson et al. [64] maximized the aileron control reversal speed of
a wingbox by reinforcing its upper skin using topology optimization. Kitson et al. [65] studied
the roll maneuverability of an optimized CRM [66] configuration with an aspect ratio of 13.5 [67].
They observed higher roll maneuverability when considering a tow-steered composite wingbox in
place of a more flexible metallic wingbox with the same aspect ratio

Few studies investigated the impact of aileron placement considering roll maneuverability.
Weisshaar et al. [11] studied the impact of aileron placement and sizing on lateral control. An-
derson et al. [68] investigated the effect of combining trailing- and leading-edge control surfaces
on a flexible rectangular wing test case. The results showed higher roll control authority by com-
bining the control surfaces. Cook et al. [69] compared the roll control effectiveness of ailerons on
a high-altitude long-endurance (HALE) unmanned air vehicle (UAV) with rectangular, very flexi-
ble wings. Their results showed that ailerons were in reversal at cruise, while spoilers had higher
maneuverability.

Maraniello and Palacios [70] provided insights regarding the impact of bending and torsional
flexibility on the roll maneuverability of very flexible wings through static and dynamic analy-
ses. Their results showed a 50% decrease in damping due to roll rate with increasing flexibility.
However, they considered a rectangular straight beam model and a single aileron layout.

The VCCTEF concept for load alleviation has also been investigated for improving roll maneu-
verability. Ting et al. [13] analyzed the VCCTEF control effectors for an aircraft with varying wing
flexibility. Through static aeroelastic analysis, they evaluated rolling moment derivatives and hinge
moments of the VCCTEF control effectors. Their studies showed that the hinge loads increased
with increasing wing flexibility. Dowell et al. [71] explored deploying leading- and training-edge
control surfaces for improving roll control effectiveness. They showed that deploying a leading-
edge control surface along with a trailing-edge control surface can help eliminate control reversal.
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Recently, FFWTs have also been investigated for improving roll maneuverability in HARW
aircraft by deploying them with ailerons. Dussart et al. [72] investigated the impact of FFWTs on
the roll response of a flexible aircraft. They evaluated both aileron effectiveness and roll damping
derivatives for a flexible and rigid swept wing. Castrichini et al. [73] evaluated the roll maneuver-
ability of aircraft equipped with these devices. They found that releasing FFWTs during maneuvers
enhances roll maneuverability due to a reduction in roll damping. Healy et al. [41] explored the
advantage of FFWTs for improving the roll maneuverability of a straight rectangular wing. Their
wind-tunnel experiments showed an improvement in the steady roll rate for the wing with FFWT
compared with a wing with the same span. William et al. [74] investigated the impact of a trailing-
edge control surface on FFWTs for improving roll maneuverability. They showed that higher roll
maneuverability could be achieved by deflecting the trailing-edge control surfaces on the wingtip.
However, since they considered a straight rectangular wing, the impact of washout effects remains
to be investigated for an outboard placed trailing-edge tab on a FFWT.

1.2.3 Ride Quality

Ride qualities measure passenger and pilot comfort while aircraft experience vibrations and ac-
celerations during flight. Assessing ride qualities is critical to ensure aircraft meet operational
requirements. Ensuring passenger comfort is also a requirement for load alleviation technology as
defined by the European Union Safety Agency [54]. It states that even though the priority of a gust
load alleviation system is to ensure structural integrity, the comfort of the passengers should not be
compromised.

Ride quality metrics are typically acceleration-based, and it is essential to consider both vertical
and lateral accelerations. There are limited studies in the literature dedicated to measuring the ride
qualities of civil transport aircraft because it is usually a proprietary information of an aircraft
manufacturer [10]. However, these metrics are primarily based on accelerations at different points
of the fuselage corresponding to passenger and pilot positions.

In the 1970’s, NASA [75, 76, 77] developed ride quality metrics to quantify passenger com-
fort. Leatherwood et al. [78] introduced a metric for evaluating passenger comfort as a function
of the fuselage’s vertical and lateral acceleration in the frequency domain. Since gust load al-
leviation and ride qualities are closely related, most of the studies in literature investigated the
combined impact of these two parameters in their work. Konig et al. [79] introduced a load allevi-
ation and ride quality smoothing system using an open-loop controller. Regan and Jutte [10] have
provided a review of the various gust load alleviation technologies and ride quality metric evalu-
ation studies in the literature. The International Organization for Standardization (ISO) provides
the standard ISO 2631-1 [80] to quantify human comfort levels exposed to vehicle vibrations. The
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MIL-STD-1472G [81], a military aircraft ride quality standard, is also based on the ISO-2631-1.
The ride quality metric based on ISO-2631-1 was used by Bizinos [82] and Okolo [83] to assess
passenger ride qualities due to wake surfing. Wang [84] proposed a control law for improving
ride comfort and alleviating loads during gust encounters using a ride quality metric introduced
by Jacobson [85]. This metric was based on vertical and lateral accelerations but considered a
quasi-rigid aircraft in their simulations. Khalil [86] studied the lateral ride qualities of sailplanes
by comparing the lateral acceleration’s power spectral density (PSD) for different modal damping
values. They found that increasing modal damping reduces the maximum lateral acceleration at
the pilot location. Hanson et al. [87] experimentally measured passenger comfort in a business
jet using the metric developed by Leatherwood [78]. This metric was used by Nguyen et al. [17]
and Hartwell et al. [88] to explore acceleration control to improve ride qualities in flexible aircraft.
Nguyen et al. [17] considered the NASA Generic Transport Model, a flexible wing transport air-
craft, to assess the impact of different flight controllers on improving ride quality. They measured
ride qualities for a single location inside the fuselage. Hartwell [88] analyzed the gust load allevia-
tion and ride qualities for a HARW CRM model at two locations on the fuselage. They investigated
the impact of a multi-objective flight controller. They found that it successfully alleviated loads
and improved ride comfort at the aircraft’s center of gravity location but increased discomfort at
the pilot’s location.

Recently, Krishnamurthy and Handajo [89] introduced a passenger ride quality metric based on
the vertical, lateral, angular roll, and angular pitch acceleration. They found that vertical accelera-
tion contributes the most to ride discomfort. The aircraft model considered had an aspect ratio of
9.
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1.3 Dissertation Objectives

This section describes the objectives of this dissertation which will contribute to addressing some
of the open questions in the literature related to maneuverability, load alleviation, and ride qualities
in very flexible, transonic HARW aircraft.

Section 1.2.2 provided an overview of the literature addressing the roll maneuverability of very
flexible, transonic HARW aircraft through trailing- and leading-edge control surfaces, aeroelas-
tic tailoring, and FFWTs. The impact of deploying trailing-edge control surfaces and aeroelastic
tailoring in a very flexible HARW has been investigated mostly through high-fidelity aeroelastic
optimization of clamped wingbox models. Most of these studies considered the distributed trailing-
edge or VCCTEF concept and focused on load alleviation. A better understanding of the impact
of the spanwise placement of control surfaces on roll maneuverability can provide valuable guide-
lines for optimization studies. Some studies investigated the dynamic roll response of a HARW
aircraft with trailing- and leading-edge control surfaces. However, they considered a straight rect-
angular wing or a single control surface layout. Finally, some recent studies have also explored
FFWTs for improving roll maneuverability in HARW aircraft. These studies provided insights
regarding the roll response of FFWTs but considered moderate aspect ratios and flexibility levels
that may not represent a very flexible, transonic HARW aircraft. Also, they did not consider fully
coupled nonlinear aeroelastic-flight dynamic analyses. These analyses are necessary for capturing
the behavior of very flexible HARW aircraft [7]. This limitation comes from the lack of computa-
tional frameworks to account for coupling effects among nonlinear structural dynamics, rigid-body
dynamics, and aerodynamics while considering FFWTs. These open questions motivate the first
research objective of this dissertation:

• Investigate questions regarding roll maneuverability in transonic HARW aircraft

– What is the impact of aileron placement on the static and dynamic roll response?

– What are the benefits and limitations of varying aileron placement versus tailoring the
wingbox for improving roll maneuverability?

– Can unconventional control effectors like leading-edge control surfaces and FFWTs
improve roll maneuverability?

* What is the best spanwise placement of a leading-edge control surface?

* What is the impact of deploying FFWTs with the different spanwise placement of
trailing- and leading-edge control surfaces?

The second research objective will address questions regarding maneuver and gust load allevi-
ation. Section 1.2.1 presented a summary of literature utilizing either trailing- and leading-edge
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control surfaces or FFWTs for load alleviation. Similar to roll maneuverability studies, most past
investigations were limited to optimization of a clamped HARW or moderate flexibility and regu-
lar aspect-ratio wings. Regarding FFWTs, several investigations have studied their load alleviation
benefits. However, the load alleviation performance of FFWTs has not been investigated for a
very flexible transonic HARW aircraft, especially at higher dynamic pressure conditions where the
impact of aeroelastic effects is stronger. Few recent studies have incorporated the geometric non-
linearities due to the wingtip rotation but considered a linear model for the main airframe. Based
on the above gaps in the literature, the second objective of the dissertation is to:

• Investigate questions regarding load alleviation in transonic HARW aircraft

– Can unconventional control effectors like leading-edge control surfaces and FFWTs
improve load alleviation?

– What is the impact of the wing flexibility on the maneuver and gust load alleviation
performance of FFWTs?

– What is the impact of considering different flight conditions on the load alleviation
performance of FFWTs?

The third research objective will focus on analyzing the ride qualities of transonic HARW air-
craft during a gust disturbance. Based on the literature review in Sec. 1.2.3, to the author’s best
knowledge, there is no previous work that has investigated the impact of ride qualities in a HARW
civil transport aircraft compared to the current regular aspect-ratio aircraft. As aircraft designs
move to higher-aspect-ratio and lower structural weight wings, resulting in very flexible structures,
assessing ride qualities earlier in the design process becomes critical. It is also essential to investi-
gate the impact of the novel gust load alleviation devices that are being considered in such aircraft.
The effect of FFWTs on ride qualities has not been studied. This motivates the third objective of
the dissertation:

• Investigate questions regarding ride qualities of transonic HARW aircraft

– How does wing flexibility impact ride qualities?

– How do FFWTs impact ride qualities?

The three objectives of the dissertation will be addressed by roll and gust response analyses.
Since the studies focus on capturing the behavior of a very flexible HARW aircraft, this work
will also highlight the impact of geometrically nonlinear effects on the roll and gust response.
This includes isolating the impact of linear vs. nonlinear kinematics and the impact of modeling
aerodynamic loads as follower or non-follower forces. The shortening effects are not captured by
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linear kinematics while the non-follower forces do not consider the change in the orientation of the
aerodynamic loads as the wing deflects.

To investigate the objectives of this dissertation, this work considers:
Computational framework with the ability to model and simulate flexible and very flexible

aircraft in free flight considering coupled nonlinear aeroelasticity and flight dynamics. As part
of this work, the framework is enhanced with the capability to model FFWTs and evaluate ride
qualities. Section 2.1 provides additional details about the framework.

Aircraft test cases with structural properties representative of a next-generation very flexible
civil transport HARW aircraft. The studies also consider a flexible test case with a regular aspect
ratio to highlight the impact of higher wing flexibility and aspect ratio. Details about the models
and level of flexibility are highlighted in Sec. 3.2 by their natural frequencies and tip vertical
displacements at trim conditions. The aerodynamic models were developed in Ref. [90] using the
method of segments [91], to capture the quasi-steady transonic effects. Section 3.3 provides details
about the low-order aerodynamic model of the aircraft test cases.
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1.4 Dissertation Outline

This section provides an overview of the dissertation. Based on the dissertation objectives, the
dissertation is organized as follows:

Chapter 2 presents the computational framework that will be utilized to fulfill the disserta-
tion objectives. The key features of the computational framework are described, followed by the
theoretical and computational enhancements implemented as part of this work which enabled the
investigations presented in subsequent chapters. Parts of this chapter were published previously
in [92, 93, 94].

Chapter 3 describes the aircraft models utilized to fulfill the dissertation objectives. The aircraft
models are representative of a contemporary civil transport aircraft and a future civil transport
aircraft with HARW. The structural models are derived from an industry-standard multidisciplinary
test case, Airbus XRF1. Parts of this chapter were published previously in [90, 93].

Chapter 4 presents the results considering roll maneuverability and MLA in transonic HARW
aircraft. First, the feasibility of deploying trailing-edge control surfaces to provide adequate roll
maneuverability in a HARW is investigated through a placement study. Second, the impact of
wingbox passive aeroelastic tailoring is examined. Third, the benefits and limitations of deploying
leading-edge control surfaces and FFWTs are investigated. Finally, the impact of geometrically
nonlinear effects on roll maneuverability is also discussed. The studies in this chapter address
the dissertation’s first and second research objectives (except GLA, which is addressed in the next
chapter). Parts of this chapter were published previously in [90, 95, 93].

Chapter 5 presents the results discussing gust load alleviation and ride qualities in transonic
HARW aircraft. First, the impact of geometrically nonlinear effects on capturing the response
of HARW aircraft to gust disturbances is assessed. This is followed by the results highlighting
the benefits and limitations of deploying FFWTs on gust load alleviation. The impact of wing
flexibility is also discussed. Next, the effect of wing flexibility and deploying FFWTs for gust load
alleviation on ride qualities of transonic HARW aircraft is investigated. The studies in this chapter
address the remaining questions under this dissertation’s second and third research objectives. Parts
of this chapter were published previously in [94].

Chapter 6 provides a summary of the results, highlighting the key contributions of the disser-
tation. Finally, some recommendation for future work are discussed.
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CHAPTER 2

Computational Developments

This chapter presents the computational framework used in this work to investigate the key ob-
jectives of the thesis. Sec. 1.3 details the computational framework requirements for analyzing
very flexible HARW aircraft. Based on those requirements, this work leverages the University of
Michigan’s Nonlinear Aeroelastic Simulation Toolbox (UM/NAST) [96], a low-order multidisci-
plinary framework for modeling, analyzing, and simulating (very) flexible aircraft in free flight
considering coupled nonlinear structural and rigid-body dynamics, aerodynamics, and controls.

The baseline UM/NAST framework allows modeling of aerodynamic effects of leading- and
trailing-edge control surfaces. However, additional capabilities were required to address the thesis
objectives, such as the ability to model FFWTs and evaluate ride qualities. Therefore, various
theoretical and computational enhancements were developed as part of this work. This chapter first
describes the formulation of the baseline computational framework in Sec. 2.1. This introduces the
quantities required to describe the key theoretical and computational enhancements in Sec. 2.2.1-
2.2.3.

2.1 Computational Framework

UM/NAST represents aircraft as sets of beam-type members associated with different compo-
nents (wing, fuselage, etc.) that undergo arbitrary structural deflections. The framework describes
structural deflections using a strain-based, geometrically exact beam formulation [96, 97] that
assumes elemental strains (axial extension, bending and torsion curvatures) as the independent
structural degrees of freedom (DOFs) and recovers the deformed shape by marching nonlinear
kinematic relations in space.

To model aircraft in free flight, UM/NAST augments the structural DOFs with rigid-body DOFs
associated with the position, attitude, and linear/angular velocity of the body-fixed frame in the
inertial frame. To model unsteady wake effects, the framework adds a set of additional DOFs
which can come from inflow theory of Peters et al. [98], unsteady vortex-lattice method (UVLM),
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Figure 2.1: UM/NAST simulation framework.

or reduced-order models.
UM/NAST can handle different load types such as gravity, point or distributed forces and mo-

ments, and aerodynamic loads, which are computed using a spectrum of aerodynamic models (see
Fig. 2.1). The models presented in this work use the method of segments [91], a quasi-steady surro-
gate aerodynamic modeling technique based on high-fidelity computational fluid dynamics (CFD)
data. The method of segments builds on strip-theory assumptions: the aerodynamic coefficients at
the cross sections of the UM/NAST structural nodes are assumed to depend only on the local flow
and control parameters (effective angle of attack, Mach number, flap deflections, etc.). The coeffi-
cient values at each cross section are predicted by a kriging surrogate model that fits a coefficient
database obtained by “slicing” the full-vehicle, steady-state CFD solutions for various parameter
combinations. The method of segments is chosen here due to its ability to capture transonic effects
with computational effort suited for design exploration studies in this work.

2.1.1 Reference Frames and State Variables

UM/NAST describes the motion of an aircraft in free flight in terms of the rigid-body motion of a
body-fixed frame B relative to the inertial frame G as shown in Fig. 2.2. The B frame origins at an
arbitrary aircraft point and is such that the unit vector Bx points downstream, By toward the right
wingtip, and Bz = Bx ×By completes the right-hand triad. The motion of the B frame within the
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Figure 2.2: Reference frames used for describing aircraft motion.

G frame is described by the column vectors:

b =

{
pB

θB

}
, β =

{
vB

ωB

}
, β̇ =

{
v̇B

ω̇B

}
. (2.1)

The quantities pB and θB in Eq. (2.1) are the position and orientation of the B frame relative to the
G frame; vB and ωB are the B-frame linear and angular velocities; and v̇B and ω̇B are the B-frame
linear and angular accelerations respectively. The column vectors in Eq. (2.1) are all resolved in
the B frame.

Elastic displacements relative to the B frame are described by modeling the aircraft as a set of
geometrically nonlinear beams discretized as three-noded finite elements [96, 97]. The position
and orientation at a generic point of the reference axis along a beam member is described by the
12-component column vector with components in the B frame:

h(s)T =
{
p(s)T , wx(s)

T , wy(s)
T , wz(s)

T
}
. (2.2)

The quantity s in Eq. (2.2) is the local curvilinear abscissa along the beam reference axis; p is the
origin of a local structural frame w that evolves along the beam reference axis with respect to the
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B frame; and the unit vectors wx, wy, and wz define the local frame w fixed at the location s. The
w frame origins at the point p and is oriented such that wx is along the beam reference axis, wy

points toward the leading edge, and wz = wx × wy.
While displacement-based formulations assume nodal displacements as the flexible (elastic)

DOFs, UM/NAST uses element strains [97]. A strain-based beam finite element is described by
the 4-component strain vector:

εTe = {ϵx, κx, κy, κz} . (2.3)

The quantity ϵx in Eq. (2.3) is the beam reference axis axial extension and κx, κy, and κz are the
twist, out-of-plane, and in-plane bending curvatures. The following quantities dependent on the
strain vector (2.3) are introduced for the element:

hT
e =

{
hT
e1, h

T
e2, h

T
e3

}
, θTe =

{
θTe1, θ

T
e2, θ

T
e3

}
. (2.4)

The column vectors he1, he2, and he3 in Eq. (2.4) are the h vectors evaluated at the three element
nodes; the column vectors θe1, θe2, and θe3 list the nodal rotations about the beam reference axis at
those nodes. Assuming N finite elements, the independent and dependent global column vectors
for the entire model are given by

εT =
{
εT1 , . . . , ε

T
N

}
, hT =

{
hT
1 , . . . , h

T
N

}
, θT =

{
θT1 , . . . , θ

T
N

}
. (2.5)

2.1.2 Governing Equations

The governing equations are derived using the principle of virtual work:

δW =

∫
V

δuTf dV = 0. (2.6)

The quantity V in Eq. (2.6) is the material volume, δu the local virtual displacement, and f the
corresponding local load vector. Because the aircraft is described as a set of beam members with
known cross-sectional stiffness and mass distributions, Eq. (2.6) reduces to a one-dimensional
integration along the beam reference axis of each member that can be conducted based on the
assumed discretization.

The virtual work of the internal loads on a beam element is given by [96, 97]:

δW int
e = −δhT

e Meḧe − δεTe Ceε̇e − δεTe Ke(εe − ε0e). (2.7)

These terms account for the inertial, damping, and elastic loads. The quantity Me in Eq. (2.7) is a
36×36 cross-sectional mass matrix, Ce is the 4×4 element stiffness-proportional damping matrix,
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ε0e is the initial strain vector, and

Ke =


K11 K12 K13 K14

K12 K22 K23 K24

K13 K23 K33 K34

K14 K24 K34 K44

 (2.8)

is the 4 × 4 element stiffness matrix of the generally non-isotropic beam constitutive relation of
the strain-based formulation of Su and Cesnik [97]. The diagonal terms K11, K22, K33, and K44

are the beam axial, torsion, out-of-plane bending, and in-plane bending stiffness constants; the off-
diagonal terms Kij are generally non-zero and describe coupling terms between strain measures.

The virtual work due to the (external) applied loads on a beam element is [96, 97]:

δW ext
e = δpTe (B

F
e F

distr
e + F pt

e ) + δθTe (B
M
e Mdistr

e +Mpt
e )− δhT

e Ne g (2.9)

and includes the effects of distributed/concentrated forces and moments along with the effect of the
self-weight due to the gravity acceleration vector g. The 9-component column vector pe in Eq. (2.9)
lists the p vectors evaluated at the element nodes; the influence matrices BF

e , BM
e , and Ne result

from the integration of distributed forces and moments along the element beam reference axis [96,
97]; and the B-frame components of distributed/concentrated forces and distributed/concentrated
moments applied at the element nodes are listed in the 9-component column vectors:

F distr
e =


F distr
e1

F distr
e2

F distr
e3

 , F pt
e =


F pt
e1

F pt
e2

F pt
e3

 , Mdistr
e =


Mdistr

e1

Mdistr
e2

Mdistr
e3

 , Mpt
e =


Mpt

e1

Mpt
e2

Mpt
e3

 .

(2.10)
The total virtual work is the sum of the contributions from the N elements:

δW = δW int + δW ext,

δW int = δhTMḧ+ δεTCε̇+ δεTK(ε− ε0),

δW ext = δpT (BFF distr + F pt) + δθT (BMMdistr +Mpt)− δhTN .

(2.11)

The terms in Eq. (2.11) are obtained by assembling the elemental contributions [97]. Next, the
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variations and time derivatives in the dependent DOFs are written as:

δh = Jhεδε+ Jhbδb, δθ = Jθεδε+ Jθbδb,

dh = Jhεdε+ Jhbdb, dθ = Jθεdε+ Jθbdb,

ḣ = Jhεε̇+ Jhbβ, θ̇ = Jθεε̇+ Jθbβ,

ḧ = Jhεε̈+ J̇hεε̇+ Jhbβ̇ + J̇hbβ, θ̈ = Jθεε̈+ J̇θεε̇+ Jθbβ̇ + J̇θbβ.

(2.12)

The Jacobians in Eq. (2.12) are obtained from the strain-based kinematics [97]:

Jhε =
dh

dε
, Jhb =

dh

db
, Jθε =

dθ

dε
, Jθb =

dθ

db
. (2.13)

Substituting Eq. (2.12) into Eq. (2.11) gives the following equations in the flexible (strain) and
rigid-body DOFs:[

MFF (ε) MFB(ε)

MBF (ε) MBB(ε)

]{
ε̈

β̇

}
+

[
CFF (ε, ε̇, β) CFB(ε, ε̇, β)

CBF (ε, ε̇, β) CBB(ε, ε̇, β)

]{
ε̇

β

}

+

[
KFF 0

0 0

]{
ε

b

}
=

{
RF (ε̈, ε̇, ε, β̇, β, ζ, λ)

RB(ε̈, ε̇, ε, β̇, β, ζ, λ)

}
,

(2.14)

where the independent DOFs and their time derivatives are listed in the column vectors:

q =

{
ε

b

}
=


ε

pB

θB

 , q̇ =

{
ε̇

β

}
=


ε̇

vB

ωB

 , q̈ =

{
ε̈

β̇

}
=


ε̈

v̇B

ω̇B

 . (2.15)

In Eqs. (2.14) and (2.15), ε is the model strain vector, vB and ωB are the linear and angular veloci-
ties, respectively, of the B frame with respect to the G frame and the vector b consists of their time
integrals. The generalized mass and damping submatrix blocks are given by:

MFF (ε) = JT
hεMJhε, MFB(ε) = JT

hεMJhb,

MBF (ε) = JT
hbMJhε, MBB(ε) = JT

hbMJhb,

CFF (ε, ε̇, β) = JT
hεMJ̇hε + C, CFB(ε, ε̇, β) = JT

hεMHhb + 2JT
hεMJ̇hb,

CBF (ε, ε̇, β) = JT
hbMJ̇hε, CBB(ε, ε̇, β) = JT

hbMHhb + 2JT
hbMJ̇hb,

(2.16)
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with

Hhb =


ω̃B . . . 0
... . . . ...
0 . . . ω̃B

 Jhb. (2.17)

Here, ω̃B is the 3 × 3 skew-symmetric matrix representing the cross-product by ωB. The only
non-zero block in the generalized stiffness matrix is KFF = K. Assuming linear stress-strain
constitutive relations, this matrix is constant with respect to the flexible DOFs in the strain-based
formulation [97]. The generalized load vectors in Eq. (2.14) are given by:

RF (ε̈, ε̇, ε, β̇, β, ζ, λ) = JT
pε(BFF

distr + F pt) + JT
θε(BMMdistr +Mpt)− JT

hεNg +KFF ε0,

RB(ε̈, ε̇, ε, β̇, β, ζ, λ) = JT
pb(BFF

distr + F pt) + JT
θb(BMMdistr +Mpt)− JT

hbNg.
(2.18)

Aerodynamics loads are included in Eq. (2.18) as distributed loads [96]. The quantity ζ in
Eq. (2.18) is the quaternion vector and λ is a vector of inflow states that may be included to
describe unsteady aerodynamic effects (e.g., according to the theory of Peters et al. [98]). For free
flight conditions, Eq. (2.14) is augmented with the B-frame propagation equations [96]:

ζ̇ = −1

2
Ωζ(β)ζ, ṖB =

[
CGB(ζ) 0

]
β. (2.19)

The quantity CGB in Eq. (2.19) is a rotation matrix from the B to the G frame and PB denotes
the position of the origin of the B frame resolved in the G frame. The problem is completed by
evolution equations for the unsteady aerodynamic states in the vector λ that can be cast in the form:

λ̇ = F1(ε)

{
ε̈

β̇

}
+ F2(ε)

{
ε̇

β

}
+ F3λ. (2.20)

The coefficient matrices F1, F2, and F3 in Eq. (2.20) depend on the finite-state unsteady aerody-
namic model employed. The detailed derivation of Eqs. (2.14) and (2.15) is reported in Ref. [96].
Building on this fundamental description, additional modifications are implemented in the frame-
work as detailed in the following Section 2.2.

2.1.3 Kinematics

UM/NAST solves for element strains as the independent flexible DOFs and recovers nodal dis-
placements by integrating the kinematic relations. The h vector and the ε vector at a generic beam

22



reference axis point are related by:

∂h(s)

∂s
= K(s)h(s) =


0 1 + ϵx(s) 0 0

0 0 κz(s) −κy(s)

0 −κz(s) 0 κx(s)

0 κy(s) −κx(s) 0

h(s), (2.21)

where each block in K(s) is a 3×3 diagonal matrix. Assuming constant strain along each element,
Eq. (2.21) gives:

h(s) = eK(s−s0)h0 = eG(s)h0. (2.22)

The quantity h0 in Eq. (2.22) is the known solution at the element starting point s0. The discrete
form of Eq. (2.22) for the nth element is:

hn1 = Dnmhm3, hn2 = eGnhn1, hn3 = eGnhn2. (2.23)

The quantity hm3 in Eq. (2.23) is the h vector at the last node of the mth element that coincides
with the first node of the nth element; Dnm is a 12 × 12 transformation matrix that accounts for
geometrical discontinuities in the beam reference axis due to changes in twist, dihedral angle, or
sweep between the mth and nth elements. Gn = Kn∆sn/2, where Kn is the matrix in Eq. (2.21)
evaluated for the nth element of length ∆sn. Once the strain vector ε is known at a solution step,
the deformed configuration is obtained by writing Eq. (2.23) for all the elements of a member (or
group of members) and by solving the resulting system of algebraic equations [97].

2.2 Computational Framework Enhancements

This section describes the key enhancements to the UM/NAST framework to support the thesis
objectives. Following enhancements were developed as part of this work:

• Modeling of FFWTs

• Ride quality metric evaluation

• Linearized kinematics

• Fuselage aerodynamics

• Modeling of flexible control surfaces
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Figure 2.3: UM/NAST framework enhancements.

Figure 2.3 shows the various components of the baseline UM/NAST framework that were mod-
ified for the above listed developments.

The numerical investigations in this dissertation use the first three features. Other features were
developed to capture additional aerostructural effects of different aircraft components. However,
they were not considered in the studies since they require additional supporting data (fuselage aero-
dynamics) and enhancements (time integration scheme improvement for flexible control surfaces).
The details for these two features are described in Appendix A and B respectively.

2.2.1 Flared Folding Wingtips

This work extended UM/NAST with the ability to model FFWTs (leading- and trailing-edge
control surfaces modeling was available in the baseline framework). This enables investigating
their impact on maneuverability, load alleviation, and ride qualities within a coupled nonlinear
aeroelastic-flight dynamics framework. The theoretical developments are described in Sec. 2.2.1.1
followed by the implementation details in Sec. 2.2.1.2.

2.2.1.1 Theoretical Development

FFWTs are modeled as beam members able to rotate about a user-specified hinge line passing
through their first node, coincident with the end node of the fixed parent member. The relative
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Figure 2.4: Reference frames for FFWT.

rotations between the FFWT and the parent wing are determined by the moment equilibrium about
the hinge. These rotations are modeled by defining a local frame H at the starting node of each
flexible FFWT that has the Hy axis aligned with the hinge line (see Fig. 2.4). The rotation angles
and angular velocity components of the H frame relative to the B frame are listed in the 3 × 1

column vectors θH and ωH , respectively:

θH = {θHx , θHy , θHz}T , ωH = {ωHx , ωHy , ωHz}T . (2.24)

The quantity θH in Eq. (2.24) defines the orientation of the H frame with respect to the B frame;
ωH is the angular velocity; and ω̇H the angular acceleration. All these quantities are resolved in
the B frame.

According to this description, each FFWT corresponds to three additional equations to be
solved. However, the H frame orientation is described by a scalar equation in the H frame, as
only rotations about the hinge line are of interest here. The additional equations in the framework
are first derived in the body frame for easier extension and implementation of the formulation.
They are then rewritten in the local H frame, to finally have one additional equation for each
FFWT.

The governing equations are derived below considering an isolated wing composed of a fixed
parent member and a FFWT member. The formulation can be generalized to aircraft where mul-
tiple wingtips are present. The internal virtual work (2.11) is derived for the fixed member first.
The virtual work due to the inertia is derived starting from the position pa (see Fig. 2.4), velocity
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ṗa, and acceleration p̈a of a point a at an arbitrary cross section:

pa = pB + p+ ywy + zwz,

ṗa = ṗB + ṗ+ yẇy + zẇz + ω̃B(pB + p+ ywy + zwz),

p̈a = p̈B + p̈+ yẅy + zẅz + ˙̃ωB(pB + p+ ywy + zwz) + 2ω̃B(ṗB + ṗ+ yẇy + zẇz)

+ ω̃Bω̃B(p+ ywy + zwz).

(2.25)

The quantity p in Eq. (2.25) is the position of the beam reference axis point (origin of the local
frame w) at the cross-section that contains a with respect to the origin of the B frame, which is
part of the h vector (2.2). The infinitesimal virtual work on a unit volume is

δW int = δpTa dFa = δpTa (ρp̈adAds). (2.26)

The virtual work due to the inertia at the curvilinear abscissa s of the current cross section is
obtained by integrating Eq. (2.26) over the cross-sectional area:

δW int(s) = −δhT (s)M(s)

(
p̈

ẅx

ẅy

ẅz

+


I3 p̃T

03 w̃T
x

03 w̃T
y

03 w̃T
z

 β̇ +


ω̃B 0 0 0

0 ω̃B 0 0

0 0 ω̃B 0

0 0 0 ω̃B



I3 p̃T

03 w̃T
x

03 w̃T
y

03 w̃T
z

 β

+2


03 ˙̃pT

03 ˙̃wT
x

03 ˙̃wT
y

03 ˙̃wT
z

 β

)
.

(2.27)
The quantity M(s) in Eq. (2.27) is the cross-sectional inertia matrix:

M(s) =


m 0 mry mrz

0 0 0 0

mry 0 Izz Iyz

mrz 0 Izy Iyy

 . (2.28)

Each block in Eq. (2.28) is a 3 × 3 identity matrix. The quantity m is the mass per unit span at
each cross section; (ry, rz) is the position of the cross-sectional mass center in the w frame; and Iij

are the cross-sectional mass moments of inertia about the local wy and wz axes.
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Using the Jacobians in Eq. (2.12), Eq. (2.26) can be cast as:

δW int(s) = −{δεT (s) δbT}

([
JT
hεM(s)Jhε JT

hεM(s)Jhb

JT
hbM(s)Jhε JT

hbM(s)Jhb

]{
ε̈(s)

β̇

}

+

[
JT
hεM(s)J̇hε JT

hεM(s)Hhb + 2JT
hεM(s)J̇hb

JT
hbM(s)J̇hε JT

hbM(s)Hhb + 2JT
hbM(s)J̇hb

]{
ε̇(s)

β

})
.

(2.29)

If the arbitrary point a lies on a folding wingtip, its position and orientation also depend on the
relative rotations of the H frame. Hence, its velocity and acceleration are given by:

ṗwt
a = ṗB + ṗ+ yẇy + zẇz + ω̃B(pB + p+ ywy + zwz) + ω̃H(p

H + ywy + zwz)

= ṗa + ω̃H(p
H + ywy + zwz),

p̈wt
a = p̈a + ˙̃ωH(p

H + ywy + zwz) + ω̃H(ṗ
H + yẇy + zẇz) + ω̃H ω̃H(p

H + ywy + zwz).

(2.30)

The contributions ṗa and p̈a in Eq. (2.30) are given by Eq. (2.25) and the other terms are due to
relative rotations about the hinge line. The quantity pH is the position of the origin of the H frame
with respect to the B, with components resolved in the B frame.

The above terms lead to the following additional virtual work contribution for the folding
wingtip member:

δW int
wt (s) = −δhT (s)M(s)

(
p̃T

w̃T
x

w̃T
y

w̃T
z

 ω̇H +


ω̃H 0 0 0

0 ω̃H 0 0

0 0 ω̃H 0

0 0 0 ω̃H



p̃T

w̃T
x

w̃T
y

w̃T
z

ωH +


˙̃pT

˙̃wT
x

˙̃wT
y

˙̃wT
z

ωH

)
.

(2.31)
The additional DOFs introduced by the hinge also modify the Jacobians in Eq. (2.12) as:

δh = Jhεδε+ Jhbδb+ JhθHδθH , δθ = Jθεδε+ Jθbδb+ JθθHδθH ,

dh = Jhεdε+ Jhbdb+ JhθHdθH , dθ = Jθεdε+ Jθbdb+ JθθHdθH ,

ḣ = Jhεε̇+ Jhbβ + JhθH θ̇H , θ̇ = Jθεε̇+ Jθbβ + JθθH θ̇H ,

ḧ = Jhεε̈+ J̇hεε̇+ Jhbβ̇ θ̈ = Jθεε̈+ J̇θεε̇+ Jθbβ̇

+ J̇hbβ + JhθH θ̈H + J̇hθH θ̇H , + J̇θbβ + JθθH θ̈H + J̇θθH θ̇H .

(2.32)

Substituting Eq. (2.32) into Eq. (2.31) and adding the resulting virtual work to Eq. (2.29) gives the
total internal virtual work due to the inertia for a folding wingtip:
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h11, θ11 h12, θ12
h13, θ13 = θwm
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h23, θ23

Figure 2.5: Wing and folding wingtip member discretized in one element each.

δW int(s) = −{δεT (s) δbT δθTH}

(
JT
hεM(s)Jhε JT

hεM(s)Jhb JT
hεM(s)JhθH

JT
hbM(s)Jhε JT

hbM(s)Jhb JT
hbM(s)JhθH

JT
hθH

M(s)Jhε JT
hθH

M(s)Jhb JT
hθH

M(s)JhθH



ε̈(s)

β̇

ω̇H

+

(
JT
hεM(s)J̇hε JT

hεM(s)Hhb JT
hεM(s)HhθH

JT
hbM(s)J̇hε JT

hbM(s)Hhb JT
hbM(s)HhθH

JT
hθH

M(s)J̇hε JT
hθH

M(s)Hhb JT
hθH

M(s)HhθH

+


0 2JT

hεM(s)J̇hb JT
hεM(s)J̇hθH

0 2JT
hbM(s)J̇hb JT

hbM(s)J̇hθH

0 2JT
hθH

M(s)J̇hb JT
hθH

M(s)J̇hθH



ε̇(s)

β

ωH


))

.

(2.33)
In addition to the inertial effects, elastic reactions and dissipation may also occur due to the

relative rotations about the hinge. These effects are described by a concentrated spring-damper
element that adds the potential energy contribution:

Πsd =
1

2
Ksd (θwt − θwm −∆θ0)

2+
1

2
Csd
(
θ̇wt− θ̇wm

)2
=

1

2
Ksd (θH −∆θ0)

2+
1

2
Csdθ̇H . (2.34)

The quantity θwt = θwm + θH in Eq. (2.34) is the rotation vector at the starting node of the wingtip
member; θwm is the rotation vector at the (coincident) ending node of the fixed parent member;
and ∆θ0 is relative initial rotation vector. All the rotation vectors are resolved in the B frame.
Finally, the quantities Ksd and Csd are the 3 × 3 stiffness and damping matrices associated with
the spring-damper element at the hinge. The potential energy variation associated with Eq. (2.34)
is written as:

δΠs = δθTH

[
Ksd (θH −∆θ0) + Csdθ̇H

]
= δθTHK

sdθH + (δθH)
T Csdθ̇H − (δθH)

T Ksd∆θ0.

(2.35)
The governing equations including the folding wingtip can be obtained by extending Eq. (2.14)
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with the contribution from the integral of Eq. (2.33) along the reference axis and by adding the
effect of the spring-damper element at the hinge:MFF MFB MFH

MBF MBB MBH

MHF MHB MHH




ε̈

β̇

ω̇H

+

CFF CFB CFH

CBF CBB CBH

CHF CHB CHH




ε̇

β

ωH

+

KFF 0 0

0 0 0

0 0 KHH




ε

b

θH

 =


RF

RB

RH

 .

(2.36)

The additional mass, damping, and stiffness matrix blocks due to the wingtip are:

MFH = JT
hεMJhθH , CFH = JT

hεMHhθH + JT
hεMJ̇hθH ,

MBH = JT
hbMJhθH , CBH = JT

hbMHhθH + JT
hbM(s)J̇hθH ,

MHH = JT
hθH

MJhθH , CHH = JT
hθH

MHhθH + 2JT
hθH

MJ̇hθH + Csd,

KHH = Ksd, RH = Ksdθ0 + JT
pθH

(BFF
distr + F pt)+

JT
θθH

(BMMdistr +Mpt)− JT
hθH

Ng.

(2.37)

While the stiffness and damping matrices KHH and DHH associated with spring-damper element
are resolved in the B frame, the element properties are more conveniently given in the H frame.
For a single spring-damper element, one has:

KHH =
(
DHB

)T k
H
x 0 0

0 kH
y 0

0 0 kH
z

DHB. (2.38)

The quantities kH
i (i = x, y, z) in Eq. (2.38) are the spring elastic constants and DHB is the rotation

matrix from the B frame to the H frame. A relation similar to Eq. (2.38) can be derived for DHH .
Now, as discussed in the introduction of the formulation, the H frame orientation can be de-

scribed using a scalar equation since only the rotation about the local Hy axis is of interest here.
Therefore, the equations associated with the FFWT are rewritten in the local H frame using the
following scalar independent variables:

θHH = DHBθBH , ωH
H = DHBωB

H , (2.39)

where DHB is the rotation matrix from the B frame to the H function of the flare angle Λ (see
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Fig. 1.3):

DHBT
=


sin(Λ)

cos(Λ)

0

 . (2.40)

With the above relations, the extended governing equations become MFF MFB MFHD
BH

MBF MBB MBHD
BH

DHBMHF DHBMHB DHBMHHD
BH




ε̈

β̇

ω̇H
H

+

 CFF CFB CFHD
BH

CBF CBB CBHD
BH

DHBCHF DHBCHB DHBCHHD
BH +DH

HH




ε̇

β

ωH
H

+

KFF 0 0

0 0 0

0 0 KH
HH




ε

b

θHH

 =


RF

RB

RH
H

 .

(2.41)

The quantities KH
HH = kH

y and DH
HH = dHy in Eq. (2.41) are the scalar spring stiffness and

damping constants associated with the hinge line (about Hy), expressed in the H frame. The set
of additional equations given by Eq. (2.41) provides the formulation used to simulate a flexible
aircraft with FFWTs that can be released during flight. Each of these devices adds its own rotation
angle θHH and the corresponding equation.

2.2.1.2 Implementation

The equation of motions derived for the FFWTs are implemented for a modal, static, trim and,
dynamic simulations. The key implementation details are described in this section. The static
solver solves for the following equation:[

KFF 0

0 KH
HH

]{
ε

θHH

}
=

{
RF

RH
H

}
. (2.42)

However, the hinge stiffness (KH
HH) of a FFWT can be zero. Note, that the load due to the

hinge (RH
H) is a function of hinge rotation (θHH ) since the local angle of attack varies with the

wingtip rotation. For such a case, the hinge equation to be solved is given by:

0 = RH
H . (2.43)
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Figure 2.6: Modified iterative static solution for FFWTs.

Therefore, to solve for hinge rotation for the case of zero hinge stiffness, the implementation of
the static equations is modified to:[

KFF 0

0 KH
HH +K∗

]{
ε

θHH

}
=

{
RF

RH
H +K∗θHH

}
, (2.44)

where K∗ is the artificial stiffness term. This term is introduced to enable using the same solution
architecture already built-in in UM/NAST even when the hinge stiffness is zero, ı.e., KH

HH = 0

N-m/rad.
Now, these two equations are solved in an iterative process as described in the Fig. 2.6. At every

static iteration, the flexible and hinge states are updated as follows:

ϵi+1 = αF ϵi + (1− αF )K
−1
F RFi

, (2.45)

θHHi+1
= αHθ

H
Hi

+ (1− αH)(K
H
HH +K∗)−1(RH

Hi
+K∗θHHi

), (2.46)

where αF and αH are relaxation parameters for incremental loading for the flexible and hinge
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states respectively. Note, that the equation for the hinge states is a scalar equation for every FFWT
defined in the model.

An important step in calculating the deformed shape from the strains is to update the kinematics
as explained in Sec. 2.1.3. With a FFWT, the process to update the kinematics is modified by
including the effect of the relative rotation of the FFWT about the hinge.

Considering Fig. 2.5, if there was no hinge (fixed hinge) between the wing and the folding
wingtip member, the kinematics would be update by (see Eq. (2.23)):

hwt = Dwmhwm, (2.47)

where Dwm accounts for the geometrical discontinuities between the two members. However,
when the FFWT is free to rotate about the hinge, there is an additional rotation between the two
members that needs to be accounted. Therefore, the rotation of the first node of the wingtip member
is updated by:

θwt = θwm + θH . (2.48)

Then, an additional transformation matrix Dwt which accounts for the θwt is calculated and the
kinematics are updated as follows:

hwt = DwmDwthwm. (2.49)

Next, the implementation of the equation of motions for dynamic simulations with FFWTs is
described. The dynamic solver solves for the baseline equations of motion by expressing them in
first-order form as [99]:

Q1ẋ+Q2x = Q3, (2.50)

where
x =

[
ϵ ϵ̇ β ζ pB

]
, (2.51)

Q1 =



I 0 0 0 0

0 MFF MFB 0 0

0 MBF MBB 0 0

0 0 0 I 0

0 0 0 0 I


, (2.52)
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Q2 =



0 −I 0 0 0

KFF CFF CFB 0 0

0 CBF CBB 0 0

0 0 0 1
2
Ωζ 0

0 0 CBG(ζ) 0 0

0 CH
HF CH

HB 0 0


, (2.53)

and
Q3 =

[
0 RF RB 0 0

]
. (2.54)

The above equations are modified to account for the FFWTs which gives us the following modified
equations:

x =
[
ϵ ϵ̇ β ζ pB ωH

H θHH

]
, (2.55)

Q1 =



I 0 0 0 0 0 0

0 MFF MFB 0 0 MH
FH 0

0 MBF MBB 0 0 MH
BH 0

0 0 0 I 0 0 0

0 0 0 0 I 0 0

0 MH
HF MH

HB 0 0 MH
HH 0

0 0 0 0 0 0 I


, (2.56)

Q2 =



0 −I 0 0 0 0 0

KFF CFF CFB 0 0 CH
FH 0

0 CBF CBB 0 0 CH
BH 0

0 0 0 1
2
Ωζ 0 0 0

0 0 CBG(ζ) 0 0 0 0

0 CH
HF CH

HB 0 0 CH
HH KH

HH

0 0 0 0 0 −I 0


, (2.57)

and
Q3 =

[
0 RF RB 0 0 RH

H 0
]
. (2.58)
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2.2.2 Linearized Mode

The UM/NAST formulation is based on a strain-based geometrically exact beam formulation. To
access the impact of the geometric nonlinearities in the structural analysis, the formulation can also
solve for linearized equations. This requires two changes in the formulation:

• Jacobians must remain constant about the undeformed shape throughout the solution.

• The nonlinear strain-displacement relationship in Eq. (2.22) should be switched to a lin-
earized relationship when updating the kinematics.

Not updating the jacobians is trivial in the implementation and already existed as part of the
framework. The implementation of the linear relationship and updating the linearized kinematics
was implemented as part of this work. The implementation was verified against both the MSC
Nastran’s nonlinear solver SOL400 and the linear solver SOL101.

2.2.3 Ride Quality Metric

In this work, the UM/NAST formulation was extended with the ability to evaluate an acceleration-
based ride quality metric during flight. The selected ride metric was studied by Puyou [100], and
it is based on ISO 2631-1 [80] and BS 6841 [101].

The metric is calculated from the vertical and lateral accelerations at different points along
the fuselage. The metric follows the scheme shown in Fig. 2.7 and uses information from the
acceleration data in the frequency domain:

Ride quality metric(p) =

√
1

π

∫ ∞

0

a2ω(ω, p)dω , (2.59)

where aω(ω, p) is the magnitude of the acceleration in the frequency domain obtained via Fourier
transform at a point p of the aircraft. The ISO standards define comfort level ranges for values of
the ride quality metric: increasing values mean increasing discomfort. For new HARW aircraft,
the values of the ride quality metric are not as important as their comparison with existing aircraft.

The acceleration data at any aircraft point are collected during flight (simulation) by means
of accelerometer sensors. The resulting time histories are then used to evaluate Eq. (2.59). The
acceleration outputs from the sensors are provided in the time domain. A Fast-Fourier Transform
utility is used to obtain the acceleration data in the frequency domain. The ride quality metric (2.59)
is then evaluated using the trapezoidal numerical integration scheme.

For a dynamic simulation in UM/NAST, the acceleration information at any point on the aircraft
can be recovered by sensors defined through the sensor module [102]. The ride quality metric is
evaluated using accelerometer outputs.
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Figure 2.7: Schematic of the ride quality metric evaluation.

35



CHAPTER 3

Numerical Models

This chapter presents the aircraft models used in this work for investigating the key objectives of
the thesis. These aircraft models are derived from the Airbus XRF1, an industry standard multidis-
ciplinary research test case representing a contemporary configuration for a long-range, wide-body
civil transport aircraft. This work utilizes both the baseline XRF1 and its HARW derivative, named
XRF1-HARW [90]. The HARW aircraft model’s aspect ratio and flexibility is representative of fu-
ture civil transport aircraft. Low-order beam-type representations of the test cases were developed
for investigating the research objectives in UM/NAST. The beam-type representations are verified
by comparing natural frequencies and aeroelastic trim results from UM/NAST with reference so-
lutions from MSC Nastran modal analyses and from coupled MSC Nastran/CFD aeroelastic trim
analyses.

This chapter is organized as follows: Sec. 3.1 describes the high-order models. Sec. 3.2 and
3.3 describe the UM/NAST baseline and HARW aircraft models used in this work including their
modal and static aeroelastic trim results.

3.1 High-Order Models

The global finite element model (GFEM) of the XRF1 is shown in Fig. 3.1a. The first XRF1
variant replaces the wingbox in Fig. 3.1b with the black wingbox in Fig. 3.1a with the same aspect
ratio but simplified structural features; this variant is denoted as the flexible aircraft (FA) test case
because it represents a conventional aircraft with moderate flexibility. The second XRF1 variant,
named XRF1-HARW, considers the blue wingbox in Fig. 3.1b with a higher aspect ratio resulting
from an aerostructural optimization [103] of the black wingbox; this variant is denoted as the very
flexible aircraft (VFA) test case for its higher flexibility, as expected in future high-efficient aircraft.
While not shown here, each test case comes with a CFD model for high-fidelity aerodynamic
calculations [104]. The inertial properties and the first five in-vacuum free-free natural frequencies
of the VFA and FA test cases are compared in Tables 3.2 and 3.3, respectively, for a typical half-
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(a) Original full-vehicle model (b) Wingbox model variants of the XRF1 (black) and
XRF1-HARW (blue)

Figure 3.1: XRF1 global finite element model (GFEM).

Table 3.1: Properties of the FA and VFA test case.

Test case FA VFA

Aspect ratio 9.43 12.89
Half-span (m) 28.88 35.10
Mass (kg) 184968.51 185967.35

loaded mass case. The VFA MSC Nastran mode shapes for the full vehicle are shown in Fig. 3.2
for a previous version of the VFA model [90]. The VFA models used in this study differ from those
versions only for small variations in the wing structural and aerodynamic properties.

The VFA test case has +33% and +9% larger roll and yaw moments of inertia, respectively,
compared to the FA test case and significantly lower natural frequencies. Note that the first out-of-
plane bending moment of the VFA test case is 43% smaller than the FA test case. The VFA test
case is 22% longer compared to the FA test case (see Table 3.1).

Table 3.2: VFA vs. FA test case inertia property comparison (half-loaded mass case).

Property Property variation (%)

Mass 0.54

Longitudinal center-of-mass position 7.31
Lateral center-of-mass position −0.54
Vertical center-of-mass position −0.36

Roll moment of inertia 32.98
Pitch moment of inertia 3.26
Yaw inertia moment of inertia 8.77
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(a) Symmetric wing out-of-plane bending (mode #1) (b) Anti-symmetric wing out-of-plane bending
(mode #2)

(c) Symmetric wing/pylon out-of-plane bending
(mode #3)

(d) Anti-symmetric wing/pylon out-of-plane bending
(mode #4)

(e) Anti-symmetric wing in-plane bending (mode #5) (f) Symmetric wing/pylon/fuselage out-of-plane
bending (mode #6)

Figure 3.2: VFA test case in-vacuum free-free MSC Nastran mode shapes (half-loaded mass case).
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Table 3.3: VFA vs. FA test case free-free natural frequency comparison (half-loaded mass case).

Mode # Mode type Frequency variation (%)

1 Wing out-of-plane bending (sym) −43.15
2 Wing out-of-plane bending (asym) −37.73
3 Wing/pylon out-of-plane bending (sym) −25.36
4 Wing/pylon out-of-plane bending (asym) −28.86
5 Wing in-plane bending (asym) −27.54

Table 3.4: VFA vs. FA test case clamped natural frequency comparison (half-loaded mass case).

Mode # Mode type Frequency variation (%)

1 Wing out-of-plane bending −43.83
2 Wing/pylon out-of-plane bending −24.10
3 Wing/pylon out-of-plane bending −36.45
4 Wing in-plane bending −40.93
5 Wing/pylon/fuselage out-of-plane bending −44.98

3.2 Low-Order Structural Models

To analyze the FA and VFA test cases, their GFEMs (Fig. 3.1) are reduced to low-order beam rep-
resentations by computing equivalent inertia and stiffness distributions for each component (wing,
tail, etc.) along a selected beam reference axis. These distributions are computed by enhanc-
ing the University of Michigan’s FEM2Stick (UM/F2S) framework [105] to handle the detailed
structural modeling features of the GFEMs in Fig. 3.1. The enhancements address two limitations
of F2S: the equivalent inertia calculation based on analytical relations for specific finite element
types; and the equivalent stiffness calculation that assumes zero axial extension and neglects cou-
pling effects between axial and bending or torsion strains. The first enhancement consists of a
new equivalent inertia calculation based on data from the GFEM mass matrix that is applicable to
any finite element type; the second enhancement consists of a new equivalent stiffness calculation
based on six static load cases to identify 6 × 6 cross-sectional stiffness matrices. Note that only
the second implementation was done as part of this work. The resulting equivalent beam model-
ing framework, University of Michigan’s Enhanced FEM2Stick (UM/EF2S) [90], is described in
the Appendix C for readers interested in a systematic procedure to extract beam properties out of
general GFEMs.

The FA test case is modeled as a set of equivalent beams by identifying the inertia and stiffness
distributions of each GFEM component separately and by assembling their beam representations
to form the full-vehicle model. The VFA test case beam model is the same as the FA model but for
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Figure 3.3: Beam-type representation of the FA (black) and VFA (blue) test cases.

a different wing beam representation obtained by extracting the inertia and stiffness distributions
of the HARW wingbox in Fig. 3.1. The low-order beam representations of the FA and VFA test
cases are verified in two ways. The inertia distributions are verified by checking that the total mass,
center of mass position, and inertia tensor of the beam representation of each test case match the
ones of their parent GFEM. The comparison is not shown because the equivalent inertia property
extraction is numerically exact. The stiffness distributions are verified by comparing the natural
frequencies of the beam representations of the FA and VFA wingboxes with the ones of their
parent GFEMs in Fig. 3.1. Table 3.5 reports the results normalized by the first frequency of the FA
wingbox GFEM. The frequency errors for the first five modes between the beam representation of
each wingbox and their parent GFEMs range from 1% to 6%, demonstrating the accuracy of the
equivalent beam models despite the much fewer DOFs compared with the GFEMs (Table 3.7).

3.3 Low-Order Aerodynamic Models

The beam structural models of Sec. 3.1 are coupled to quasi-steady aerodynamic models based on
the method of segments [91]. The key steps in the aerodynamic modeling process are summarized
below. The process starts with conducting steady rigid CFD calculations on the full-vehicle high-
fidelity aerodynamic model in a typical flight shape for various combinations of the Mach number
M and the body angle of attack α. In this work, the Mach number ranges from M ∈ [0.5, 0.9]

and the body angle of attack ranges from α ∈ [−8,+10] deg. The results from each CFD solution
are used to compute the aerodynamic lift, drag, and quarter-chord pitching moment coefficient
distributions along the wing and tail spans. The coefficient values from all CFD solutions for a
given cross section corresponding to a beam structural node are used to build a surrogate kriging
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Table 3.5: FA wingbox normalized natural frequencies (half-load case).

Normalized frequency

Mode # Mode type GFEM Beam Diff. (%)

1 Out-of-plane bending 1.00 0.98 −2.44
2 Out-of-plane bending 2.44 2.46 1.00
3 In-plane bending 2.76 2.76 −0.03
4 Out-of-plane bending 5.12 5.42 5.87
5 Torsion 6.38 6.48 1.50
6 In-plane bending 8.39 9.31 11.00
7 Out-of-plane bending 11.01 10.74 −2.44
8 Torsion 13.44 13.98 4.01
9 Out-of-plane bending 14.44 14.96 3.63
10 In-plane bending 16.33 17.36 6.28

Table 3.6: VFA wingbox normalized natural frequencies (half-load case).

Normalized frequency

Mode # Mode type GFEM Beam Diff. (%)

1 Out-of-plane bending 1.00 0.99 −1.10
2 Out-of-plane bending 2.47 2.50 1.03
3 In-plane bending 2.75 2.79 1.32
4 Out-of-plane bending 5.01 5.20 3.73
5 Torsion 6.60 6.75 2.35
6 In-plane bending 8.57 9.13 6.48
7 Out-of-plane bending 12.76 13.90 8.98
8 Torsion 14.34 14.79 3.14
9 Out-of-plane bending 15.96 16.15 1.20
10 In-plane bending 22.97 20.55 −10.55

Table 3.7: FA and VFA wingbox structural DOFs.

Structural DOFs

Test case GFEM Beam Reduction factor

FA 514884 176 2925
VFA 514884 212 2429
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Table 3.8: Flight conditions considered for numerical investigations.

Mach number Altitude (m) Dynamic pressure (Pa)

0.65 7000 11800
0.83 8484 16000

model. The inputs to the surrogate model are the Mach number and the local angle of attack at that
cross section, the latter given by the sum of the body angle of attack, the jig shape twist, and the
incremental twist due to the elastic deformation in the reference flight shape; the outputs are the
lift, drag, and quarter-chord circulatory pitching moment coefficient at that cross section. Further
details on the application of method of segments within UM/NAST is detailed in Refs. [65, 106].
Once a surrogate kriging model is developed for each cross section, it is used in flight simulations
to compute the circulatory aerodynamic loads based on the Mach number and instantaneous local
angle of attack based on the local velocity due to the vehicle’s rigid-body and elastic motion. The
non-circulatory aerodynamic loads are also summed to the circulatory values based on thin airfoil
theory relations [98].

The aerodynamic models developed for the FA and VFA test cases are verified by removing
the CFD solutions for some Mach number and body angle of attack combinations from the kriging
surrogate creation. The verification consists of using the surrogate for predicting the steady lift,
drag, and quarter-chord pitching moment coefficients distributions along the wing and tail for the
flight conditions eliminated from the kriging modeling and the results are compared with the known
CFD solutions [106]. The inflow states are not considered in this work since this aerodynamic
modeling techniques does not capture the unsteady aerodynamic effects.

3.3.1 Static Aeroelastic Trim Solution

To further emphasize the level of flexibility of the VFA test case, Tables 3.9 compares the FA
and VFA right wing tip vertical displacements for trim at varying load factor. Displacements
are normalized by each wing’s semispan. The deformed shape at trim for varying load factors
is shown by Fig. 3.4 and 3.5. Table 3.8 summarizes the two flight conditions considered for the
investigations and they will be referred by their Mach number from this point on. Results are
obtained at M∞ = 0.65 for an altitude of 7000 m (dynamic pressure qD = 11800 Pa) and M∞ =

0.83 for an altitude of 8484 m (qD = 16000 Pa). These flight conditions represent a low dynamic
pressure case and a typical cruise case for a long-range wide-body civil transport aircraft. These
two flight conditions are considered to highlight the impact of aeroelastic effects, whose strength
increases with dynamic pressure.
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Figure 3.4: Static aeroelastic trim shape, M∞ = 0.65.

Table 3.9: FA and VFA right wing tip trim vertical displacements.

Displ. (% semispan)

M∞ = 0.65 M∞ = 0.83

Load factor (g) FA VFA FA VFA

1.0 6.6 14.2 5.6 11.2
1.5 9.8 19.1 8.3 14.8
2.0 - - 11.4 18.5

At 1 g and M∞ = 0.65, the VFA wing tip vertical displacement is 14.2% semispan, more than
twice that of the FA wing tip. At 1.5 g, the VFA wing tip vertical displacement reaches 19.1%
semispan compared with the 9.8% semispan displacement of the FA wing tip. Similarly, at 1 g and
M∞ = 0.83, the VFA wing tip vertical displacement is 11.2% semispan, twice that of the FA wing
tip. At 2 g, the VFA wing tip vertical displacement reaches 18.5% semispan compared with the
11.4% semispan displacement of the FA wing tip1.

3.3.2 VFA Test Case with Flared Folding Wingtips

The studies conducted for the VFA test with the FFWTs consider the wingtip spanning approxi-
mately 22% of the VFA’s semispan. This corresponds to the hinge line in Fig. 3.6 located approx-
imately at the wingtip of the FA test case. The flare angle Λ denotes the angle between the hinge

1Results at load factors higher than 1.5 g at M∞ = 0.65 are not available due to a limitation with aerodynamic
data at these flight conditions.
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Figure 3.5: Static aeroelastic trim shape, M∞ = 0.83.

Λ
Λ

Figure 3.6: Position of the FFWT’s hinge for the VFA test case.

line and the flow direction and is positive for an outward hinge line orientation.
First, Table 3.10 shows the impact of varying hinge stiffness on the natural frequencies for

the clamped VFA wingbox. The impact of flare angle for these results are not considered. For a
zero hinge stiffness, there is a rigid body mode for the folding wingtip. As the hinge stiffness is
increased, the frequencies start converging to the fixed hinge case. Also, the impact of the hinge
stiffness is observed mainly for the first few modes. The impact of flare angle on the structural
frequencies is low as shown in Table 3.11.

The dynamic simulations considered in this work start from a nonlinear trimmed solution.
Fig. 3.7 shows the static aeroelastic trim shape of the VFA test case with FFWTs with zero hinge
stiffness for varying load factors. At M∞ = 0.65, the FFWTs rotate more compared to M∞ = 0.83.
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Table 3.10: VFA wingbox normalized natural frequencies with FFWT for varying hinge stiffness
and Λ = 0 deg (half-load case).

Frequency (Hz)

Mode # kH
y = 0 Nm/rad kH

y = 104 Nm/rad kH
y = 108 Nm/rad Fixed hinge

1 0.00 0.02 1.00 1.00
2 1.35 1.35 2.70 2.71
3 2.81 2.81 2.84 2.84
4 4.59 4.59 5.68 5.70
5 7.34 7.34 7.34 7.34
6 9.31 9.31 9.73 9.73
7 9.74 9.74 9.98 9.98
8 11.41 11.41 13.97 14.03
9 15.22 15.22 15.58 15.60

10 16.02 16.02 16.04 16.04

Table 3.11: VFA wingbox normalized natural frequencies with FFWT for varying flare angle and
kH
y = 0 Nm/rad (half-load case).

Frequency (Hz)

Mode # Λ = 0 deg Λ = 10 deg Λ = 25 deg

1 0.00 0.00 0.00
2 1.35 1.35 1.35
3 2.81 2.81 2.81
4 4.59 4.59 4.58
5 7.34 7.34 7.34
6 9.31 9.53 9.65
7 9.74 9.75 9.84
8 11.41 11.47 11.53
9 15.22 15.38 15.56

10 16.02 16.02 16.00
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Figure 3.7: VFA static aeroelastic trim shape with FFWTs.

These results are further explored further in the subsequent chapters.
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CHAPTER 4

Roll Maneuverability and Maneuver Load
Alleviation

The studies in this chapter address the first and second research objective of the thesis by investi-
gating roll maneuverability and load alleviation in transonic HARW aircraft. First, the chapter dis-
cusses the effectiveness of using traditional trailing-edge control surfaces for rolling these aircraft,
considering varying spanwise placement. Second, the chapter explores the benefits and limitations
of wingbox passive aeroelastic tailoring for improving roll maneuverability when commanding
deflections of trailing-edge control surfaces. Third, the chapter explores the potential use of un-
conventional control effectors such as leading-edge control surfaces and FFWTs for performing
roll maneuvers and alleviate the resulting loads. Finally, this chapter also investigates impact of
geometrically nonlinear effects on the roll control effectiveness of transonic HARW aircraft.

4.1 Roll Maneuver for Certification

The FAA [53] roll maneuverability certification requirement for civil transport aircraft states:

“With the airplane in trim, or as nearly as possible in trim, for straight flight, establish
a steady 30-degree banked turn. Demonstrate that the airplane can be rolled to a 30-
degree bank angle in the other direction in not more than 11 seconds. The rudder may
be used to the extent necessary to minimize sideslip. Demonstrate this maneuver in the
most adverse direction. The maneuver may be unchecked, that is, the pilot need not
apply a control input to stop the roll until after the 30-degree bank angle is achieved.
Care should be taken to prevent excessive sideslip and bank angle during the recovery.”

To fulfill the above criterion, the aircraft must establish a roll rate in a given time. A simplified
expression for the roll motion of a rigid aircraft is given by:

Ixxṗ = Lδδ + Lpp. (4.1)
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In this equation, p is the roll rate, ṗ is its time derivative, Ixx is the roll moment of inertia, δ is
the control-surface deflection, Lδ is the roll moment coefficient, and Lp is the roll rate damping
coefficient. The roll rate of an aircraft for a given control-surface deflection depends on three main
factors: control-surface effectiveness given by the Lδ term, roll damping given by the Lpp term
(which increases with the wing span), and the roll moment of inertia. Increasing the control-surface
effectiveness and decreasing the roll damping and roll moment of inertia improve the aircraft’s roll
maneuverability. The impact of these factors on the roll maneuverability of a transonic HARW
aircraft is studied through static and dynamic analyses. The static analyses highlight the impact of
the control-surface effectiveness; the dynamic analyses, which consider a roll maneuver similar to
the certification criterion, show the impact of the roll damping and roll moment of inertia.

This chapter starts with Sec. 4.2, which discusses the studies on the effectiveness of trailing-
edge control surfaces at various spanwise positions. This is followed by Sec. 4.3, which compares
the benefits and limitations of deploying leading-edge control surfaces compared with trailing-edge
control surfaces. Section 4.4 investigates the roll maneuverability and maneuver load alleviation
resulting from deploying trailing- and leading-edge control surfaces along with FFWTs. Finally,
Sec. 4.5 summarizes the results.

4.2 Trailing-Edge Control Surfaces

This section investigates the impact of the spanwise placement of trailing-edge control surfaces on
roll maneuverability of the VFA test case compared to the FA test case. The static and dynamic
responses of the FA and VFA test cases for given control-surface deflections are compared in
terms of control-surface effectiveness (static response) and of the roll angle developed during a
bank-to-bank maneuver (dynamic response). Results for parametric variations in the wing stiffness
properties, which mimic passive aeroelastic tailoring, are presented to discuss design guidelines for
improving roll maneuverability. The impact of geometrically nonlinear effects is also discussed by
comparing the aileron effectiveness. Section 4.2.1 describes the numerical studies and Secs. 4.2.3
and Sec. 4.2.4 discuss the static and dynamic results, respectively.

4.2.1 Analysis Setup

Roll maneuvers are simulated by time-marching the coupled nonlinear aeroelastic-flight dynamics
equations of motion [Eqs. (2.14) and (2.15)] along with the associated kinematic equations, starting
with the aircraft trimmed for 1-g level flight. The trim solution at each flight condition takes
into account the aircraft statically deformed shape, which is determined by means of a nonlinear
aeroelastic trim process (see Sec. 3.3.1).
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Figure 4.1: Location of trailing-edge control surfaces.

To study the impact of control-surface spanwise placement, the wings of the FA and VFA test
cases are subdivided into multiple regions associated with control surfaces that can be deflected
individually, as shown in Fig. 4.1. The regions are reported in Table 4.1 and are chosen to have con-
trol surfaces of approximately the same spanwise length. The trailing-edge control-surface hinge
line considers a constant control-surface to wing chord fraction of 0.22, which is a representative
value for a civil transport aircraft.

The control surfaces numbered from #1 to #4 span from the wing-fuselage interface to the pylon
location (first group in Table 4.1). The pylon is placed at the same dimensional spanwise location
in the FA and VFA test cases [90]. The segments from #6 to #22 span from the pylon to the FA
wingtip (second group in Table 4.1). The VFA has more aileron segments associated with the
longer wing span (third group in Table 4.1).

4.2.2 Control-Surface Aerodynamic Models

The trailing-edge control-surface derivatives for the lift and quarter-chord pitching moment coef-
ficient at a given cross section are given by the analytical relations [17, 107]:

clδ =
clα
π
(cos−1c∗ +

√
1− c∗2), cmδ

= −(1 + c∗)
√
1− c∗2

2
. (4.2)

The quantity c∗ = 1 − 2cfr where cfr is the control-surface to wing chord fraction (0.22 for the
trailing-edge control surfaces in this study). For a constant value of this parameter, cmδ

is constant
along the span and clδ varies with the local lift curve slope clα . Figure 4.2 shows the variation of the
clδ along the VFA wing span for M∞ = 0.65, 0.83 using the assumed parameters. The dependency
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Table 4.1: FA and VFA control-surface segments.

Spanwise location (m)

Start End

Segment # FA VFA FA VFA

1 3.12 3.12 4.40 4.35
2 4.40 4.35 5.65 5.60
3 5.65 5.60 6.80 6.88
4 6.80 6.88 7.71 8.18
5 7.71 8.18 8.94 9.48

6 8.94 9.48 10.25 10.75
7 10.25 10.75 11.45 11.80
8 11.45 11.80 12.65 12.90
9 12.65 12.90 13.85 14.00

10 13.85 14.00 15.00 15.20
11 15.00 15.20 16.15 16.30
12 16.15 16.30 17.30 17.40
13 17.30 17.40 18.45 18.60
14 18.45 18.60 19.60 19.70
15 19.60 19.70 20.75 20.80
16 20.75 20.80 21.90 21.90
17 21.90 21.90 23.08 23.10
18 23.08 23.10 24.30 24.20
19 24.30 24.20 25.45 25.27
20 25.45 25.27 26.65 26.30
21 26.65 26.30 27.84 27.40
22 27.84 27.40 28.88 28.55

23 – 28.55 – 29.60
24 – 29.60 – 30.70
25 – 30.70 – 31.83
26 – 31.83 – 32.90
27 – 32.90 – 34.00
28 34.00 35.11

50



0 5 10 15 20 25 30 35
Spanwise position (m)

0

1

2

3

4

5

6

7

8
C l

 (1
/ra

d)
M = 0.65
M = 0.83

(a) FA

0 5 10 15 20 25 30 35
Spanwise position (m)

0

1

2

3

4

5

6

7

8

C l
 (1

/ra
d)

(b) VFA

Figure 4.2: Spanwise variation of clδ for trailing-edge control surfaces.

of clδ on the flight condition is through the local lift curve slope, which also varies along the span.
The cmδ

is constant with the flight condition and the spanwise location, equal to −0.646 rad−1 with
the chosen control-surface to wing chord fraction. The cdδ is zero.

4.2.3 Static Analysis

The discussion of static results is as follows: Sec. 4.2.3.1 compares the control effectiveness of the
FA and VFA test cases for different control-surface spanwise placement; Sec. 4.2.3.2 explores the
impact of passive aeroelastic tailoring; and Sec. 4.2.3.3 investigates the relevance of geometrical
nonlinearities associated with nonlinear kinematics and follower aerodynamic loads.

4.2.3.1 Control-Surface Effectiveness

This section begins by comparing the static roll response of the FA and VFA test cases to highlight
the impact of moving from a regular-aspect-ratio wing to a HARW. The wings of the two test cases
are considered as root-clamped, isolated components at a rigid (wing-root) angle of attack of 2
deg, which is representative of a typical trim value for a 1-g level flight cruise case. Figures 4.3
compares the roll aerodynamic moments of the VFA test case considering two different trailing-
edge control-surface segments as the ailerons with the aerodynamic moments of the FA test case
considering the trailing-edge control-surface segment that corresponds to the typical aileron po-
sition for a contemporary civil transport aircraft. While the aileron locations for current aircraft
with regular-aspect-ratio wings are known, the best locations for these devices on future HARW
versions is undefined. Thus, two choices are considered to investigate how spanwise placement
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impacts roll control effectiveness.
For the FA test case, the inboard and outboard ailerons span the segments from #16 to #18

and from #19 to #21, respectively. For the VFA test case, two aileron layouts are considered. In
configuration 1, the VFA inboard and outboard ailerons span the segments from #19 to #21 and
from #22 to #24. These segments are chosen so the ailerons occupy the same normalized spanwise
locations as the corresponding FA ailerons. With this choice, the VFA ailerons are placed at a
larger dimensional distance from the wing root than in the FA test case, resulting in longer moment
arms. Despite the longer aileron moment arms, the VFA wing develops smaller roll aerodynamic
moment increments for given deflections than the FA wing. This is due to the stronger washout
effects, which are exacerbated in the VFA test case with aileron configuration 1 due to the higher
wing structural flexibility in the outer part of the wing. Additionally, the VFA aileron response
in the case of configuration 1 shows nonlinear effects at M∞ = 0.83 for both the inboard and
outboard ailerons. This is also observed for the outboard ailerons at M∞ = 0.65 (see Fig. 4.3b).
The higher VFA wing flexibility causes control reversal in the outboard ailerons (see Figs. 4.3b
and 4.3d).

In configuration 2, the VFA inboard and outboard ailerons are positioned at the same dimen-
sional distance from the wing root as the FA ailerons. This results in higher aileron effectiveness
due to the more inboard placement. Since the inboard wing region is stiffer, the inboard VFA
aileron response is linear and qualitatively similar to the FA aileron response. The VFA test case
develops larger roll moments (in magnitude) at M∞ = 0.83 for the outboard ailerons.

Inboard ailerons are always more effective than the outboard ailerons for each test case, flight
condition, and aileron configuration (for the VFA test case) despite the longer moment arm. This
is motivated by lower wash-out effects due to the lower out-of-plane bending displacements more
inboard. Additional studies analyze the impact of trailing-edge control-surface placement on roll
maneuverability of the VFA test case. The static roll response is quantified in terms of control
effectiveness ηδ as a function of control-surface spanwise placement y for selected deflections.
Control effectiveness is computed as the roll aerodynamic moment increment ∆L per unit deflec-
tion δ and area Sδ:

ηδ(y) =
∆L(y)

δ

1

Sδ(y)
. (4.3)

The area Sδ varies along the span because all control surfaces have approximately the same span-
wise length but smaller chord values toward the tip due to the assumed uniform ratio of their chord
compared with the local wing chord.

Figure 4.4 shows the variation in the control effectiveness with the spanwise placement of the
deflected trailing-edge control surface considering the wing as rigid. Each horizontal bar denotes
the level of control effectiveness for given control-surface spanwise location. For both flight con-
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(b) Outboard ailerons, M∞ = 0.65
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(c) Inboard ailerons, M∞ = 0.83
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(d) Outboard ailerons, M∞ = 0.83

Figure 4.3: VFA vs. FA static roll moment comparison for given inboard/outboard aileron deflec-
tion.
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Figure 4.4: VFA vs. FA roll control effectiveness as a function of control-surface spanwise place-
ment (rigid wing).

ditions, control effectiveness peaks when deflecting control surfaces at 85% of the semispan. This
is a trade-off between the increase in moment arm and the drop in clδ (see Fig. 4.2) toward the
wingtip. The roll control effectiveness of VFA is higher than for the FA for each control surface in
the absence of flexibility. Control effectiveness also increases with dynamic pressure because the
rigid wing generates more lift for the same control-surface deflection.

Figure 4.5 shows the results for the case of flexible wings. For both flight conditions, each con-
figuration shows similar qualitative spanwise trends. Control effectiveness increases when moving
from the wing root to a spanwise location of approximately 17.5 m, then it decreases in the outer
wing region. The spanwise location where control effectiveness peaks corresponds to 60% of the
FA test case semispan and to 50% of the VFA test case semispan. The initial increase in control ef-
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fectiveness when moving away from the wing root is due to the longer moment arm of the deflected
control surfaces. This increase continues as long as the control surface remains in a wing region
subject to moderate aeroelastic effects. The decrease in aileron effectiveness from the 17.5-meter
spanwise location to the wingtip is motivated by the detrimental influence of aeroelastic deflections
in the outer wing region. Control surfaces toward the wingtip not only have lower effectiveness,
but also exhibit stronger nonlinear effects, particularly at M∞ = 0.83 and for the VFA test case.
This can be observed by the variation in aileron effectiveness with the commanded deflection an-
gle. While they are exacerbated in the VFA test case, nonlinear effects and control reversal in the
outboard ailerons are present even for the FA test case at M∞ = 0.83. However, the VFA test case
experiences control reversal for small values of the deflection angle at both flight conditions.

For a given aircraft, comparing results at M∞ = 0.65 and M∞ = 0.83 shows that outer aileron
segments are less effective at M∞ = 0.83. This is expected due to the larger aeroelastic deflections
in the wing region toward the wingtip, resulting in stronger wash-out effects. However, inboard
segments (for both FA and VFA) are more effective at M∞ = 0.83 than at M∞ = 0.65. This
is because wing deflections at those spanwise locations remain modest, while the higher dynamic
pressure at M∞ = 0.83 results in larger roll moment increments for the same deflection angle.
Comparing FA and VFA results at M∞ = 0.65 shows that aileron segments at the same spanwise
locations have comparable effectiveness, while the additional outboard segments placed in the
VFA region beyond the FA wingtip are in reversal. Similar behavior is observed at M∞ = 0.83,
although at this flight condition the the response of the outboard segments highly depends on the
deflection angle.

These results show that placing the VFA ailerons at the same dimensional spanwise locations as
the FA ailerons results in comparable control effectiveness. In contrast, placing the VFA ailerons
at the same normalized spanwise location results in a significant degradation of control effective-
ness. For both test cases, an even higher aileron effectiveness and slighter nonlinear effects can be
achieved by moving the ailerons closer to the spanwise location where control effectiveness peaks.
This location moves from 60% of the semispan for the FA test case to the midspan for the VFA
test case.

4.2.3.2 Impact of Wingbox Passive Aeroelastic Tailoring

Next, the influence of spanwise placement of trailing-edge control surfaces is studied in combi-
nation with wingbox passive aeroelastic tailoring for the VFA test case. The objective of these
investigations is to understand how the wing stiffness impacts control effectiveness. For a swept
wing, the roll response is affected by the kinematic coupling of out-of-plane bending and torsion
due to the sweep angle. The effect of this coupling is exacerbated with higher flexibility in both
out-of-plane bending and torsion stiffness. The out-of-plane bending and torsion stiffness coupling
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Figure 4.5: VFA vs. FA roll control effectiveness as a function of control-surface spanwise place-
ment (flexible wing).
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term of the wing is an additional factor. To isolate the effect of these different factors, the studies
consider uniform variations in the VFA wing’s out-of-plane bending and torsion stiffness spanwise
distributions and in the coupling term between out-of-plane bending and torsion.

Figure 4.6 shows the results an aileron deflection of 2 deg with a 15% and a 100% increase in
stiffness. A 15% increases in stiffness corresponds to a practical variation that can be considered
for passive aeroelastic tailoring; a 100% increase corresponds brings the VFA test case flexibility
to comparable with the FA test case. The results for varying coupling term consider the case of
reversal in sign and of zero coupling. Figure 4.7 shows an additional limiting case for the out-of-
plane bending and torsion stiffness with an infinite increase in the respective stiffness terms for
varying deflection angles. Variations in the out-of-plane bending stiffness have a stronger impact
on control effectiveness, which increases moving from the wing root to the wingtip. Figs. 4.6a and
4.6b show the outboard shift in the peak value of control effectiveness with increasing stiffness. A
lower out-of-plane bending stiffness is the key factor in the reduced control effectiveness along the
wingspan. In fact, the results in Figs. 4.7a and 4.7b where the VFA wing is rigid in out-of-plane
bending but flexible in torsion show similar spanwise trends as observed for the rigid wing (see
Fig. 4.4). Figures 4.6c and 4.6d show a less significant impact of varying the wing’s torsion stiff-
ness. However, if the spanwise placement study is repeated for a wing rigid in torsion but flexible
in out-of-plane bending (see Fig. 4.7), the nonlinear effects for the outboard layout are reduced. At
M∞ = 0.65, the stiffened wing in torsion has the same control effectiveness for a given spanwise
placement regardless of the deflection angle. These results show that torsion stiffness drives the
nonlinearities in the control-surface effectiveness, while the global spanwise placement trends are
influenced by the out-of-plane bending stiffness. The last two plots of Fig. 4.6 show the role of the
coupling term between out-of-plane bending and torsion. Reversing the coupling term sign has a
negligible impact, specially towards the wingtip. The results obtained for M∞ = 0.85 show sim-
ilar qualitative trends, but the impact of property variations increases due to stronger aeroelastic
effects. These results highlight the benefits of increasing the wing out-of-plane bending stiffness
for maximizing the effectiveness of a given aileron, compatibly with other constraints and penalties
in performance. However, the influence of wingbox passive aeroelastic tailoring becomes slighter
for more inboard ailerons and at lower dynamic pressure conditions, where aileron effectiveness is
primarily dictated by the spanwise placement.

4.2.3.3 Impact of Geometrically Nonlinear Effects

To conclude the static studies, this section investigates the impact of geometrically nonlinear effects
to understand whether they must be considered to capture roll control effectiveness of transonic
HARW aircraft. The study considers the ailerons for the results in Fig. 4.3. Those results assumed
nonlinear kinematics and follower aerodynamic loads as a default. In the case of linear kinematics,
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(c) Torsion stiffness, M∞ = 0.65
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(e) Out-of-plane bending and torsion coupling,
M∞ = 0.65
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Figure 4.6: VFA roll control effectiveness variation for uniform scaling of stiffness distributions.
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Figure 4.7: VFA roll control effectiveness variation for a stiffened wing.
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shortening effects are neglected and the Jacobians used for updating the deformed configuration
are evaluated in the undeformed shape. The case of non-follower aerodynamic loads neglects the
change in orientation of these loads consistent with the deformed shape. The assumptions of linear
kinematics and non-follower aerodynamics together correspond to a traditional linear aeroelastic
analysis.

Figure 4.8 shows the results at M∞ = 0.65. The FA roll response for both inboard and outboard
ailerons is not impacted by the geometrically nonlinear effects. Similar behavior is observed for
the VFA test case for both aileron configurations, with only slight differences at high deflection
angles based on the choice of nonlinear versus linear kinematics. The impact of assuming follower
or non-follower aerodynamics is negligible. These results are motivated by smaller deflections of
the wing at this flight condition where linear assumptions is valid. Figure 4.9 shows the results
for the M∞ = 0.83. The impact of geometrically nonlinear effects is more pronounced due to the
larger wing deflections. There are small variations at higher aileron deflections of the outboard
ailerons for the FA test case based on the type of kinematic descriptions selected. Similar behavior
is observed for the aileron configuration 2 of the VFA test case. The maximum impact, however, is
observed for the aileron configuration 1 of the VFA test case. The response of the outboard ailerons
for this configuration varies significantly with the type of kinematics and direction of aerodynamic
loads. The roll response is lower in the case of linear kinematics and non-follower aerodynamic
loads. In fact, the outboard ailerons are not in reversal when considering nonlinear kinematics
and follower aerodynamics, while a reversal is predicted when considering linear kinematics or
non-follower aerodynamics.

The impact of geometrically nonlinear effects is appreciable only for the outboard ailerons at
flight conditions with significant wing deflections. Because the outboard ailerons have lower con-
trol effectiveness, they are unlikely to be deployed as primary control surfaces for roll maneuvers.
However, there is a growing interest in exploring outboard ailerons in combination with inboard
ailerons for load alleviation. For this applications, one has to consider geometrically nonlinear
effects to capture the aileron response. Neglecting these effects may predict lower control effec-
tiveness or reversal, leading to control inputs that are detrimental to load alleviation.

4.2.4 Dynamic Analysis

The influence of aileron spanwise placement is further investigated by means of dynamic simu-
lations for selected aileron layouts chosen based on the static results of Sec. 4.2.3. The selected
layouts are shown in Fig. 4.10.

For the FA test case, the selected layouts assume the segments from #16 to #18 (inboard aileron
configuration, or layout #1) and the segments from #13 to #15 (outboard aileron configuration, or
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(d) VFA, outboard ailerons, conf 1
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(e) VFA, inboard ailerons, conf 2
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(f) VFA, outboard ailerons, conf 2

Figure 4.8: Impact of geometrically nonlinear effects on roll control effectiveness, M∞ = 0.65.

61



0 2 4 6 8 10 12 14 16
Aileron deflection (deg)

1.0

0.5

0.0

0.5

1.0

1.5

2.0

2.5

3.0
C

on
tro

l e
ffe

ct
iv

en
es

s 
(1

06  
N

-m
) Linear, follower

Linear, non-follower
Nonlinear, follower
Nonlinear, non-follower

(a) FA, inboard ailerons

0 2 4 6 8 10 12 14 16
Aileron deflection (deg)

1.0

0.5

0.0

0.5

1.0

1.5

2.0

2.5

3.0

C
on

tro
l e

ffe
ct

iv
en

es
s 

(1
06  

N
-m

)

(b) FA, outboard ailerons

0 2 4 6 8 10 12 14 16
Aileron deflection (deg)

1.0

0.5

0.0

0.5

1.0

1.5

2.0

2.5

3.0

C
on

tro
l e

ffe
ct

iv
en

es
s 

(1
06  

N
-m

)

(c) VFA, inboard ailerons, conf 1

0 2 4 6 8 10 12 14 16
Aileron deflection (deg)

1.0

0.5

0.0

0.5

1.0

1.5

2.0

2.5

3.0

C
on

tro
l e

ffe
ct

iv
en

es
s 

(1
06  

N
-m

)

(d) VFA, outboard ailerons, conf 1

0 2 4 6 8 10 12 14 16
Aileron deflection (deg)

1.0

0.5

0.0

0.5

1.0

1.5

2.0

2.5

3.0

C
on

tro
l e

ffe
ct

iv
en

es
s 

(1
06  

N
-m

)

(e) VFA, inboard ailerons, conf 2
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Figure 4.9: Impact of geometrically nonlinear effects on roll control effectiveness, M∞ = 0.83.
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Layout 1
Layout 2

(a) FA test case

Layout 1
Layout 2

Layout 3

(b) VFA test case

Figure 4.10: Aileron layouts considered in dynamic analyses.

layout #2), which has higher aileron effectiveness while remaining at a similar spanwise location.
For the VFA test case, layout #1 and layout #2 span the same spanwise locations from the wing
root as for the FA. An additional case is considered where the control surface spans segments from
#19 to #21 (layout #3). Although it has lower aileron effectiveness, this case is considered as this
layout is at approximately the same non-dimensional spanwise location as the FA baseline aileron
layout #2, resulting in a more outboard dimensional placement due to the longer VFA wing span. A
further inboard layout is not considered in the dynamic studies because of practical constraints that
may prevent placing ailerons this far inboard. Furthermore, control effectiveness only increases
moderately for control surface segments inboard of the layout #1 (see Fig. 4.4), then it decreases
as moving closer to the wing root.

The dynamic roll responses of the FA and VFA test cases are compared for a bank-to-bank
maneuver commanded by applying an anti-symmetric control-surface deflection starting from a
trimmed level flight condition at 1 g. The time history of the deflection applied to the right wing
control surface is shown in Fig. 4.11. This time history is determined so that the FA with layout
#2, which corresponds to the FA baseline aileron configuration, meets the roll maneuverability
requirement reported in the regulations [53]. With the anti-symmetric input in Fig. 4.13 applied to
layout #2, the FA performs the bank-to-bank maneuver in 9.5 seconds at M∞ = 0.65. The same
input is applied to all the FA and VFA aileron layouts to compare the roll responses.

The static analyses showed the impact of wing flexibility on control effectiveness of the VFA
test case compared with the FA test case. For dynamic maneuvers, the higher roll moment of
inertia of the VFA test case also impacts the roll rate. Additionally, as explained in Sec. 4.1,
the roll rate also depends on the roll damping, which increases with the wingspan. For a rigid
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Figure 4.11: Right control-surface deflection.

wing, the relationship of roll damping with wingspan can be established analytically. For a flexible
wing, aeroelastic deflections and washout effects (in the presence of sweep) alter the roll damping.
Therefore, dynamic roll responses of FA and VFA test case are first compared for different layouts
for the case of rigid wing in Fig. 4.12. This corresponds to isolating the impact of the longer wing
span of the VFA test case, which increases the roll moment of inertia and the roll damping, without
considering its indirect impact on the roll damping due to the higher flexibility. The roll response
for the rigid wing is simulated for only a step input (the first five seconds of the bank-to-bank input
in Fig. 4.11). This is because, at M∞ = 0.83, the roll angle increases significantly for a rigid
wing, resulting in the aircraft nearing a 90-degree roll angle. For a rigid wing at M∞ = 0.65, the
VFA develops a smaller steady roll rate compared with the FA due to the larger roll inertia and
increased roll damping, which come from the longer span. However, the ailerons of the VFA test
case have larger areas than the ones of the FA, so developing higher roll moment (see Fig. 4.5). For
the given control surface deflection, the detrimental impact of the larger roll moment of inertia and
roll damping is higher at M∞ = 0.65, making the VFA test case roll more slowly. At M∞ = 0.83,
the higher roll moments developed by the VFA have a more prominent effect and the FA and VFA
test cases have a comparable roll response. For this case that considers a rigid wing, there are no
differences in the response with the spanwise placement of the selected aileron layouts. This is
because the higher roll control effectiveness associated with a more inboard placement is counter
balanced by the longer moment arm of an outboard placement.

Figures 4.13 show bank-to-bank maneuvers for the case of flexible wings. At M∞ = 0.65,
FA develops the required 60-deg roll angle change faster when deflecting the ailerons for layout
#1 than for layout #2, consistently with the static results. The VFA has a slower roll response
than the FA for both the aileron layouts #1 and #2 at M∞ = 0.65 due to a larger roll moment
of inertia by the longer wing span. The VFA with layout #3 maneuvers much more slowly and
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Figure 4.12: VFA vs. FA step input maneuver (rigid wing).
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(b) Roll angle, M∞ = 0.83
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(c) Roll rate, M∞ = 0.65
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(d) Roll rate, M∞ = 0.83

Figure 4.13: VFA vs. FA bank-to-bank maneuver.

would require a much higher control surface deflection to meet the certification criterion, which
might not be practically feasible with limitations on the hinge loads, actuation bandwidth etc. The
results at M∞ = 0.83 show that the VFA test case has higher roll maneuverability when deflecting
aileron layouts #1 and #2 compared with the FA test case. The VFA ailerons have comparable
effectiveness than the corresponding FA ailerons at M∞ = 0.83, as shown in Fig. 4.5b. However,
roll damping effects are smaller for the VFA test case due to the washout effects in the wingtip
region, which are more pronounced at this flight condition. The higher impact of aeroelastic effects
at this flight condition can also be appreciated by the higher roll maneuverability of the most
inboard placement (layout #1) at this flight condition compared with M∞ = 0.65. On the other
hand, a lower maneuverability for layouts #2 and #3 is observed at this flight conditions because
these regions are subjected to higher out-of-plane deflections, which impact control effectiveness.

66



0 2 4 6 8 10 12 14 16 18
Time (s)

60

40

20

0

20

40

60
R

ol
l a

ng
le

 (d
eg

)

VFA layout #2
VFA layout #2, tailored
VFA layout #3
VFA layout #3, tailored
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(b) Roll angle, M∞ = 0.83
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(c) Roll rate, M∞ = 0.65
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(d) Roll rate, M∞ = 0.83

Figure 4.14: VFA bank-to-bank maneuver with aeroelastically tailored wingbox.

For the VFA, aileron effectiveness decreases considerably for layout #3 due to aeroelastic effects,
resulting in a very slow roll maneuver compared to the other configurations.

Figures 4.14 shows results for the selected layouts combined with wingbox passive aeroelastic
tailoring. Based on the parametric studies in Sec. 4.2.4, modified wingbox designs are considered
where the out-of-plane bending and torsion stiffness are increased by 15% uniformly along the
span. The roll maneuvers in Fig. 4.13 are then repeated for the VFA test case considering the
aeroelastically tailored wingbox and by deflecting aileron layouts #2 and #3. At both the flight
conditions, the VFA test case with a tailored wingbox shows faster the roll response compared with
baseline wingbox. Higher improvements are observed for the more outboard located layout #3.
The impact of wingbox passive aeroelastic tailoring becomes stronger at M∞ = 0.83. However,
applying wingbox passive aeroelastic tailoring is not sufficient to improve the roll response for the
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(a) Yaw angle, M∞ = 0.65
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(b) Yaw angle, M∞ = 0.83
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(c) Pitch angle, M∞ = .65
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(d) Pitch angle, M∞ = 0.83

Figure 4.15: VFA vs. FA bank-to-bank maneuver (lateral/longitudinal response).

case of aileron layout #3 so it is comparable with the response of the more inboard aileron layout
#2. Finally, Fig. 4.15 shows results for the effect of different control surface placements on the
lateral and longitudinal response of the aircraft during the roll maneuver considered in this section.
The impact on the longitudinal response is more minor, especially for the layout #2 and #3. An
inboard placement creates a higher effect of adverse yaw. At M∞ = 0.83, higher variations in
pitch and yaw are observed for the VFA test case with the most inboard layout.

This section investigated the impact of the spanwise placement of trailing-edge control surfaces
on roll maneuverability. The studies in the remainder of the chapter will investigate the effect of the
spanwise placement of trailing-edge control surfaces on maneuver load alleviation. The feasibility
of deploying leading-edge control surfaces and FFWTs for improving roll maneuverability will
also be investigated.
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Figure 4.16: VFA spanwise variation of clδ for leading-edge control surfaces.

4.3 Leading-Edge Control Surfaces

This section compares the roll maneuverability and load alleviation capabilities of leading-and
trailing-edge control surfaces for the VFA test case. The impact of the spanwise placement of
leading-edge control surfaces will be examined against the trailing-edge control surfaces.

First, Sec. 4.3.1 details the control surface modeling. Sec. 4.3.2 presents static results for vary-
ing control-surface placement. Finally, Sec. 4.3.3 presents dynamic simulations of roll maneuvers
for selected control-surface layouts.

4.3.1 Analysis Setup

The control-surface derivatives for the leading-edge control surfaces are obtained from a literature
ratio between the trailing- and leading-edge values [71]. The ratio of the leading- to trailing-edge
Clδ values is assumed as 0.074 and the one between the Cmδ

values is assumed to be −0.251.
The control-surface chord to wing chord fraction is 0.10 for the leading-edge control surfaces.
Figure 4.16 shows the variation of the clδ along the VFA wing span for two flight conditions M∞ =

0.65, 0.83 using the assumed parameters. The cmδ
is a constant value equal to 0.16 rad−1. Similar

to the trailing-edge control surfaces in Fig. 4.1, the VFA test case is subdivided into multiple
segments associated with the leading-edge control surfaces that can deflect individually. Fig. 4.17
shows the trailing- and leading-edge control surfaces that are located at same spanwise location as
reported in Table 4.1.
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Figure 4.17: Leading-edge vs. trailing-edge control-surface spanwise definition for the VFA test
case.

4.3.2 Static Analysis

The effect of leading-edge control surfaces on load alleviation compared to trailing-edge control
surfaces is studied by quantifying the out-of-plane bending and torsion moment variation at the
wing root. The roll control effectiveness (defined in Sec. 4.2.3) is also presented to explore the
trade-off between maneuverability and load alleviation. The trailing-edge results for control effec-
tiveness are shown again to highlight the differences.

A spanwise placement study for the leading- and trailing-edge control surfaces is presented.
Wing root bending and torsion moment variation and roll control effectiveness are compared for
given deflections of each leading- and trailing-edge control surface defined in Fig. 4.17. The loads
are shown at the wing root because trends are similar for other locations. Similar to the roll control
effectiveness, the wing root moment variations are normalized by the control-surface deflection
angle and area. The sign of the roll control effectiveness is such that a negative sign means control
reversal. A negative value of bending or torsion moment variation indicates load alleviation with
respect to the loads at the static aeroelastic solution without deflected control surfaces.

First, the roll control effectiveness of the leading- and trailing-edge control surfaces are com-
pared in Fig. 4.18 considering the wing as rigid. Horizontal bars denote the control-surface span-
wise location. For both flight conditions, roll control effectiveness peaks when deflecting control
surfaces at 85% of the semispan. Similar to results in Sec. 4.2.3, there is a trade-off between
the increase in the moment arm and the drop in clδ (see Fig. 4.17) toward the wingtip. Roll con-
trol effectiveness of trailing-edge control surfaces is an order of magnitude higher than the one
of leading-edge control surfaces due to their larger control-surface derivatives. Higher dynamic
pressure increases control effectiveness because the rigid wing generates more lift for the same
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(a) Trailing-edge control surfaces, M∞ = 0.65
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(b) Leading-edge control surfaces, M∞ = 0.65
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(c) Trailing-edge control surfaces, M∞ = 0.83
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(d) Leading-edge control surfaces, M∞ = 0.83

Figure 4.18: Roll control effectiveness as a function of control-surface spanwise placement (rigid
wing).

control-surface deflection. For this rigid case, control effectiveness is the same regardless of the
control-surface deflection due to the lack of aeroelastic effects.

The results for the wing considered as flexible are shown in Figs. 4.19 to 4.19. In this case,
the roll control effectiveness peaks around the same spanwise location for both types of control
surfaces. For a flexible wing, the roll aerodynamic moment is impacted by the loss in lift due
to wash-out effects and the increase in lift due to control-surface deflection, the latter being the
only contribution for a rigid wing. At a given flight condition, larger wing aeroelastic deflections
towards the wingtip cause more substantial wash-out effects in that region. This makes roll control
effectiveness drop when deflecting control surfaces outboard of the midspan despite their longer
moment arm. Also, compared to the rigid wing, the difference between the maximum control
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(a) Trailing-edge control surfaces, M∞ = 0.65
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(b) Leading-edge control surfaces, M∞ = 0.65
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(c) Trailing-edge control surfaces, M∞ = 0.83
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(d) Leading-edge control surfaces, M∞ = 0.83

Figure 4.19: Roll control effectiveness as a function of control-surface spanwise placement (flexi-
ble wing).

effectiveness of the trailing-edge control surfaces compared to the leading-edge control surfaces is
lower. This is motivated by a lower drop in the effectiveness of the leading-edge control surfaces
due to their pitching moment, which counters the washout effects. At higher dynamic pressure,
trailing-edge control surfaces show stronger nonlinear effects, though control reversal is avoided
for certain deflections near the wingtip (Fig. 4.19c). This behavior is motivated by the low torsional
stiffness as explained in Sec. 4.2. The leading-edge control surfaces show no control reversal
and behave linearly for varying control-surface deflection. This is motivated by their smaller roll
control effectiveness than the trailing-edge control surfaces at the same spanwise locations due to
lower control-surface derivatives. Also, leading-edge control surfaces produce a positive moment,
which counteracts wash-out effects and prevents reversal.
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(a) Trailing-edge at M∞ = 0.65

0 5 10 15 20 25 30 35
Control-surface spanwise position (m)

2

1

0

1

2

3

4

5

6

W
R

BM
 v

ar
ia

tio
n 

(1
04  

N
-m

/d
eg

/a
re

a)

(b) Leading-edge at M∞ = 0.65
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(c) Trailing-edge at M∞ = 0.83
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(d) Leading-edge at M∞ = 0.83

Figure 4.20: Out-of-plane wing root bending moment variation as a function of control-surface
spanwise placement (flexible VFA wing).

Figures 4.20 to 4.21 show that the WRBM (wing root bending moment) and WRTM (wing root
torsion moment) variation follows the roll control effectiveness trend. Deflecting control surfaces
with higher effectiveness increases loads: the balance between alleviating loads and increasing ef-
fectiveness drives the optimal control-surface placement along the span (in addition to other factors
such as hinge moments, control-surface mass etc.). Deflecting a leading-edge control surface at
the wingtip alleviates out-of-plane wing root bending moment while avoiding control reversal that
would be experienced by a trailing-edge control surface at the same location.
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(b) Leading-edge at M∞ = 0.65
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(c) Trailing-edge at M∞ = 0.83
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Figure 4.21: Wing root torsion moment variation as a function of control-surface spanwise place-
ment (flexible VFA wing).
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Figure 4.22: Selected control surface layouts for dynamic studies.

4.3.3 Dynamic Analysis

To further investigate the impact of leading- and trailing-edge control surface placement, dynamic
analyses are conducted for selected layouts as defined in Fig. 4.22. Two layouts are selected in
both the inboard and outboard regions. The inboard layouts signify regions till the end of layout
#3, which is close to the tip of the FA test case (see Table 4.1).

Placing a control surface further than layout #5 results in a non-converged numerical solution
within the simulation; hence, only two layouts are further considered in the outboard region for this
study. The two inboard layouts are selected in the region where maximum control effectiveness
is obtained from the static studies. The dynamic analyses consider the same input as studies in
Sec. 4.2.4 (see Fig. 4.11).

Results for the selected inboard layouts at M∞ = 0.65, 0.83 are shown in Figs. 4.24 and 4.23.
At lower dynamic pressure, smaller loads and slower roll maneuvers are obtained. The inboard
leading-edge control surfaces are ineffective compared to the trailing-edge control surfaces at the
lower dynamic pressure condition. However, for layout #3 at M∞ = 0.83, the leading-edge control
surface roll response is comparable to the trailing-edge control surface while producing smaller
loads at the wing root. The more inboard layout #2 produces the highest loads at the wing root
and a larger roll angle and roll rate. These trends are consistent with the static results. Figure. 4.25
shows another comparison for the layout #2 with leading-edge control surfaces deflected by 25
degrees compared to the trailing-edge control surfaces deflected by 10 degrees. As expected, the
roll maneuverability of the leading-edge control surfaces improves (still lower than trailing-edge
control surfaces). However, while the bending loads at the root have also scaled, the torsional
loads remain significantly lower than the trailing-edge control surfaces. These results show that
even with similar roll control effectiveness, torsional loads can be alleviated by deploying leading-
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(c) Wing root out-of-plane bending moment
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(d) Wing root torsion moment

Figure 4.23: Roll maneuver with inboard control surfaces at M∞ = 0.65.
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(c) Wing root out-of-plane bending moment
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(d) Wing root torsion moment

Figure 4.24: Roll maneuver with inboard control surfaces at M∞ = 0.83.

edge control surfaces.
Results for the outboard layouts are shown in Fig. 4.26 for M∞ = 0.65, 0.83. The outboard

layouts are less effective than the inboard ones, as seen with the static results. For layout #4, the
leading-edge control surfaces give a faster roll response and produce lower loads at the wing root.
In contrast, the outboard trailing-edge control surfaces are in reversal. In fact, for the most outboard
layout, #5, the trailing-edge deployed in the opposite direction enables higher maneuverability
while producing lower loads. However, at M∞ = 0.83, the simulation with trailing-edge control
surfaces diverges (see Fig. 4.27).
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(c) Wing root out-of-plane bending moment, M∞ =
0.65
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(d) Wing root out-of-plane bending moment, M∞ =
0.83
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(e) Wing root torsion moment, M∞ = 0.65
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(f) Wing root torsion moment, M∞ = 0.83

Figure 4.25: Roll maneuver with layout #2, TE deflected 10 degs vs. LE deflected 25 degs.
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(c) Wing root out-of-plane bending moment
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Figure 4.26: Roll maneuver with outboard control surfaces at M∞ = 0.65.
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Figure 4.27: Roll maneuver with outboard control surfaces at M∞ = 0.83.
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4.4 Flared Folding Wingtips

This section investigates the roll maneuverability and maneuver load alleviation resulting from
deploying trailing- and leading-edge control surfaces along with FFWTs. Sections 4.2 to 4.3 in-
vestigated the influence of the spanwise placement of trailing- and leading-edge control surfaces
on roll maneuverability of a HARW aircraft. Roll responses for multiple layouts, with and with-
out wingbox passive aeroelastic tailoring, were discussed to highlight the best design practices for
improving roll maneuverability in future civil transport aircraft with HARWs. Results showed that
trailing-edge control surfaces of HARW aircraft should not be placed at a larger distance from the
wing root than in aircraft with regular wing aspect ratios to provide adequate roll maneuverability.
Moving the control surfaces toward the wing midspan maximizes aileron effectiveness and roll
maneuverability.

The simulations also showed that inboard leading-edge control surfaces are less effective than
trailing-edge control surfaces at the same spanwise locations; however, outboard leading-edge
control surfaces may provide higher load alleviation capability than their trailing-edge counterparts
while avoiding control reversal. The impact of wingbox passive aeroelastic tailoring was also
investigated. The results showed that increasing the wingbox out-of-plane bending stiffness and
implementing a positive coupling between out-of-plane bending and torsion help increase aileron
effectiveness and, thus, roll maneuverability. However, the benefits of wingbox passive aeroelastic
tailoring are modest for practical variations in the stiffness properties and become very slight for
more inboard aileron placements and at lower dynamic pressure conditions.

These studies highlighted the requirement of an inboard aileron placement in HARW aircraft to
meet certification requirements for roll maneuverability. However, an inboard aileron placement
will create additional challenges. The results showed that an inboard placement generated higher
loads since the wing root bending moment variation followed the same trend as control effective-
ness. An inboard aileron placement will also result in a larger control surface area because the
hinge line is typically located at a constant wing chord percentage from the trailing-edge at differ-
ent spanwise locations. A larger control surface area means a heavier control surface and related
actuation system. Additionally, an inboard placement might not be a practical choice given other
design constraints (placement of different control effectors, fuel storage, etc.). Finally, the results
from the previous studies showed a higher variation in the pitch and yaw of the aircraft when a roll
maneuver was performed with a more inboard control surface layout.

This section looks at a possible solution to these challenges by investigating the impact of the
combined deployment of trailing- and leading-edge control surfaces with FFWTs. An aspect of
particular interest is how to best leverage the benefits of trailing- and leading-edge control surfaces,
FFWTs, and wingbox passive aeroelastic tailoring to enhance roll maneuverability in these aircraft

81



Table 4.2: Folding wingtip parameters.

Parameter Unit Value

Length % semispan 22
Flare angle deg 10, 25
Hinge stiffness Nm/rad 5 × 105, 0.0

Λ

Figure 4.28: Control-surface spanwise definition and position of the FFWT’s hinge.

while providing load alleviation.
The studies are conducted for the VFA test case with the FFWTs spanning approximately 22%

of the semispan. This corresponds to the hinge line in Fig. 4.28 located approximately at the
wingtip of the FA test case. The flare angle Λ denotes the angle between the hinge line and the
flow direction and is positive for an outward hinge line orientation. The assumed hinge parameters
are summarized in Table 4.2.

Static analyses will investigate the impact of varying control-surface placement and wingtip
hinge stiffness in Sec. 4.4.1. Then, for selected layouts based on static results, the studies will
investigate roll maneuvers with the simultaneous deployment of trailing- and leading-edge control
surfaces and FFWTs in Sec. 4.4.2.

4.4.1 Static Analysis

The impact of FFWTs on control effectiveness and load alleviation is studied by deflecting different
trailing- and leading-edge control surfaces for varying hinge stiffness values (see Table 4.2). The
static analyses consider a root-clamped wing at a rigid (wing-root) angle of attack of 2 deg, similar
to the results in the previous section. The results are presented for the out-of-plane bending and
torsion moment variation at the wing root. The roll control effectiveness is also presented to
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explore the trade-off between higher maneuverability and load alleviation. A negative value of the
bending or torsion moment variation signify load alleviation. Only control surfaces inboard of the
wingtip hinge are considered in these investigations.

First, the out-of-plane wing root bending moments for the wing considered as rigid and for the
varying hinge stiffness values are compared with the rigid hinge case (fixed wingtip) for two flare
angles, Λ = 10, 25 deg. Results for only the trailing-edge control surfaces are presented since
similar behavior is observed for the leading-edge control surfaces for a rigid wing. For the rigid
hinge, the wing root bending moment variation increases when deflecting control surfaces towards
the wingtip (Fig. 4.29).

For a free hinge, lift decreases outboard of the hinge due to the FFWT rotation (see Fig. 4.30).
The net positive root bending moment due to a given control-surface deflection is highest towards
the wingtip due to the larger moment arm. However, the increase in bending moment due to
control surface deflection is smaller than the reduction in bending moment due to the FFWT. Since
loads are normalized by the control-surface area, load alleviation increases from root to tip as
the control-surface area decreases. Lowering hinge stiffness increases the load alleviation due to
the folding wingtip as a result of its larger passive rotation, with more load alleviation at higher
dynamic pressure. The smaller the flare angle, the smaller the load alleviation. The wing root
bending moment does not practically change with the flare angle for the lower dynamic pressure
(see Figs. 4.29a and 4.29b) as the load alleviation is driven by the hinge stiffness (Ref. [36]).
Hence, only the smaller flare angle (Λ = 10◦) is considered for the subsequent results. The results
obtained considering the wing as flexible are shown in Figs. 4.31 and 4.32. At M∞ = 0.65, load
alleviation trends align to the rigid wing case as shown in Figs. 4.31a and 4.31c.

For the leading-edge control surfaces, the load alleviation trends are similar to the results ob-
served for the trailing-edge control surfaces with a rigid wing. This is motivated by the smaller
contribution to the bending moment by the control-surface deflection compared to the reduction
in the bending moment due to the FFWT. This also reflects in the increase in load alleviation to-
wards the wingtip since the results are normalized by the control-surface area. At M∞ = 0.83,
an opposite trend is observed in Figs. 4.31b and 4.31d as the free folding wingtip increases loads.
Figure. 4.31 shows a similar trend for the roll control effectiveness. The increase in loads when
allowing for FFWT at higher dynamic pressure can be explained by the lift coefficient variation
along the span for a flexible wing with no control surfaces deflected (Fig. 4.33). For the rigid wing,
lift reduces in the wingtip region due to the hinge rotation as shown in Figs. 4.30a and 4.30b. For
a flexible wing, lift increases inboard of the hinge while it decreases in the wingtip region (see
Figs. 4.33a and 4.33b). At lower dynamic pressure (Fig. 4.33a), there is a net decrease in lift re-
sulting in load alleviation. This can be also explained by the static aeroelastic deformed shapes in
Fig. 4.34a. Lower hinge stiffness causes the folding wingtip to rotate more inboard, causing the
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Figure 4.29: Out-of-plane wing root bending moment variation as a function of control-surface
spanwise placement with FFWT (rigid VFA wing).
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Figure 4.30: Lift coefficient spanwise variation with FFWTs (rigid VFA wing).

main wing to deflect less than for a rigid hinge. At higher dynamic pressure, stronger wash-out
effects toward the wingtip cause the folding wingtip to rotate less. This decreases the reduction in
the local angle of attack compared with the increase in lift inboard of the hinge. Hence, there is a
net increase in the loads at the root.

To explore this mechanism, results for a partially rigid wing are shown in Fig. 4.35. For a wing
stiffened in torsion or with zero out-of-plane bending and torsion stiffness coupling, the increase
in lift inboard of the hinge due to wingtip rotation is still observed. For a wing stiffened in out-
of-plane bending stiffness, the lift distribution shows a similar response as the rigid wing. These
results show that the lower out-of-plane bending stiffness drives the increase in lift inboard of the
hinge in a swept wing. A swept-wing flexible in out-of-plane bending stiffness, even with the wing
stiffened in torsion, bends less as the wingtip is offloaded due to the folding wingtip’s upward
rotation. As the out-of-plane bending is reduced inboard, the washout effects increase the angle of
attack inboard. The impact of this effect is more substantial at higher dynamic pressure conditions
due to the stronger aeroelastic effects. Finally, results for a stiffened wing are shown in Fig. 4.36.
Figures 4.36a and 4.36c show results for the baseline wing while Figs. 4.36b and 4.36d for a stiffer
variant where out-of-plane bending stiffness is scaled by a uniform factor equal to 1.75 along the
span. As the wing gets stiffer, allowing a free folding wingtip gives the same load alleviation trend
as in the results at M∞ = 0.65. These results show the importance of considering different wing
flexibility levels when exploring folding wingtips as load alleviation devices. These results are in
contrast with the ones from previous work that focused on configurations with moderate flexibility
and/or aspect ratios [35, 36, 108].
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Figure 4.31: Out-of-plane wing root bending moment variation as a function of control-surface
spanwise placement with FFWTs (flexible VFA wing).
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Figure 4.32: Roll control effectiveness as a function of control-surface spanwise placement with
FFWTs (flexible VFA wing).
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Figure 4.33: Lift coefficient spanwise variation with FFWTs (flexible VFA wing).
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Figure 4.34: Static aeroelastic deformed shapes with FFWTs (flexible VFA wing).
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Figure 4.35: Lift coefficient spanwise variation with FFWTs (partially rigid wing), Λ = 10◦.
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Figure 4.36: Out-of-plane wing root bending moment variation as a function of control-surface
spanwise placement with FFWTs, Λ = 10◦ (stiffened VFA wing).
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Figure 4.37: Selected control surface layouts for dynamic studies.

4.4.2 Dynamic Analysis

This section investigates roll maneuvers with the simultaneous deployment of trailing- and leading-
edge control surfaces and FFWTs. Sections 4.4.2.1 and 4.4.2.2 present the results for selected
trailing- and leading-edge control-surface layouts, respectively. The selected layouts considered
are based on the static results. These selected layouts are shown in Fig. 4.37. The hinge line
located at the end of layout #3 or the start of layout #4. Dynamic responses of the VFA test case
are simulated by releasing the FFWTs during flight. This is achieved by setting the hinge stiffness
to KH

HH = 0.0 Nm/rad, with damping DH
HH = 10.0 kNms/rad. The results consider a flare angle

Λ = 10 deg and are compared with the previous case where the wingtip is locked in its flat position
during flight (see Sec. 4.12).

The dynamic roll responses are investigated for a bank-to-bank maneuver commanded by ap-
plying an anti-symmetric control-surface input starting from a trimmed flight condition. The time
history of the input applied to the left wing control surface is shown in Fig. 4.37. The same con-
trol surface input is applied to all the selected layouts to compare the resulting roll maneuvers.
All simulations start from a trimmed condition during which the FFWTs are free to rotate until
static equilibrium is reached and are locked when a dynamic simulation starts about the trimmed
state. The wingtips are released at t = 0.5 s, with the roll maneuver starting at t = 1.0 s. The
bank-to-bank maneuvers commanded by deploying different control surfaces with free FFWTs are
compared against the case where the FFWTs are fixed (locked) in their flat position associated with
the original wing geometry during the trim and dynamic simulation.
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Figure 4.38: Roll maneuver with inboard trailing-edge control surfaces and fixed/free FFWTs at
M∞ = 0.65.
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Figure 4.39: Simplified mechanism for roll with trailing-edge control surfaces inboard of the
FFWTs.

4.4.2.1 Trailing-Edge Control Surfaces and Flared Folding Wingtips

Figure 4.38 compares the roll maneuvers for the case of the three layouts inboard of the hinge
at M∞ = 0.65. For all the three layouts, deploying FFWTs offers negligible benefits in term
of the roll rate (see Fig. 4.38a) and roll angle (see Fig. 4.38b) developed during the maneuver.
However, a load alleviation benefit is observed at the wing root, where lower out-of-plane bending
and torsion moments are developed when FFWTs are deployed (see Figs. 4.38c and 4.38d). The
load alleviation benefits remain roughly constant for different layouts. A maximum of 4% for the
out-of-plane bending moment and 3.5% for the torsion moment is achieved when the FFWTs are
deployed. The load alleviation benefits also remain almost constant throughout the simulation,
with the maximum difference originating from the fact that loads are alleviated when the aircraft
is trimmed with FFWTs free to rotate. Despite a difference in the hinge rotation observed with the
three layouts (see Fig. 4.38e), the maximum load alleviation benefit originates from the difference
in the trimmed configuration compared to the fixed hinge case. A higher variation in hinge rotation
is observed for the layout #3 adjacent to the FFWT hinge position.

The impact of the FFWTs can be explained by understanding how the roll maneuver is im-
pacted when FFWTs are deployed for an inboard control-surface layout, as shown in Fig. 4.39.
The different forces and their corresponding moments acting on the right half-wing during a roll
maneuver are illustrated to explain the results. The left wing develops anti-symmetric loads and
moments, therefore only the effect on the right half-wing is shown. In a roll maneuver, the lift dis-
tribution created by the anti-symmetric aileron input produces a rolling moment (Mδ). The results
studied here show a positive roll moment according to the flight dynamics convention, with the
right wing going down while the left wing lifts up. The rolling motion induces an increase in the
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angle of attack on the right wing and a decrease on the left wing. This change in the angle of attack
creates a moment in the opposite direction, called roll damping, induced by the roll rate (Mp). A
simplified expression for the roll damping shows that the roll damping increases with the roll rate
and wingspan. For a rigid wing, the maximum change in the angle of attack associated with the
roll damping occurs at the wingtip. However, for a flexible wing, the maximum change is more
inboard due to the reduction in the local angle of attack toward the wingtips caused by washout
effects.

The dynamic roll maneuver studies consider a control-surface input applied at a trimmed flight
condition. The aircraft has a different trim shape when the FFWTs are deployed. During a roll
maneuver with FFWTs free to rotate, the roll damping induced due to the roll rate causes an
increase in the lift on the right wingtip and a decrease in the lift on the left wingtip (Lp > 0 on
the right wingtip). Since we consider a hinge with zero hinge stiffness, the net bending moment
about the hinge remains zero (MH = 0). Therefore, to compensate for the increase in the lift on
the right wingtip, the right wingtip rotates more to reduce the angle of attack outboard of the hinge.
Therefore, with respect to the trimmed condition, a delta decrease in lift outboard of the right wing
is generated (Lwto). This helps in alleviating the roll damping, enhancing roll maneuverability.

While the hinge does not transfer any bending moments, the shear forces are transmitted. De-
pending on the direction of the shear force, either a moment aiding the roll or resisting the roll
is created. This depends on the relative position of the wingtip’s center of gravity (not shown in
Fig. 4.39) and the position of the wingtip’s center of lift. The position of the wingtip’s center of
lift depends on the net delta change in the lift due to the roll rate (Lp) and the change in the lift
due to the wingtip rotation (Lwto). In this case, a higher reduction in lift due to the wingtip motion
will be required to balance the increase in lift due to the roll rate (since l2 > l1). This will result
in a positive moment (MwtT ) due to the opposing shear force transmitted through the right hinge,
which enhances roll maneuverability.

For a rigid wing, the wingtips enhance roll maneuverability by reducing the roll damping (due
to the zero moment transfer through the hinge) or with the help of the shear force due to the wingtip
rotation if the sign of the shear force transmitted through the hinge creates a positive roll moment.

However, there is an another factor to consider during the roll maneuver with FFWTs free to
rotate for a flexible wing: the moment due to the change in lift observed inboard of the hinge due
to the wingtip rotation (Mwti). This increase in the lift inboard of the hinge was observed in the
static analyses. The reduction in the lift outboard of the hinge is accompanied by an increase in the
lift inboard of the hinge for a flexible wing with FFWTs. As the right wingtip rotates more while
the left one rotates less, a moment resisting the roll is created due to the increase in the lift inboard
of the right wingtip and a decrease in the lift inboard of the left wingtip. This reduces both the load
alleviation benefits and the roll maneuverability of the aircraft.
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Therefore, for a flexible aircraft rolling with FFWTs free to rotate, we have the following factors
impacting the results:

• Mδ: Roll moment due to the anti-symmetric control surface deflection

• Mp: Roll moment due to the roll rate or roll damping

– Folding wingtips may help alleviate the roll damping effect due to non-transfer of bend-
ing moments through a zero stiffness hinge (MH = 0.0)

• MwtT : Roll moment due to the transmission of shear forces through the hinge

– Depending on the magnitude and direction of the shear force, MwtT will either increase
or alleviate the effect of the roll damping

– Magnitude and sign of the shear force depends on the following:

* wingtip’s center of gravity

* change in lift due to wingtip rotation (Lwti)

* change in lift due to roll rate (Lp)

* control surface deflection in the case of an outboard layout (Lδ)

• Mwti: Roll moment due to the increase in lift inboard of the hinge

For the results at M∞ = 0.65, the increase in roll damping due to the above factors cancels out the
alleviation due to the wingtip deployment. Hence, no appreciable benefit is achieved by releasing
the FFWTs at this flight condition. To explore the impact of wing flexibility, Sec. 4.4.2.3 will
analyze the roll maneuvers with increasing wing stiffness.

The results for M∞ = 0.83 for inboard layouts are shown next in Fig. 4.40. At this flight
condition, deploying the FFWTs degrades roll maneuverability. Similar to the results at M∞ =

0.65, the maximum effect is observed for the layout closest to the hinge (layout #3). This is because
the wingtips develop larger variations in hinge rotation when they are deployed with layout #3 as
shown in Fig. 4.40e. The hinge rotation angle at the trim for this flight condition is lower than the
low dynamic pressure condition. This results in a lower reduction in the angle of attack outboard
of the hinge but with an increase in the lift inboard of the hinge. This contributes to the negligible
differences observed in the loads developed at the wing root. On the other hand, the load alleviation
trends are similar to those observed in the static results.

The poor roll maneuverability with the FFWTs for this flight condition can be explained by
examining the impact of the four moments induced during a roll maneuver, as discussed above.
At this flight condition, due to stronger washout effects, the increase in the lift on the right wing
due to the roll damping is shifted inboard. This inboard shift of the incremental lift due to the roll

95



rate requires (see Fig 4.39, Lp, shift inboard) a smaller delta change in the lift due to the wingtip
(Lwto) to satisfy the hinge condition (MH = 0). Therefore, the right wingtip rotates less than at
the M∞ = 0.65 flight condition. While a reduction in roll damping is still achieved due to the
non-transfer of bending moments through the zero stiffness hinge, the net shear force transferred
through the hinge is also reduced. Therefore, the positive contribution on the roll due to the moment
induced by the hinge shear forces is reduced at this flight condition.

However, the main contribution to the reduction in roll maneuverability with folding wingtips
at this flight condition is caused by the increase in the roll damping due to the increase in lift
inboard of the wingtip (Mwti). This can also be observed by the poor load alleviation at this flight
condition. The increase in the lift inboard of the hinge has a higher contribution to the wing root
bending moment, which neutralizes any benefits due to the reduction in the lift outboard of the
hinge.

Overall, for the HARW test case considered in this work and the wingtip parameters (wingtip
mass distribution and length), the FFWTs do not provide any benefits for enhancing roll maneuver-
ability. Load alleviation benefits are only achieved at the lower dynamic pressure. The maximum
effect of the FFWTs is observed when deployed with the control surface close to the hinge (in-
board).

Next, Figs. 4.42 and 4.43 show the response of the layouts outboard of the hinge with and
without FFWTs. For these layouts, the outboard control surfaces are in reversal due to the strong
washout effects near the wingtip. This was also observed in the static results. The outboard layouts
remain in reversal even when the folding wingtips are deployed (see Figs. 4.42a and 4.43a). For
the results at M∞ = 0.65, the layout closest to the hinge develops a higher roll angle (but in
reversal) when the FFWTs are deployed (see Figs. 4.42a). The control reversal is also reflected in
the reversal of the hinge rotation, where the right wingtip has a reduction in the fold angle while
the left wingtip exhibits an increase in the fold angle (see Fig. 4.42c). The hinge rotation is only
shown for layout #4 since the wingtip gets unstable for the further outboard placement with layout
#5. This can be observed from the oscillations in the roll rate developed with the deployment
of FFWTs and layout #5 (see Fig. 4.42b). The roll response for these two layouts with folding
wingtips can be explained considering the moments induced by the different factors, shown in
Fig. 4.41. Since the outboard layouts considered here are in reversal, the rolling damping resisting
the roll rate induces a decrease in the lift, Lp on the right wing. Note that the control surface is
producing a negative lift, Lδ on the right wingtip due to the commanded deflection despite the
reversal. The right wingtip then starts to reduce its fold angle to induce a net positive lift to satisfy
the zero stiffness hinge requirement. This causes a positive shear force transmitted through the
hinge, which aids the roll (in reversal). This results in a higher roll angle for the layout #4 when
folding wingtips are deployed. Note that the change in the hinge rotation angle (see Fig. 4.42c) is
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(c) Wing root out-of-plane bending moment
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(d) Wing root torsion moment
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(e) Hinge rotation

Figure 4.40: Roll maneuver with inboard trailing-edge control surfaces and fixed/free FFWTs at
M∞ = 0.83.
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Figure 4.41: Simplified mechanism for roll with trailing-edge control surfaces outboard of the
FFWTs.

smaller for outboard layouts than the inboard layouts. This is due to the strong washout effects in
the wingtip region, which are exaggerated due to the aileron deflection. This makes it difficult for
the right wingtip to decrease its angle of attack by folding less. For the most outboard placement
with layout #5, this is further impacted, and the wingtip becomes unstable as it’s unable to satisfy
the zero bending moment about the hinge.

The results for M∞ = 0.83 are shown by Fig. 4.43. The stronger washout effects at this flight
condition induce wingtip instability even for the layout #4. Figure 4.44 shows the result with a
smaller control surface deflection of 5 degrees. Reducing the change in lift commanded by the
control-surface, helps in avoiding the instability at M∞ = 0.65 with the most outboard layout but
with a smaller roll response. However, at M∞ = 0.83, the most outboard layout is still unstable
(see Fig. 4.44d). These results highlight the issues with deploying a control surface outboard of
the FFWT’s hinge for a roll maneuver at higher dynamic pressure conditions.

4.4.2.2 Leading-Edge Control Surfaces and Flared Folding Wingtips

Results for the selected leading-edge layouts deployed together with FFWTs are shown in
Figs. 4.46 and 4.47 for M∞ = 0.65 and M∞ = 0.83 respectively. These selected layouts are based
on the results in Sec. 4.12. The leading-edge control surfaces are mostly ineffective compared to
the trailing-edge control surfaces for more inboard locations. Leading-edge control surfaces have
comparable control effectiveness at these selected layouts and avoid control reversal. The load
alleviation trends with the leading-edge control surfaces follow the same trend as the trailing-edge
control surfaces. This is expected since the significant impact on load alleviation comes from the
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(c) Hinge rotation (layout #4 only)

Figure 4.42: Roll maneuver with outboard trailing-edge control surfaces and fixed/free FFWTs at
M∞ = 0.65.
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(b) Roll rate

Figure 4.43: Roll maneuver with outboard trailing-edge control surfaces and fixed/free FFWTs at
M∞ = 0.83.

difference in the trimmed configuration (the same for the two different surfaces). The trends for
the layout #3, inboard of the wingtip hinge, are similar to trends of the corresponding trailing-edge
control-surface layout. At M∞ = 0.65, there is no appreciable improvement in the roll response
(Fig. 4.46a) but there is a slight degradation at M∞ = 0.83. However, while for trailing-edge
control surfaces, the variation in the hinge rotation for layout #3 was substantial, the variation
in hinge rotation for the same layout with leading-edge control surfaces is negligible (Fig. 4.46e
vs. Fig. 4.38e). Also, note that for the leading-edge control surfaces, the layouts are not in reversal,
but the hinge rotation follows the opposite trend compared to the trailing-edge control surfaces.
The right wingtip rotates less for a positive roll moment, while the left wingtip rotates more. The
highest variation in hinge rotation is observed for the most outboard layout (layout #5). This re-
flects in the roll response as well.

For layout #4, the hinge rotates less than layout #5. The roll response for this layout at M∞ =

0.65 shows a degraded roll response when folding wingtips are deployed compared to the fixed
hinge case. This behavior can be explained by the Fig. 4.45. An increase in roll damping is created
for a positive roll on the right wingtip. At this flight condition, the increase in the lift due to
roll damping (Lp) is expected to be more outboard. There is also a delta decrease in the lift due
to the leading-edge control-surface (Lδ), which acts more inboard of the wingtip for the layout
#4. There is a net increase in the lift outboard of the hinge from the wingtip rotation (right wingtip
rotates less), to maintain the zero stiffness hinge requirement. This contributes to a moment (MwtT )
opposing the roll moment. Since there is a load alleviation benefit at this flight condition, the effect
of this moment opposing the roll moment is larger than the moment (Mwti) aiding the roll due to
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(c) Roll rate, M∞ = 0.65
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(d) Roll rate, M∞ = 0.83

Figure 4.44: Roll maneuver with outboard trailing-edge control surfaces (δ = 5◦) and fixed/free
FFWTs.

101



Mp

Mδ

l1
l2

Lp

Lwto

MwtT

Mwti

Lwti

l3

Lδ

H

H

Figure 4.45: Simplified mechanism for roll with leading-edge control surfaces outboard of the
FFWTs.

the change in lift inboard caused by the wingtip rotation.
In contrast, at M∞ = 0.83, there is an improvement in the roll response for the layout #4.

There is a higher variation in the hinge rotation at this flight condition than at the lower dynamic
pressure condition. This can be explained by the net increase in the lift (Lp) due to the roll damping
to be lower in magnitude and shifted more inboard at higher dynamic pressure conditions due
to strong washout effects. Since the delta change in lift due to the leading-edge control-surface
deflection remains the same, the right wingtip rotates more to balance the bending moment about
the hinge. This creates a higher roll damping due to the shear forces transmitted through the hinge.
However, the effect of increase in roll moment due to the change in lift inboard (Mwto) has a
higher impact at this flight condition. This is also reflected in the similar load alleviation effects
with folding wingtips compared to the fixed hinge case. For layout #5, there is an improvement
in the roll response at both the flight conditions when folding wingtips are deployed. A more
significant improvement in the roll response is observed for the M∞ = 0.83 flight condition due
to the higher hinge rotation variation and a more substantial contribution of the change in lift
inboard due to the wingtip rotation, which aids the roll. Finally, Fig. 4.48 presents the results for
the case where the leading-edge layouts outboard of FFWT are deflected higher by a value of 25
degrees. The response at a higher control-surface deflection is showed to further investigate if the
instability observed with trailing-edge control surfaces was due to the larger change in lift because
of their higher control-surface derivatives value. Even at higher control-surface deflections, the
leading-edge control surfaces are stable and provide higher roll maneuverability than the trailing-
edge control surfaces at the same spanwise position. In fact, deploying FFWTs increases their
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(c) Wing root out-of-plane bending moment
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(d) Wing root torsion moment
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(e) Hinge rotation

Figure 4.46: Roll maneuver with leading-edge control surfaces and fixed/free FFWTs at M∞ =
0.65.
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(c) Wing root out-of-plane bending moment
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(d) Wing root torsion moment
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Figure 4.47: Roll maneuver with leading-edge control surfaces and fixed/free FFWTs at M∞ =
0.83.
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(b) Roll angle, M∞ = 0.83
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(c) Roll rate, M∞ = 0.65

0 2 4 6 8 10 12 14 16 18
Time (s)

2

1

0

1

2

R
ol

l r
at

e 
(d

eg
/s

)

(d) Roll rate, M∞ = 0.83

Figure 4.48: Roll maneuver with leading-edge control surfaces (δ = 25◦) and fixed/free FFWTs.

maneuverability for the most outboard layout #5 at M∞ = 0.65 and for both the layouts #4 and #5
at M∞ = 0.83.

4.4.2.3 Impact of Wingbox Passive Aeroelastic Tailoring

In this section, dynamic analyses are conducted for a variation in the wing stiffness. The major
stiffness components impacting the roll response are the out-of-plane bending stiffness, torsion
stiffness, and their associated coupling term. Results for the individual variation of the out-of-plane
bending and torsion stiffness are discussed in this section (the coupling term had no significant
impact).

Figs. 4.49 and 4.50 compare the results for a stiffened wing with a 15% increase in its out-
of-plane bending stiffness. At the lower dynamic pressure condition (M∞ = 0.65), there is an
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improvement in the roll response for each layout when the FFWTs are deployed (see Fig. 4.50a).
This contrasts with the baseline stiffness case (Fig. 4.38), where there was no change in the re-
sponse when the folding wingtips were deployed. There is also a higher load alleviation benefit
for the stiffened wing compared to the baseline wing stiffness case. This is caused due to a lower
increase in the lift inboard of the hinge due to wingtip rotation. Hence, this helps in reducing the
roll damping further for a stiffened wing. However, at the higher dynamic pressure condition (see
Fig. 4.50), the folding wingtips are still unable to improve the roll maneuverability even when the
stiffness of the wing is increased by 15%. There is also no significant improvement in the loads
with the wingtip deployment.

Next, Fig. 4.51 shows the impact of increasing out-of-plane bending stiffness on the outboard
trailing-edge control surfaces. For both flight conditions, the wing stiffness increase is insufficient
to overcome the strong washout effects for the most outboard placement (layout #5). Therefore,
the layout #5 remains in reversal, and the instability due to the FFWT motion is also observed.
In contrast, at the low dynamic pressure condition for the layout #4 (see Fig. 4.51a), the control
surface is no longer in reversal for the case of a fixed hinge. However, if the FFWT is deployed
with layout #4 for a stiffened wing, we get control surface reversal. Although, the free folding
wingtip instability is avoided in this case.

If the wing stiffness is increased further, the roll maneuverability with the folding wingtips
improves significantly (as observed in some previous studies in the literature [34]). Results for the
inboard layouts at M∞ = 0.65, 0.83 are shown in Figs. 4.52 and 4.53 for a 75% increase in the
out-of-plane bending stiffness. A 75% increase in the stiffness is not feasible, but the results are
shown here to comment on the impact of wing flexibility on the wingtips’ roll maneuverability.
Fig. 4.52a shows the improvement in the roll angle when the FFWTs are deployed compared to
the fixed hinge case. The maximum effect is observed for the layout closest to the hinge (layout
#3). For this layout, the maximum roll angle obtained with the combined deployment of the FFWT
is comparable to the roll angle obtained with the most inboard placement with layout #1. There
is almost a 100% increase in the terminal roll rate developed for the layout #3 when deployed
together with the FFWT.

At the higher dynamic pressure condition (see Fig. 4.53), there is less improvement in the roll
response compared to the lower dynamic pressure condition (Fig. 4.52). However, the improve-
ment is still significant. Note that a stiffened wing also has a load alleviation benefit observed at
this flight condition. This is similar to the trend observed during the static analyses with FFWTs.

The effect of increasing torsional stiffness on the roll response is shown in Fig. 4.54. For both
the flight conditions, there is an improvement in the roll response for the fixed case compared to the
baseline stiffness (see Figs. 4.38 and 4.40). However, increasing the torsional stiffness alone has no
impact on the roll maneuver of the wing with folding wingtips relative to the fixed hinge case. The
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(c) Wing root out-of-plane bending moment
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(d) Wing root torsion moment
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Figure 4.49: Roll maneuver with inboard trailing-edge control surfaces, out-of-plane bending stiff-
ness (1.15×), M∞ = 0.65.
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(c) Wing root out-of-plane bending moment
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(d) Wing root torsion moment

0 2 4 6 8 10 12 14 16 18
Time (s)

20

10

0

10

20

30

40

50

60

H
in

ge
 ro

ta
tio

n 
(d

eg
)

(e) Hinge rotation

Figure 4.50: Roll maneuver with inboard trailing-edge control surfaces, out-of-plane bending stiff-
ness (1.15×), M∞ = 0.83.
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(c) Roll rate,M∞ = 0.65
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(d) Roll rate, M∞ = 0.83

Figure 4.51: Roll maneuver with outboard trailing-edge control surfaces, out-of-plane bending
stiffness (1.15×).
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(c) Wing root out-of-plane bending moment
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(d) Wing root torsion moment

Figure 4.52: Roll maneuver with inboard trailing-edge control surfaces, out-of-plane bending stiff-
ness (1.75×), M∞ = 0.65.
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(c) Wing root out-of-plane bending moment
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(d) Wing root torsion moment

Figure 4.53: Roll maneuver with inboard trailing-edge control surfaces, out-of-plane bending stiff-
ness (1.75×), M∞ = 0.83.
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(b) Roll rate, M∞ = 0.65
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(c) Roll angle, M∞ = 0.83
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(d) Roll rate, M∞ = 0.83

Figure 4.54: Roll maneuver with inboard trailing-edge control surfaces, torsional stiffness (1.75×).

trends remain similar to the one observed for the baseline wing flexibility. This is expected since
the significant driving factor for the washout effects is large out-of-plane bending deformation due
to higher out-of-plane bending flexibility.

4.5 Summary

This chapter investigated the roll maneuverability and load alleviation performance of trailing- and
leading-edge control surfaces and FFWTs in a HARW aircraft representing a potential future civil
transport configuration. Analyses were conducted on the VFA test case for two flight conditions
at M∞ = 0.65, a relatively low dynamic pressure case, and at a typical cruise condition at M∞ =

0.83. The effect of wingbox passive aeroelastic tailoring was also investigated.
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First, the impact of the spanwise placement of trailing-edge control surfaces on roll maneu-
verability of a VFA HARW civil transport aircraft test case compared to a contemporary FA test
case with a regular wing aspect. The static and dynamic roll response analyses showed that the
VFA trailing-edge control surfaces should not be placed farther from the wing root than the FA
to achieve comparable roll maneuverability. The results also showed that the benefits of wingbox
passive aeroelastic tailoring are modest for practical variations in the stiffness properties and be-
come very slight for more inboard aileron placements and at lower dynamic pressure. The impact
of geometrically nonlinear effects on roll control effectiveness was also investigated. The results
showed the impact of nonlinear effects was limited to outboard trailing-edge control surfaces and
at higher dynamic pressure conditions where the aeroelastic effects are more prominent.

Second, this chapter compared the roll maneuverability and load alleviation performance of
leading-and trailing-edge control surfaces. The static spanwise placement study showed maximum
roll control effectiveness could be achieved by placing the control surfaces at the midspan for both
leading- and trailing-edge control surfaces. However, the peak effectiveness placement also cor-
responds to the placement resulting in the highest loads at the wing root. Inboard leading-edge
control surfaces are ineffective compared to trailing-edge control surfaces at the same spanwise
location. On the other hand, for an outboard control surface placement, a leading-edge control sur-
face provides higher load alleviation while avoiding reversal. At higher dynamic pressure, trailing-
edge control surfaces exhibit a strong nonlinear response. Dynamic analyses were conducted for
selected control surfaces, confirming the static trends.

Third, the impact of deploying FFWTs with trailing- and leading-edge control surfaces was
also investigated. The results showed that releasing a FFWT while deploying the control surfaces
alleviates bending moment at the wing root due to the reduction in the local angle of attack outboard
of the hinge. However, for a flexible wing, this is accompanied by an increase in the local angle
of attack inboard of the hinge. Load alleviation occurs if the moment contribution due to the
increase in loads inboard remains smaller than the moment contribution due to the decrease in loads
outboard. This is the case at lower dynamic pressures while releasing the folding wingtip causes
higher loads at higher dynamic pressures due to the level of wing flexibility. This mechanism was
investigated further by analyzing the impact of wing stiffness on the load alleviation performance
of FFWTs. It was found that the wing’s out-of-plane bending stiffness had a significant impact.
The dynamic analyses showed that the FFWTs could not enhance the roll maneuverability of a very
flexible HARW for a control surface layout placed inboard of the hinge. The roll maneuverability
degrades at high dynamic pressure conditions if FFWTs are deployed. This was observed for both
the trailing- and leading-edge control surfaces. As observed in the static results, the load alleviation
benefit of FFWTs during a roll maneuver is limited to low dynamic pressure conditions where the
aeroelastic effects are weaker.
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The effect of FFWTs was also analyzed for outboard layouts of trailing- and leading-edge con-
trol surfaces. The outboard trailing-edge layouts with or without FFWTs are in reversal due to
strong washout effects. Deploying FFWTs with outboard trailing-edge control surfaces led to a
free wingtip instability. In contrast, deploying FFWTs with leading-edge control surfaces im-
proved the roll maneuverability for the case of the most outboard layout.

Similar to static results, the significant effect on enhancing the roll maneuverability was ob-
served by increasing the out-of-plane bending stiffness of the wing. Increasing the torsional or
the coupling term was found to have a negligible impact. For practical variations in the wing
stiffness (+15%), there was a slight improvement in the roll maneuverability for the case of the
inboard trailing-edge control surface deployed with FFWTs at the lower dynamic pressure con-
dition. However, a 15% increase in stiffness was insufficient to improve the roll maneuverability
at the higher dynamic pressure condition. Increasing the wing stiffness by 75% showed almost a
100% increase in the roll maneuverability of the folding wingtips. A 75% increase in out-of-plane
bending stiffness corresponds to the VFA test case with the first-out-of-plane bending frequency
similar to the baseline FA test case.
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CHAPTER 5

Gust Load Alleviation and Ride Qualities

This chapter addresses the second and third objectives of the thesis by investigating gust load
alleviation and ride qualities in transonic HARW aircraft. For this purpose, the response of the
VFA is simulated flying through different gust disturbances. First, the impact of geometrically
nonlinear effects is investigated by considering linear kinematics and non-follower aerodynamics.
Next, the impact of wing and fuselage flexibility on ride qualities is investigated. This is followed
by analyzing the gust response of the VFA test case with and without FFWTs to analyze the impact
of these devices on load alleviation and ride qualities.

This chapter is organized as follows: Sec. 5.1 provides an overview of the studies in this chapter.
Sec. 5.2 investigates the gust response of the VFA test case and highlights the impact of geomet-
rically nonlinear effects. This is followed by Sec. 4.3 which analyze the ride qualities. Finally,
Sec. 4.5 summarizes the chapter.

5.1 Analysis Setup

The studies in this chapter consider continuous and discrete gust inputs. The discrete gust input
is described by a “1-cosine” vertical gust input with penetrative effects as shown in Fig. 5.1. The
gust profile is defined by the following expression [53]:

Ugust =
Uds

2
[1− cos(

πS

H
)], (5.1)

where Uds is the design gust speed, S is the gust penetrative distance (0 < S < 2H) and H is the
gust length which can vary from 9 m to 107 m. The design gust speed is a function of the gust
length and weight of the aircraft. The studies in this work consider a gust length of H = 9, 60, 107

m and the design gust speed of Uds = 6.9, 9.5, 10.4 m/s respectively.
The continuous gust disturbance is generated by the one-dimensional von Kármán spectrum.
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Figure 5.1: Time-domain signal for “1-cosine.”

The von Kármán is prescribed with power spectral density Φ given by:

Φ(Ω) =
L

π

1 + 8
3
(1.339LΩ)2

[1 + (1.339LΩ)2]
11
6

, (5.2)

where Ω is the reduced frequency and L = 762 m is the scale of turbulence considered. Fig-
ure 5.2 and shows the time signal associated for the gust vertical velocity. The studies with FFWTs
consider the wingtip location at approximately at spanwise location corresponding to baseline FA
wingtip (same as the maneuver load alleviation studies in Sec. 4.4.1).

5.2 Gust Load Alleviation

This section discusses the impact of gust disturbance on the loads generated at the wingroot of the
VFA test case. Section 5.2.1 discusses the impact of geometrically nonlinear effects on the gust
response. Next, Sec. 5.2.2 discusses the impact of FFWTs on gust load alleviation along with the
impact of wing flexibility on their performance.

5.2.1 Impact of Geometrically Nonlinear Effects

This section investigates the impact of geometrically nonlinear effects on the gust response of
transonic HARW aircraft. The gust response of the VFA test case is simulated with different com-
binations of linear/nonlinear kinematics and follower/non-follower aerodynamics. The response to
discrete vertical gust is shown in Figs. 5.3 and 5.4. A higher pitch angle and vertical tip displace-
ment are observed at both flight conditions with non-follower aerodynamics and linear kinematics.
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Figure 5.2: Time-domain signal for a von Kármán vertical gust disturbance.

The impact of considering non-follower aerodynamics is higher. This is reflected in the evalu-
ation of loads at the wing root in Fig. 5.4. Higher loads are predicted if linear kinematics and
non-follower aerodynamics are considered. The difference in the loads evaluation is higher at
M∞ = 0.83.

Similar behavior is observed with the continuous vertical gust in Figs. 5.5 and 5.6. A higher
difference in the evaluation of loads is observed for a model considering nonlinear kinematics with
follower aerodynamics compared to linear kinematics with non-follower aerodynamics. These
results highlight the impact of geometrically nonlinear effects on the gust response of a VFA test
case. While a conservative estimation of loads with a linear analysis will provide higher safety
margins, it will also impact the aircraft’s performance. The subsequent studies in this chapter
consider nonlinear kinematics and follower aerodynamics in the gust response analyses.

5.2.2 Impact of Flared Folding Wingtips

This section presents the results of the investigations to study the gust load alleviation capabilities
of the FFWTs. Dynamic simulations of the VFA test case with and without FFWTs are presented
for two flight conditions as described in Sec. 4.2.1. The case where FFWTs are fixed (locked)
signifies their flat position associated with the original wing geometry during the trim and dynamic
simulations, similar to results in Sec. 5.2.1. The case with free FFWTs signifies the solution
starting from a trimmed condition. The FFWTs are free to rotate until static equilibrium is reached
and are locked when a dynamic simulation starts about the trimmed state. The FFWTs are released
at t = 0.5 s, with the gust disturbance starting at t = 1.0 s. All the simulations with free FFWTs
set the hinge stiffness to KH

HH = 0.0 Nm/rad, with damping DH
HH = 10.0 kNms/rad and a flare
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(a) Pitch angle, M∞ = 0.65

0 1 2 3 4 5 6 7 8
Time (s)

1

0

1

2

3

4

5

Pi
tc

h 
an

gl
e 

(d
eg

)

(b) Pitch angle, M∞ = 0.83
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(c) Vertical tip displacement, M∞ = 0.65
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(d) Vertical tip displacement, M∞ = 0.83

Figure 5.3: Impact of geometrically nonlinear effects on VFA response to discrete vertical gust
(H = 107 m).
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(a) Out-of-plane-bending vs. torsion, M∞ = 0.65
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(b) Out-of-plane-bending vs. torsion, M∞ = 0.83
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(c) Out-of-plane vs. in-plane bending, M∞ = 0.65
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(d) Out-of-plane vs. in-plane bending, M∞ = 0.83

Figure 5.4: Impact of geometrically nonlinear effects on VFA loads with discrete vertical gust
(H = 107 m).
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(a) Pitch angle, M∞ = 0.65
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(b) Pitch angle, M∞ = 0.83
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(c) Vertical tip displacement, M∞ = 0.65
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(d) Vertical tip displacement, M∞ = 0.83

Figure 5.5: Impact of geometrically nonlinear effects on VFA response to continuous vertical gust.
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(a) Out-of-plane-bending vs. torsion, M∞ = 0.65
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(b) Out-of-plane-bending vs. torsion, M∞ = 0.83
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(c) Out-of-plane vs. in-plane bending, M∞ = 0.65
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(d) Out-of-plane vs. in-plane bending, M∞ = 0.83

Figure 5.6: Impact of geometrically nonlinear effects on VFA loads with continuous vertical gust.
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(c) Wing root out-of-plane bending moment
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(d) Wing root torsion moment

Figure 5.7: VFA response to discrete vertical gust (H = 107 m) with deployed FFWTs, M∞ =
0.65.

angle Λ = 10 deg. The impact of varying flare angles is not shown here since its impact on load
alleviation was found insignificant 4.4.1. The results for the baseline stiffness are described in this
section, followed by the impact of wing stiffness in Sec. 5.3.1.

First, the results for the “1-cosine” vertical gust input are shown in Figs. 5.7 and 5.8 for a gust
length of H = 107 m. At M∞ = 0.65, deploying FFWTs offers load alleviation benefits by
reducing the out-of-plane moment at the wing root. The pitch angle is also reduced. The hinge
rotation for the right and left wingtips show an oscillatory behavior. Note that in the case of a
gust disturbance, both the wingtips rotate upwards. An increase in hinge rotation alleviates load by
decreasing more lift outboard of the hinge while the opposite is true when the hinge rotation de-
creases. In contrast, at the high dynamic pressure condition (see Fig. 5.8), there is negligible impact
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(c) Wing root out-of-plane bending moment
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(d) Wing root torsion moment

Figure 5.8: VFA response to discrete vertical gust (H = 107 m) with deployed FFWTs, M∞ =
0.83.

on the response and loads due to the wingtip rotation. These results also align with observations
of maneuver load alleviation studies 4.4.2. The strong aeroelastic effects at this flight condition
reduce the load alleviation performance by increasing substantial lift inboard of the hinge.

The load alleviation performance of folding wingtips for varying gust lengths is shown in
Fig. 5.9 for H = 60, 9 m at M∞ = 0.65. While the load performance benefit has no significant
difference, the overall loads and oscillations are reduced for the shortest gust length considered.
The results for M∞ = 0.83 are not shown due to the poor load alleviation performance observed
with the H = 107 m case.

Next, the results for the continuous gust input are shown in Figs. 5.10 and 5.11. Similar be-
havior is observed for the two different gust inputs. At M∞ = 0.65, the FFWTs respond to the
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(a) Wing root out-of-plane bending moment, H = 60
m
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(b) Wing root out-of-plane bending moment, H = 9
m

0 1 2 3 4 5 6 7 8
Time (s)

10

0

10

20

30

40

50

H
in

ge
 ro

ta
tio

n 
(d

eg
)

(c) Hinge rotation, H = 60 m

0 1 2 3 4 5 6 7 8
Time (s)

10

0

10

20

30

40

50

H
in

ge
 ro

ta
tio

n 
(d

eg
)

(d) Hinge rotation, H = 9 m

Figure 5.9: VFA response to discrete vertical gust with deployed FFWTs, varying gust length,
M∞ = 0.65.
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(b) Hinge rotation
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(c) Wing root out-of-plane bending moment
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(d) Wing root torsion moment

Figure 5.10: VFA response to continuous vertical gust with deployed FFWTs, M∞ = 0.65.
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(b) Hinge rotation
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(c) Wing root out-of-plane bending moment
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(d) Wing root torsion moment

Figure 5.11: VFA response to continuous vertical gust with deployed FFWTs, M∞ = 0.83.

gust disturbance by rotating about the hinge. The flare angle and the wingtip’s upward deflection
reduce the angle of attack outboard of the hinge, alleviating the loads at the wing root as shown
in Figs. 5.10c and 5.10d. A difference in hinge rotation is observed between the two gust inputs
due to the nature of the applied gust velocity field. The discrete gust input resulted in an oscil-
latory behavior of the hinge rotations, which peaked at the time of the gust input application and
then had a slow decay with time (see Fig 5.10b). In contrast, the hinge rotation developed a non-
sinusoidal response with the continuous gust input. A similar motion of the wingtip is observed at
M∞ = 0.83. However, as seen with the discrete gust, the FFWT rotates less at this flight condi-
tion due to stronger wash-out effects toward the wingtip. This contributed to poor load alleviation
performance of the FFWTs.

Next, the impact of wing flexibility on the load alleviation performance of the FFWTs is in-
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(a) Wing root out-of-plane bending moment, case 1

0 1 2 3 4 5 6 7 8
Time (s)

12

11

10

9

8

7

6

5

4

3

W
in

g 
ro

ot
 b

en
di

ng
 m

om
en

t (
10

6  
N

-m
)

(b) Wing root out-of-plane bending moment, case 2
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(c) Hinge rotation, case 1
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(d) Hinge rotation, case 2

Figure 5.12: VFA response to discrete gust (H = 107 m) with deployed FFWTs, varying wing
stiffness, M∞ = 0.65.

vestigated. The results are presented for two cases: case 1 corresponds to a practical variation in
the out-of-plane bending stiffness (15%) and; case 2 corresponds to a 75% increase in the out-of-
plane bending stiffness representing a stiffened version of the VFA test case with the first bending
frequency close to the baseline FA test case. Results are presented for both the gust inputs. The
discrete gust input results consider only the longest gust input (H = 107 m).

Figs. 5.12 and 5.13 compares the load alleviation and hinge rotation for the two wing stiffness
case. Comparing these results with the baseline stiffness (see Fig. 5.7) for the lower dynamic
pressure condition, a higher load reduction is observed as the stiffness of the wing is increased.
The wingtip rotates more at the trim and during the gust encounter. This helps increase the load
alleviation due to a higher reduction in lift outboard of the hinge. Further, as the wing stiffness
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(a) Wing root out-of-plane bending moment, case 1

0 1 2 3 4 5 6 7 8
Time (s)

12

11

10

9

8

7

6

5

4

3

W
in

g 
ro

ot
 b

en
di

ng
 m

om
en

t (
10

6  
N

-m
)

(b) Wing root out-of-plane bending moment, case 2
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(c) Hinge rotation, case 1
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(d) Hinge rotation, case 2

Figure 5.13: VFA response to discrete gust (H = 107 m) with deployed FFWTs, varying wing
stiffness, M∞ = 0.83.

increase, the aeroelastic effects become milder, resulting in a smaller increase in lift inboard of
the hinge. This higher reduction in lift outboard and a lower increase in lift inboard of the hinge
contribute to the improvement of FFWT’s load alleviation performance. A lower impact of wing
stiffness is observed at M∞ = 0.83. The 15% increase in wing stiffness is not significant at this
flight condition to improve load alleviation, as shown in Fig. 5.13a. However, for stiffness case 2,
the 75% increase in wing stiffness shows a significant load reduction at this flight condition. The
impact of wing stiffness is also observed with increased hinge rotation.

Finally, the impact of wing stiffness is also shown for the continuous gust input in Figs. 5.14
and 5.15. The overall trends in the load alleviation remain the same as observed for the results
with the discrete gust. At M∞ = 0.65, higher load alleviation benefits are observed as the stiffness
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(a) Wing root out-of-plane bending moment, case 1
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(b) Wing root out-of-plane bending moment, case 2
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(c) Hinge rotation, case 1
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(d) Hinge rotation, case 2

Figure 5.14: VFA response to continuous gust with deployed FFWTs, varying wing stiffness,
M∞ = 0.65.
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(a) Wing root out-of-plane bending moment, case 1
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(b) Wing root out-of-plane bending moment, case 2
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(c) Hinge rotation, case 1
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(d) Hinge rotation, case 2

Figure 5.15: VFA response to continuous gust with deployed FFWTs, varying wing stiffness,
M∞ = 0.83.

increases, while at M∞ = 0.83, a significant load alleviation is observed only with the higher
increase in wing stiffness (case 2). These results are consistent with the maneuver load alleviation
results (see Sec. 4.4.2), which showed that the FFWTs effectiveness in reducing loads varies with
the level of wing flexibility and the flight condition.

5.3 Ride Qualities

Table 5.1 lists the accelerometers placed at various points of interest along the fuselage. The
accelerometers #1 and #6 are placed at an offset from the fuselage beam reference axis, while the
others are placed along the reference axis. The ride qualities are evaluated for only the continuous

130



Figure 5.16: Positions of the accelerometers along the fuselage.

Table 5.1: Coordinates of the accelerometers in the aircraft B frame.

Label x (m) y (m) z (m)

A1 −24.00 1.10 1.05
A2 −12.02 0.00 0.98
A3 −4.05 0.00 0.98
A4 4.42 0.00 0.98
A5 20.00 0.00 0.98
A6 28.71 1.10 0.31
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Figure 5.17: Time-domain signal for a von Kármán lateral gust disturbance.

gust model since it can excite different frequencies during the simulation. The studies consider a
vertical and lateral gust input. Figure 5.17 and shows the time signal associated for the gust lateral
velocity.

The discussion of ride quality results is as follows: Sec. 5.3.1 shows the impact of wing flex-
ibility on the ride qualities and Sec. 5.3.1 presents the results investigating the impact of FFWTs
on ride qualities of the VFA test case.

5.3.1 Impact of Wing and Fuselage Flexibility

The ride qualities of the VFA test case are compared with the FA test case to show the impact of a
very flexible HARW. Then the impact of wing and fuselage flexibility is analyzed. The results for
the vertical and lateral gust inputs are presented in Sec. 5.3.1.1 and Sec. 5.3.1.2 respectively.

5.3.1.1 Vertical Gust

Figure 5.18 compares the vertical accelerations for each sensor and test case for the two flight
conditions. The M∞ = 0.83 flight condition is associated with higher accelerations causing higher
discomfort, as shown by the higher ride quality metric values in Table 5.2 and 5.3. The last column
in the tables lists the percentage variation of the ride quality metric for the VFA test case relative
to the FA for a given sensor. A percentage decrease means that the VFA has a lower ride quality
metric value than the FA, that is, improved ride qualities. A percentage increase means that the
VFA has a higher value of the ride quality metric, meaning degraded ride qualities.

For both test cases, vertical accelerations are highest toward the tail (A5 and A6), leading to
higher values of the ride quality metric and increasing discomfort. At M∞ = 0.83, the VFA
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0 1 2 3 4 5 6 7 8
Time (s)

15

10

5

0

5

10

15

Ve
rti

ca
l a

cc
el

er
at

io
n 

(m
/s

2 )

(d) VFA, M∞ = 0.83

Figure 5.18: VFA vs. FA vertical accelerations at various locations during the vertical gust en-
counter.

Table 5.2: VFA vs. FA ride quality metric (m/s2) during the vertical gust encounter, M∞ = 0.65.

Sensor FA VFA Variation (%)

A1 0.491 0.439 −10.50
A2 0.469 0.421 −10.10
A3 0.494 0.452 −8.53
A4 0.534 0.500 −6.48
A5 0.622 0.604 −2.85
A6 0.704 0.690 −2.09
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Table 5.3: VFA vs. FA ride quality metric (m/s2) during the vertical gust encounter, M∞ = 0.83.

Sensor FA VFA Variation (%)

A1 0.913 0.667 −27.00
A2 0.715 0.575 −19.63
A3 0.790 0.649 −17.85
A4 0.878 0.753 −14.29
A5 1.018 0.947 −7.01
A6 1.284 1.153 −10.20

shows lower accelerations than the FA due to the higher flexibility and larger inertia associated
with the HARW test case. This translates to lower ride quality metric values for each sensor
(Table 5.3), meaning enhanced ride qualities. The difference in the ride quality metric is higher for
the sensors in front of the fuselage. At M∞ = 0.65, the difference in the acceleration levels and ride
quality metric values between the two test cases is smaller. At this flight condition, the acceleration
alleviation effect due to the increased flexibility of the HARW is less pronounced. Moving from
the nose toward the tail causes smaller and smaller differences in the vertical accelerations between
the two configurations.

Figure 5.19 compares the ride quality metric for the VFA with varying wing flexibility levels.
The stiffened variant case 2 has the out-of-plane bending and torsion stiffness distributions scaled
by constant factors of 1.75 and 1.5, respectively. This shifts the first few frequencies in the same
range as the FA test case to isolate the impact of the higher wing aspect ratio. The stiffened variant
1 has the out-of-plane bending and torsion stiffness distributions scaled by constant factors of 1.15
and 1.15, respectively. The trend for the different accelerometers is not monotonic. The rigid
wing case shows a higher ride quality metric for both flight conditions than the flexible wing case.
The stiffened variant case 2 experiences higher accelerations than its rigid counterpart except for
the sensors at the front of the fuselage (A1 to A3). The discomfort at the front of the fuselage
(A1) remains higher with the flexible wing than with the stiffened wing. The stiffened variant
case 1 experiences lower accelerations than its rigid counterpart. However, it experiences higher
accelerations than its flexible counterpart except for the sensors at the front of the fuselage (A1 to
A2). The discomfort at the front of the fuselage (A1) remains higher with the flexible wing than
with the stiffened wings.

These trends are similar for the two flight conditions, though the numerical values of the ride
quality metric vary. These results considered the fuselage as a flexible member. The results con-
sidering the fuselage as a rigid member are shown in Fig. 5.20. The impact of fuselage flexibility
on the ride quality metric is shown for the VFA with varying wing flexibility levels. For a flexible
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Figure 5.19: Ride quality metric for different VFA wing variants, vertical gust.

fuselage, all the wing variants showed an increase in the ride quality metric towards the tail except
for the sensor located at the front fuselage (A1). In contrast, for a rigid fuselage, there is a trend
of increasing ride quality metric towards the tail for all the sensors. The interaction of fuselage
flexibility with wing flexibility impacts the ride quality metric. The highest impact is observed for
the nose fuselage due to the fuselage flexibility. A higher comfort is predicted for the sensors in
front of the fuselage if the flexibility effects are not considered. There is also a minor variation
in the ride quality metric of a given sensor location for different VFA wing variants for a rigid
fuselage.

The results suggest that wing and fuselage flexibility must be accounted for in the ride quality
metric evaluation. The interaction between the fuselage and wing flexibility may play a detrimental
or beneficial role in ride qualities, depending on its level and the location along the aircraft.

5.3.1.2 Lateral Gust

Figure 5.21 compares the lateral accelerations for each sensor and aircraft for the two flight condi-
tions. Similar to the results for the vertical gust, the M∞ = 0.83 flight condition is associated with
higher accelerations causing higher discomfort, as shown by the higher ride quality metric values
in Table 5.4 and 5.5.

For both test cases, lateral accelerations are highest toward the ends (A1 and A6), leading to
higher values of the ride quality metric and hence higher discomfort. This can be explained by
looking at the response of the aircraft to a lateral gust in Fig. 5.28. The lateral gust induces a roll
and a yaw motion towards the right wing. This causes higher accelerations towards the ends of the
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Figure 5.20: Ride quality metric for different VFA wing variants, vertical gust (rigid fuselage).

Table 5.4: VFA vs. FA ride quality metric (m/s2) during the lateral gust encounter, M∞ = 0.65.

Sensor FA VFA Variation (%)

A1 0.667 0.585 −12.32
A2 0.274 0.252 −7.96
A3 0.107 0.111 3.52
A4 0.173 0.155 −10.39
A5 0.458 0.443 −3.29
A6 0.701 0.656 −6.42

fuselage because of the lateral motion. At M∞ = 0.65, the VFA shows lower accelerations than
the FA except for the sensor located near the fuselage wing intersection (A3), though numerically
they have a similar value (Table 5.4). At this flight condition, the trends are similar to the vertical
gust input.

At M∞ = 0.83, the difference in the acceleration levels and ride quality metric values between
the two test cases is similar towards the rear fuselage wit lower ride quality metric for the VFA test
case. A higher difference is observed for the sensors located near the fuselage wing intersection
(A3 and A4), though qualitatively the ride quality metric is much smaller than at the fuselage ends.
There is an increase in discomfort at the sensor located towards the tip of the nose fuselage (A1) and
near the fuselage wing intersection (A3 and A4) for the VFA than the FA. At this flight condition,
the acceleration alleviation effect due to the increased flexibility of the VFA is less pronounced.

To further investigate the ride qualities of the VFA test case under lateral gust loads, Fig. 5.22
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(c) FA, M∞ = 0.83
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Figure 5.21: VFA vs. FA lateral accelerations at various locations during the lateral gust encounter.

Table 5.5: VFA vs. FA ride quality metric (m/s2) during the lateral gust encounter, M∞ = 0.83.

Sensor FA VFA Variation (%)

A1 0.775 0.856 10.47
A2 0.306 0.293 −4.07
A3 0.116 0.152 31.55
A4 0.212 0.236 11.52
A5 0.573 0.559 −2.48
A6 0.881 0.849 −3.55
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Figure 5.22: Ride quality metric for different VFA wing variants, lateral gust.

compares the ride quality metric for the VFA with varying wing stiffness considering a flexible
fuselage. The impact of different wing flexibility levels is not significant for a lateral gust specially
for the sensors located in the center of the fuselage. This is observed for both flight conditions.
For the sensors located at the ends, there is a trend of increasing discomfort with wing flexibility
and then a reduction in discomfort as the flexibility of the wing is increased further. However, the
differences remain smaller than the results for a vertical gust. Figure 5.23 compares the ride quality
metric for the VFA with varying wing stiffness considering a rigid fuselage. For a rigid fuselage,
there is a higher variation in the ride quality metric for varying VFA wing flexibility levels towards
the fuselage ends. There is a trend of decrease in ride quality metric, implying higher comfort with
increasing wing flexibility. The difference is highest towards the fuselage tail (sensors A5 and A6).
Overall, similar to the results with the vertical gust, a lower discomfort is evaluated when a rigid
fuselage is considered.

5.3.2 Impact of Flared Folding Wingtips

The impact of FFWTs on the ride qualities of the VFA test case are compared presented in this sec-
tion. The results for the vertical and lateral gust inputs are presented in Sec. 5.3.2.1 and Sec. 5.3.2.2
respectively.
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Figure 5.23: Ride quality metric for different VFA wing variants, lateral gust (rigid fuselage).

5.3.2.1 Vertical Gust

Section 5.2.2 shown the VFA response to a continuous vertical gust with FFWTs is shown
for different flight conditions in Sec. 5.2.2. Table 5.6 and 5.7 list the ride quality metric at
M∞ = 0.65, 0.83. The flapping motion of the free wingtip in response to the gust disturbance
causes higher accelerations in the fuselage, also shown in Fig. 5.24. These accelerations result
in a higher value of ride quality metric and increased discomfort when the folding wingtips are
released. This degradation effect is highest for the front accelerometer (A1), where the maximum
benefit of the wing flexibility was observed when moving from FA to VFA (see Tables 5.2 and 5.3).
This degradation of ride qualities can also be motivated by the decrease in frequency separation
between the fuselage and the wing when FFWTs are deployed (see Table 3.10). However, the ride
quality metric for the VFA with free folding wingtips remains lower than for the FA, whose wing
span corresponds to the span of the VFA wing at the wingtip hinge line. This is observed for all
the sensors except toward the tail (A5 and A6) at M∞ = 0.65 as shown in Fig. 5.25.

Additionally, Table 5.8 summarizes the impact of the flare angle by comparing results for Λ =

10 and 20 deg. The results are presented only for M∞ = 0.65 because there is no load alleviation
benefit from releasing the FFWTs at M∞ = 0.83. Ride qualities degrade with the flare angle, as
expected since this leads to higher load alleviation. This is also shown by the dynamic responses
in Fig. 5.10. The wingtip position and hinge rotation angle show larger-amplitude oscillations at
Λ = 20 deg, so reducing comfort. To further investigate the impact of the flare angle of the FFWTs
on the ride quality metric, Fig. 5.27 shows the comparison for varying flare angles between Λ = 10

and 20 deg. There is no significant impact of varying the flare angle on the ride qualities except at
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Table 5.6: Impact of deploying FFWTs on VFA ride quality metric (m/s2), vertical gust M∞ =
0.65.

Sensor Fixed Free Variation (%)

A1 0.439 0.479 9.10
A2 0.421 0.419 −0.49
A3 0.452 0.453 0.10
A4 0.500 0.509 1.76
A5 0.604 0.623 3.11
A6 0.690 0.730 5.85

Table 5.7: Impact of deploying FFWTs on VFA ride quality metric (m/s2), vertical gust, M∞ =
0.83.

Sensor Fixed Free Variation (%)

A1 0.667 0.730 9.55
A2 0.575 0.582 1.23
A3 0.649 0.659 1.48
A4 0.753 0.767 1.94
A5 0.947 0.956 1.00
A6 1.153 1.182 2.44

Table 5.8: Impact of flare angle on the VFA ride quality metric (m/s2), vertical gust, M∞ = 0.65.

Flare angle (deg)

Sensor 10 20 Variation (%)

A1 0.479 0.610 27.20
A2 0.419 0.440 4.89
A3 0.453 0.466 3.01
A4 0.509 0.525 3.25
A5 0.623 0.637 2.18
A6 0.730 0.768 5.26
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Figure 5.24: VFA vertical accelerations at various locations with deployed FFWTs, vertical gust.
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Figure 5.25: Ride quality metric for FA, VFA (fixed FFWTs), and VFA (free FFWTs), vertical
gust.

values closer to Λ = 20 deg, where there is a free wingtip instability as shown by Fig. 5.26.

5.3.2.2 Lateral Gust

The results for the continuous lateral gust input are shown in Figs. 5.28 and 5.29. In response
to a lateral gust, the aircraft experiences a rolling and an in-plane motion towards the right wing.
At M∞ = 0.65, the FFWTs responds to the gust disturbance by rotating about the hinge. As the
aircraft rolls towards the right, the hinge rotation increases for the left wing while reducing for the
right wing. This creates a net higher lift on the right wing and the wingtip motion tries to resist the
rolling motion induced by the lateral gust. This can be seen by a slightly smaller roll angles with
the free wingtips (see Fig. 5.28e). However, this favorable impact of the wingtip motion is only
observed for the sensors located in the front fuselage (A1 to A43) as shown in the Table 5.9. The
sensors located towards the rear fuselage (A4 to A6) show higher discomfort due to the flapping
motion of the wingtip similar to the vertical gust. The impact on load alleviation remains the same
as seen for the previous results at this flight condition.

A similar motion of the wingtip is observed at M∞ = 0.83. However, as seen with the previ-
ous results, the FFWT rotates less at this flight condition due to the presence of stronger wash-out
effects toward the wingtip. This contributed to poor load alleviation performance of the FFWTs.
However, the anti-symmetric motion of the wingtip at this flight condition causes a higher im-
provement in the comfort for the sensors located towards the front fuselage and a smaller increase
in discomfort for the sensors located towards the rear fuselage (see Table 5.10). Finally Fig. 5.31
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Figure 5.26: Gust response of the VFA with varying flare angle, vertical gust M∞ = 0.65.

Table 5.9: Impact of deploying FFWTs on VFA ride quality metric (m/s2), lateral gust, M∞ =
0.65.

Sensor Fixed Free Variation (%)

A1 0.585 0.573 −2.08
A2 0.252 0.251 −0.49
A3 0.111 0.108 −2.47
A4 0.155 0.155 0.22
A5 0.443 0.459 3.52
A6 0.656 0.690 5.13
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Figure 5.27: Impact of flare angle on the VFA ride quality metric (m/s2), vertical gust, M∞ = 0.65.

Table 5.10: Impact of deploying FFWTs on VFA ride quality metric (m/s2), lateral gust, M∞ =
0.83.

Sensor Fixed Free Variation (%)

A1 0.856 0.798 −6.79
A2 0.293 0.285 −2.69
A3 0.152 0.141 −7.38
A4 0.236 0.227 −4.09
A5 0.559 0.567 1.45
A6 0.849 0.860 1.29
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(c) Wing root out-of-plane bending moment
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Figure 5.28: VFA response to continuous lateral gust with deployed FFWTs, M∞ = 0.65.
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(c) Wing root out-of-plane bending moment
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(d) Wing root torsion moment
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Figure 5.29: VFA response to continuous lateral gust with deployed FFWTs, M∞ = 0.83.
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Figure 5.30: VFA lateral accelerations at various locations with deployed FFWTs, lateral gust.
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Figure 5.31: Ride quality metric for FA, VFA (fixed FFWTs), and VFA (free FFWTs), lateral gust.

shows the comparison of ride quality metric for the FA test case against the VFA test case with and
without FFWTs. At M∞ = 0.65, the ride qualities of the VFA test case with FFWT’s remain lower
than the FA test case for all the sensors. At M∞ = 0.83, the ride qualities of the VFA test case with
FFWT’s also remain lower than the FA test case except for the sensor (A1) near the front fuselage.
However, for this sensor the deployment of FFWTs improve the ride qualities of the VFA test case
that was deteriorated compared to the FA test case. These results show that the load alleviation
benefits of FFWTs impact the ride qualities at flight conditions where these devices effectively
alleviate loads (e.g., M∞ = 0.65 in these studies). At flight conditions where wash-out effects
are such that FFWTs do not virtually change the loads, releasing these devices still reduces ride
quality. However, this is valid only for the vertical gusts. FFWTs improve the comfort when lateral
gusts are considered, even at higher dynamic pressure conditions where the impact of aeroelastic
effects is more substantial. The range of flight conditions where FFWTs are deployed for load al-
leviation should be assessed based on the level of wing flexibility and strength of wash-out effects
and the impact on ride qualities for different types of gust disturbances. Overall, the VFA with
FFWTs shows mostly lower or similar ride qualities as the FA test case, with vertical and lateral
gust disturbances.

5.4 Summary

This chapter investigated the gust load alleviation and ride qualities of transonic HARW aircraft
representing a potential future civil transport configuration. Gust responses of the aircraft were
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simulated in a nonlinear aeroelastic-flight dynamics framework to assess the impact of wing flex-
ibility and FFWTs on ride qualities. The gust responses considered continuous and discrete pene-
trative gust models and two flight conditions, a relatively low dynamic pressure case and a typical
cruise condition. The VFA test case (HARW configuration) was found to have better ride qualities
than the FA test case (a baseline aircraft with a regular wing aspect ratio) during vertical gusts.
Wing flexibility was found to reduce accelerations in front of the fuselage, so improving ride qual-
ities at those locations during the vertical gusts. In contrast, for a lateral gust, the VFA showed an
increase in ride quality metric toward the front fuselage at the higher dynamic pressure condition.
For all other locations and at lower dynamic pressure condition, the VFA showed a lower ride
quality metric value, therefore higher comfort.

The trend of increasing comfort with increasing flexibility was also observed when comparing
the HARW configuration against a rigid-wing variant with the same aspect ratio. However, com-
pared to a stiffened-wing variant, a non-monotonic trend was observed in the ride quality metric
depending on the sensor location. This was observed for both vertical and lateral gusts. The impact
of fuselage flexibility was also investigated. For a rigid fuselage, a lower ride quality metric value
was observed for all the sensor locations, thereby showing an increase in comfort when a rigid
fuselage is considered in the analysis.

Deploying FFWTs was found to degrade ride qualities of the HARW configuration due to in-
creased accelerations at the fuselage caused by the wingtip flapping motion for a vertical gust.
This is also motivated by the decrease in the frequency separation between the fuselage and the
wing when FFWTs are deployed. Maximum degradation was observed toward the nose fuselage.
In contrast, FFWTs improved the ride comfort towards the front fuselage during a lateral gust.
While deploying FFWTs degraded ride qualities at both flight conditions, it alleviated the bending
moment at the wing root at lower dynamic pressure. On the other hand, no load alleviation benefit
was observed at the cruise condition on top of degraded ride qualities. Overall, the ride quality of
the VFA with FFWTs remains lower or similar to the ride quality of the FA.
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CHAPTER 6

Concluding Remarks

This chapter summarizes the work performed and provides the main conclusions and key contri-
butions of this dissertation. Recommendations for future research are also described.

6.1 Summary and Main Conclusions

This dissertation addressed open questions related to roll maneuverability, load alleviation, and ride
qualities of transonic HARW aircraft. The studies were enabled by UM/NAST, a coupled nonlin-
ear aeroelastic-flight dynamics simulation framework with the ability to model different control
effectors and simulate flexible and very flexible aircraft in free flight. As part of this work, the
framework was enhanced with the capability to model FFWTs and evaluate an acceleration-based
ride quality metric. Aeroelastic test cases of flexible and very flexible HARW aircraft with dis-
tributed trailing- and leading-edge control surfaces were developed to study the impact of higher
wing flexibility due to the increased span. These test cases represent a baseline aircraft with a
regular wing aspect ratio and a HARW aircraft representing a potential future civil transport con-
figuration. The main findings under the three research objectives are summarized below:

• To investigate questions regarding roll maneuverability in transonic HARW aircraft

– What is the impact of aileron placement on the static and dynamic roll response?

The static spanwise placement study of trailing-edge control surfaces showed peak roll
control effectiveness at approximately 50% semispan of the VFA (HARW) test case.
For the FA test case, the peak effectiveness spanwise location corresponds to 60% of the
semispan. The outboard control surfaces were less effective because of the increasing
wash-out effect resulting from larger aeroelastic deflections. This effect was found to be
more pronounced in the outboard regions of the VFA test case, where strong nonlinear
effects and control reversal were observed, especially at M∞ = 0.83. The dynamic
analyses considered a bank-to-bank maneuver similar to the one for roll capability
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certification of civil transport aircraft. The dynamic roll response analyses showed that
the VFA trailing-edge control surfaces need to be placed at the same distance from the
wing root as the FA to achieve comparable roll maneuverability. However, a higher
impact of adverse yaw was observed for an inboard placement.

– What are the benefits and limitations of varying aileron placement versus tailoring the

wingbox for improving roll maneuverability?

The roll maneuverability can be improved by increasing the wingbox out-of-plane
bending stiffness and providing a positive coupling between out-of-plane bending and
torsion. The out-of-plane bending stiffness has the highest impact. However, the ben-
efits of wingbox passive aeroelastic tailoring are not significant for inboard control-
surface layouts. With practical variations in the stiffness properties, the improvement
in roll maneuverability is not comparable to the impact of an inboard control surface
placement. However, there are challenges with both these approaches. Increasing wing
stiffness will also increase the weight, which was not accounted in this study. An in-
board trailing-edge control surface also created additional issues. These were discussed
in Sec. 4.4.

– Can unconventional control effectors like leading-edge control surfaces and FFWTs

improve roll maneuverability?

* What is the best spanwise placement of a leading-edge control surface?
The spanwise placement with highest roll control effectiveness of a leading-edge
control surface is similar to a trailing-edge control surface. For the relative value
of control derivatives between leading- and trailing-edge control surfaces consid-
ered in this study, inboard leading-edge control surfaces are ineffective compared
to trailing-edge control surfaces. However, outboard leading-edge control surfaces
can provide comparable roll maneuverability while avoiding higher loads and con-
trol reversal.

* What is the impact of deploying FFWTs with the different spanwise placement of
trailing- and leading-edge control surfaces?
Deploying FFWTs with a trailing- or leading-edge control surface inboard of the
hinge shows no improvement in the roll maneuverability at lower dynamic pressure
conditions for the VFA test case. The roll maneuverability is degraded at high dy-
namic pressure conditions if FFWTs are deployed. In contrast, if the FFWTs are
deployed for a stiffened wing, the roll maneuverability is enhanced with higher
impact at the lower dynamic pressure conditions. FFWTs help in reducing roll
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damping by not transmitting any bending loads through the hinge. However, for a
very flexible swept wing, this benefit comes with an increase in lift inboard of the
hinge, which increases the roll damping. Increasing the out-of-plane bending stiff-
ness of the wing reduces the washout effects, which decreases the impact of the roll
damping due to the increase in lift inboard of the hinge. Deploying FFWTs with a
trailing-edge control surface located outboard of the hinge (on the FFWT) induces
free wingtip instability, especially for the most outboard located layout. The in-
stability can be avoided by reducing the commanded deflections, which results in
a very slow roll maneuver. In contrast, deploying FFWTs with leading-edge con-
trol surface outboard of the hinge improves the roll maneuverability even at higher
dynamic pressure conditions.

• To investigate questions regarding load alleviation in transonic HARW aircraft

– What is the impact of the wing flexibility on the load alleviation performance of

FFWTs?

FFWTs alleviate loads by reducing the angle of attack outboard of the hinge when they
rotate upwards for a positive flare angle. The offloading of the wingtip reduces the
upwards deflections of the main wing. This increases the angle of attack inboard due
to the washout effects in a flexible swept wing. Hence, FFWTs will alleviate loads
when the moment due to the lift outboard of the hinge overcomes the moment due to
lift gain inboard of the hinge. Increasing wing stiffness improves the load alleviation
performance, but the impact is smaller for practical variations in stiffness properties. It
was also observed that the difference in the trim shape with FFWTs significantly affects
the load alleviation performance for both MLA and GLA.

– What is the impact of considering different flight conditions on the load alleviation

performance of FFWTs?

For the VFA test case, loads are alleviated only at lower dynamic pressure conditions
where the aeroelastic effects are milder. However, for a typical cruise flight condi-
tion, the strong aeroelastic effects reduce their load alleviation performance despite the
wingtip’s upward rotation. At this flight condition, the wingtip rotates by a smaller an-
gle. Therefore, a smaller reduction in loads is obtained with the FFWTs. At the same
time, there is a more significant increase in lift inboard, which reduces the load allevi-
ation performance. The impact of increasing the stiffness of the wing was also smaller
at higher dynamic pressure conditions. For a stiffened wing, a 13% decrease in wing
root bending moment was observed at the lower dynamic pressure condition. On the
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other hand, only 6% reduction in the loads was observed at higher dynamic pressure
conditions.

These results show the importance of considering the wing flexibility and different flight
conditions when exploring FFWTs as load alleviation devices.

• To investigate questions regarding ride qualities of transonic HARW aircraft

– How does wing flexibility impact ride qualities?

The ride qualities of the VFA HARW test case were compared against the FA test case
with a regular aspect ratio. The ride quality metric was analyzed for both vertical and
lateral gust inputs. For a vertical gust input, the VFA test had a lower ride quality met-
ric value than the FA test case, meaning higher comfort with the VFA test case. This
was motivated by the higher wing flexibility and inertia of the VFA test case. Similar
results were obtained for the lateral gust except for increased discomfort near the front
fuselage at higher dynamic pressure conditions with the VFA test case. The impact
of wing flexibility was investigated for the VFA test case with varying wing flexibility
levels. For a vertical gust, the trend of the ride quality metric with the wing flexibil-
ity of the VFA test case was not monotonic. Moving toward the tail, the ride quality
first decreases with wing flexibility but then improves beyond a flexibility level. The
opposite behavior was observed for the front fuselage. For a lateral gust, the impact
of wing flexibility showed smaller variations in the ride quality metric. The studies
also showed that fuselage flexibility should be considered when evaluating ride quali-
ties—neglecting fuselage flexibility results in a lower ride quality metric value, mean-
ing a higher comfort is predicted. This behavior was observed at both flight conditions
even though the absolute values of the ride quality metric change.

– How do FFWTs impact ride qualities?

The impact of FFWTs on ride qualities was investigated by releasing the wingtip during
the gust response. For a vertical gust, the motion of the FFWTs induced additional
vibrations that increased the ride quality metric, increasing discomfort. There was no
significant impact on increasing the flare angle on ride qualities except at an angle
where the wingtip becomes unstable. This was observed for a flare angle of 20 deg,
where the ride qualities deteriorated due to the increase in wingtip rotations. For a
lateral gust, the right and the left FFWTs showed an anti-symmetric rotation in response
to the roll and yaw motion of the aircraft. This helps in alleviating accelerations towards
the front fuselage when FFWTs are deployed. Overall, for both cases, the ride quality
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metric for the VFA test case with FFWTs remains lower or comparable to the FA test
case.

6.2 Key Contributions

This dissertation provided the following key contributions:

• Developed and implemented the theoretical formulation of FFWTs as flexible control effec-
tors within a fully coupled nonlinear aeroelastic-flight dynamics framework. This capability
enabled the static and dynamic analyses of these devices in free flight while capturing the
coupling among nonlinear structural dynamics, rigid-body dynamics, and aerodynamics in
the behavior of very flexible HARW aircraft [7].

• Provided new insights about the impact of deploying FFWTs in very flexible transonic
HARW aircraft. The effect of wingbox passive aeroelastic tailoring was also investigated
to highlight the impact of stronger aeroelastic effects on the poor load alleviation and roll
performance of FFWTs in the presence of increased wing flexibility or at higher dynamic
pressure conditions. These results were in contrast with previous studies that were conducted
on relatively stiffer wings.

• Provided new knowledge on the relative ride qualities of very flexible transonic HARW air-
craft under gust loads. The results compared the ride qualities of a HARW and a regular
aspect ratio wing aircraft. The impact of deploying FFWTs on ride qualities was also inves-
tigated. The studies highlighted the effect of frequency separation between the fuselage and
the wing on the aircraft ride qualities with and without FFWTs.

• Enabled a linearized kinematics mode within the nonlinear simulation framework to investi-
gate the impact of geometrically nonlinear effects on the roll control effectiveness of trailing-
edge control surfaces and gust response of very flexible HARW aircraft.

• Implemented enhancements for extracting the stiffness properties of an equivalent beam rep-
resentation of a given GFEM. This capability allows modeling a GFEM of an industrial air-
craft model as a set of equivalent beam models for nonlinear aerostructural analyses. This
was developed as part of the UM/EF2S framework and used to create the aircraft test cases
studied in this dissertation.
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6.3 Recommendations for Future Research

Some topics have been identified throughout this work that can be pursued for future research.

• Additional investigations should focus on improving accuracy and robustness of the
UM/EF2S process for industrial models of components such as fuselage or, in general, for
GFEM with more complex geometries and property distributions. The current UM/EF2S
framework can condense GFEMs of wings into equivalent-beam models with lower errors
than for fuselage components. For instance, a maximum error of 2% was observed in the
modal frequency comparison of the HARW beam model against its GFEM for the first 10
modes. In contrast, errors in the range of 8-11% were observed for fuselage components.

• The control-surface placement studies should explore the feasibility of an inboard control-
surface placement. The studies should consider the impact of the mass and inertia of the
different control surface layouts and the implications for hinge loads. Additionally, the anal-
yses need to be conducted with an actuator dynamics model.

• The evaluation of control-surface aerodynamic derivatives for leading- and trailing-edge con-
trol surfaces through CFD analyses could be considered. This will allow capturing the im-
pact on the aerodynamic loads of neighboring control surfaces for a given control surface
deflection.

• MLA and GLA studies with the combined deployment of trailing- and leading-edge control
surfaces can be investigated to leverage the load alleviation performance of leading-edge
control surfaces.

• The current investigations considered quasi-steady transonic effects. While this approach
is reasonable, for instance, for roll maneuver, gust load alleviation and ride quality studies
should be revisited with an updated aerodynamic model that captures unsteady transonic
effects.

• The aerodynamic model in this work is based on the reference trimmed geometry without
considering the impact of wingtip rotation. Future studies should consider the impact of
large wingtip rotations in the aerodynamic model for the various investigations.

• Future studies should consider of FFWT the impact on flutter and post-flutter response.
Time-domain flutter and post-flutter calculations are possible with the current implemen-
tation in UM/NAST. However, additional developments are required for frequency-domain
flutter calculations with FFWTs. Additionally, the studies did not consider the impact of
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FFWTs inertia distributions and length. Extensive design space exploration in this area is
recommended.

• The studies in this worked showed the detrimental impact of aeroelastic effects on the per-
formance of FFWTs under high dynamic pressure conditions and increased wing flexibility.
Future work can address optimization of transonic HARW aircraft with FFWTs with con-
straints on control authority, MLA/GLA, ride and handling qualities, and other metrics.

• The impact of geometrically nonlinear effects on the FFWT’s response should be investi-
gated.

• Wind-tunnel testing of a very flexible swept wing with FFWTs and distributed control sur-
faces can help provide additional insights and validate the numerical results.

• The impact of the FFWT’s release time should be explored in future studies. An actuation
model for the release of the FFWTs in a dynamic simulation can be developed. Addition-
ally, the impact of the possible failure of the lock and release mechanism of FFWTs on the
aircraft’s dynamic response can be investigated.

• The ride quality metric evaluation can be improved by weighting different frequencies ac-
cording to their impact on humans comfort, allowing for a more realistic ride quality assess-
ment. Additionally, extensive investigations should be conducted to isolate the impact of
wing and fuselage flexibility on the ride qualities, with and without FFWTs.
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APPENDIX A

Control-Surface Flexibility

A flexible control surface is modeled as a beam-type member connected to a parent fixed wingbox
or tailbox member at discrete points along the hinge line, as shown in Fig. A.1. The structural
properties of the control surface are obtained by reducing its three-dimensional built-up finite ele-
ment model to an equivalent beam-type representation associated to a chosen reference axis (blue
line in Fig. A.1). This description can be captured directly in the original strain-based structural
formulation implemented into UM/NAST. However, three theoretical developments are needed for
connecting an isolated flexible control-surface member to its parent (wingbox or tailbox) member:
1) kinematic laws for recovering the position and orientation of the hinge line, which generally
does not coincide with the reference axis of the parent member or the control surface; 2) boundary
conditions to constrain the relative motions of the parent member and of the control surface at the
hinge connection points; and 3) internal virtual work to capture elastic reactions and dissipation
that may arise to relative motions at the hinge. These extensions are developed in Secs. A.1 to A.4.

A.1 Hinge Fundamental Description and Kinematics

Consider the fixed member and the control surface in Fig. A.1. The two members are connected at
a discrete number of spanwise locations along the hinge line. Each connection is modeled by two
coincident points, one on the parent member and the other on the control surface. The projections
of these points intersect the parent-member reference axis at a point u within the mth element
and the control-surface reference axis at a point v within the nth element. The h vectors at these
points are hmu and hnv, respectively, while the θ vectors are θmu and θnv, respectively. The h and θ

vectors at the coincident hinge points are denoted by hH
mu and θHmu (point on the fixed member) and

hH
nv and θHnv (point on the control surface). For simplicity, the points mu and nv are here assumed

to coincide with finite element nodes. The general case where these points have arbitrary locations
within the mth and nth elements is treated in Sec. A.4.
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Figure A.1: Equivalent beam-type representation of a wingbox with a flexible control surface.
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Since points along the hinge belong to the same rigid cross sections as their projections onto the
fixed member and control-surface member reference axes, they are subject to the same rotations.
Therefore, one has:

θHmu = θmu, θHnv = θnv,

JH
θεmu

= Jθεmu , JH
θεnv

= Jθεnv ,
(A.1)

where Jθεmu and Jθεnv are the 3× 4N blocks corresponding to the nodes mu and nv in the model
Jacobian matrix Jθε in Eq. (2.13). The position and orientation of the hinge points are given by:

hH
mu =



pHmu

wH
xmu

wH
ymu

wH
zmu


̸= hmu, hH

nv =



pHnv

wH
xnv

wH
ynv

wH
znv


̸= hnv. (A.2)

Specifically, the positions of the hinge points are given by:

pHmu = pmu + yHmuwymu + zHmuwzmu ,

pHnv = pnv + yHnvwynv + zHnvwznv ,
(A.3)

where the distances yHmu, yHnv, zHmu, and zHnv are known from the hinge geometry and are constant
in time. The orientations of wH

mu and wH
nv upon initialization are such that the wH

xmu
and wH

xnv
unit

vectors are along the hinge line, while the other two unit vectors are along any pair of orthogonal
directions in the normal plane. Note that the wH

mu and wH
nv frames do not generally coincide with

the wmu and wnv frames. However, the orientations of the wH
mu and wH

nv frames with respect to the
wmu and wnv frames, respectively, are known from the hinge geometry and related by:

wH
imu

= CHw
mu wimu , wH

inv
= CHw

nv winv , (A.4)

where i = x, y, z. The rotation matrices CHw
mu and CHw

nv transform the wmu and wnv frames into the
wH

mu and wH
nv frames, respectively. These matrices are evaluated in undeformed configuration and,

under the assumption of rigid cross-sections, they remain constant in time.
Using Eqs. (A.3) and (A.4), the column vectors hH

mu and hH
nv can be written as

hH
mu = DH

muhmu, hH
nv = DH

nvhnv, (A.5)
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with

DH
mu =


I3 03 yHmuI3 zHmuI3

03 CHw
mu 03 03

03 03 CHw
mu 03

03 03 03 CHw
mu

 , DH
nv =


I3 03 yHnvI3 zHnvI3

03 CHw
nv 03 03

03 03 CHw
nv 03

03 03 03 CHw
nv

 , (A.6)

where I3 is a 3× 3 identity matrix, 03 is a 3× 3 zero matrix. The matrices in Eq. (A.6) are known
from the hinge line position and orientation in undeformed configuration and they are constant in
time. The recovery law in Eq. (A.5) yields

JH
hεmu

= DH
muJhεmu , JH

hεnv
= DH

nvJhεnv , (A.7)

where Jhεmu and Jhεnv are the 12 × 4N matrices corresponding to the nodes mu and nv in the
model Jacobian matrix Jhε given in Eq. (2.13).

A.2 Hinge Boundary Conditions

Hinge boundary conditions are enforced by extending the formulation presented in Ref. [97] for
modeling relative constraints. These constraints allow to model configurations where two members
connect at a common node, such as joined-wing aircraft. However, hinge constraints are enforced
at pairs of coincident hinge points that are not finite element nodes and do not belong to a refer-
ence beam axis. Depending on the hinge kinematic characteristics, certain position and rotation
components of the hinge points are enforced to be equal at all times.

With reference to Fig. A.1, hinge constraints are modeled by enforcing the relations

BH
h (hH

mu − hH
nv) = 0, BH

θ (θHmu − θHnv) = 0. (A.8)

In Eq. (A.8), BH
h is a boolean matrix that selects the constrained position components, that is,

elements of pHmu and pHnv that are enforced to be equal at any time, BH
θ selects the constrained

components of θHmu and θHnv. Typically, coincident hinge connection points are enforced to keep the
same positions at any time, while the rotation about the hinge axis is left free or commanded by
enforcing a known prescribed relative rotation of the control-surface member with respect to the
parent member. These conditions dictate the size and structure of the matrices BH

h and BH
θ such

that they select the position and rotation components subject to the hinge constraint.
Following Ref. [97], the constraints in Eq. (A.8) are introduced into the discretized energy
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functional using Lagrange multipliers. This leads to the constrained energy functional variation

δΠc = δΠ+ δλT
hc,hB

H
h (hH

mu − hH
nv) + δλT

hc,θ[B
H
θ (θHmu − θHnv)] (A.9)

+δεT
[
BH

h

(
DH

muJhεmu −DH
nvJhεnv

)]T
λhc,h + δεT

[
BH

θ (Jθεmu − Jθεnv)
]T

λhc,θ,

where the unconstrained energy functional variation is

δΠ = δhTMḧ+ δεTCε̇+ δεTK(ε− ε0) + (A.10)

+δhTN g − δpT (BFF distr + F pt)− δθT (BMMdistr +Mpt), (A.11)

and λhc,h and λhc,θ are the column vectors of Lagrange multipliers for the position and rotation
hinge constraints (A.8).

The unconstrained contribution in Eq. (A.9) is rewritten in terms of strain DOFs. The hinge
constraints is developed using an iterative procedure [97] because the vectors h and θ are nonlinear
functions of the strain vector. At the iteration j + 1, the contribution due to the hinge position
constraint is

δλT
hc,hj+1

BH
h (hH

muj+1
− hH

nvj+1
) + δεTj+1

[
BH

h

(
DH

muJhεmu −DH
nvJhεnv

)]T
j
λhc,hj+1

, (A.12)

where
hH
muj+1

= hH
muj

+ (DH
muJhεmu)j (εj+1 − εj) ,

hH
nvj+1

= hH
nvj

+ (DH
nvJhεnv)j (εj+1 − εj) .

(A.13)

The hinge rotation constraint is treated similarly, giving

δλT
hc,θj+1

[BH
θ (θHmuj+1

− θHnvj+1
)−∆θ

H

mu,nvj+1
] + δεTj+1

[
BH

θ (Jθεmu − Jθεnv)
]T
j
λhc,θj+1

, (A.14)

where
θHmuj+1

= θHmuj
+ (Jθεmu)j (εj+1 − εj) ,

θHnvj+1
= θHnvj + (Jθεnv)j (εj+1 − εj) .

(A.15)

Substituting the Jacobians in Eq. (2.13) and Eqs. (A.12) to (A.15) into the constrained energy
functional variation in Eq. (A.9) and setting it to zero gives the equations of motionMFFj

MFBj
0

MBFj
MBBj

0

0 0 0

 q̈j+1 +

CFFj
CFBj

0

CBFj
CBBj

0

0 0 0

 q̇j+1 +

KFF 0 KT
hcj

0 0 0

Khcj 0 0

 qj+1 =


RFj

RBj

Rhcj

 ,

(A.16)
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where
q̈Tj+1 =

{
ε̈Tj+1, β̇

T
j+1, λ̈

T
hcj+1

}
, q̇Tj+1 =

{
ε̇Tj+1, β

T
j+1, λ̇

T
hcj+1

}
,

qTj+1 =
{
εTj+1, b

T
j+1, λ

T
hcj+1

}
, λT

hcj+1
=
{
λT
hc,hj+1

, λT
hc,θj+1

}
,

(A.17)

and the hinge constraint stiffness and generalized load vector are

Khcj =

BH
h

(
DH

muJhεmu −DH
nvJhεnv

)
BH

θ (Jθεmu − Jθεnv)


j

, Rhcj = Khcjεj −

BH
h (hH

muj
− hH

nvj
)

BH
θ (θHmuj

− θHnvj)

 .

(A.18)
The matrix blocks in Eq. (A.16) are updated at each iteration, with the only exception of KFF .
Note that updating Khcj and Rhcj requires to update only the Jacobians because the BH

h , BH
θ ,

DH
mu, and DH

nv matrices are all constant in time.
In the practice, a control-surface member is connected to a parent member at multiple locations.

Therefore, the Lagrange multiplier vector will contain multipliers for each pair of constrained
hinge connection points. Similarly, the hinge constraint stiffness matrix block and generalized load
vector (A.17) will stack the associated Jacobians in the rows. Other types of constraints imposed
on the model [97] such as relative constraints will also give additional Lagrange multipliers and
matrix blocks in Eq. (A.16).

A.3 Hinge Loads

In a three-dimensional built-up finite element model of a component (e.g., wing) with a control
surface, concentrated springs and dampers may be defined at the hinge connections to describe
elastic reactions and dissipation that occur due to relative motions. To capture these effects in the
beam-type representation of Fig. A.1, the following contributions are added to the internal virtual
work terms:

δW int
Hmu

= −
(
δθHmu

)T [
KH

mu,nv

(
θHmu − θHnv −∆θ0mu,nv

)
+ CH

mu,nv

(
θ̇Hmu − θ̇Hnv

)]
= −δθTmu

[
KH

mu,nv

(
θmu − θnv −∆θ0mu,nv

)
+ CH

mu,nv

(
θ̇mu − θ̇nv

)]
,

δW int
Hnv

= −
(
δθHnv

)T [
KH

mu,nv

(
θHnv − θHmu −∆θ0nv,mu

)
+ CH

mu,nv

(
θ̇Hnv − θ̇Hmu

)]
= −δθTnv

[
KH

mu,nv

(
θnv − θmu +∆θ0mu,nv

)
+ CH

mu,nv

(
θ̇nv − θ̇mu

)]
,

(A.19)

where ∆θ0mu,nv = −∆θ0nv,mu is the built-in relative rotation vector of zero hinge elastic reaction
at the current connection points. The hinge stiffness and damping matrices in Eq. (A.19) are
derived by considering that rotations and rotation rates are resolved in the B frame, while the hinge
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elastic and damping effects are conveniently modeled in the wH frame. Therefore, the matrices in
Eq. (A.19) take the forms

KH
mu,nv =

(
CHB

mu

)T k
H
x 0 0

0 kH
y 0

0 0 kH
z


mu,nv

CHB
mu =

(
CHB

nv

)T k
H
x 0 0

0 kH
y 0

0 0 kH
z


mu,nv

CHB
nv ,

CH
mu,nv =

(
CHB

mu

)T c
H
x 0 0

0 cHy 0

0 0 cHz


mu,nv

CHB
mu =

(
CHB

nv

)T c
H
x 0 0

0 cHy 0

0 0 cHz


mu,nv

CHB
nv ,

(A.20)

where kH
i and cHi (i = x, y, z) are the torsion stiffness and viscous damping coefficients of the

concentrated spring-damper elements at the hinge connections, respectively, and

CHB
mu = CHw

mu C
wB
mu , CHB

nv = CHw
nv CwB

nv (A.21)

transform the B frame into the H frames at the coincident hinge connection points.
The total virtual work due to all the control surfaces in the model is obtained by summing

contributions of the form in Eq. (A.20) for all the hinge connections, yielding

δW int
H = −δθT

[
KH

(
θ −∆θ0

)
+ CH θ̇

]
, (A.22)

where the matrices KH and CH and the column vector ∆θ0 are obtained by assembling the nodal
terms in Eq. (2.38).

The equations of motion including the hinge loads are obtained by rewriting Eq. (A.22) in terms
of strains following the approach used in Sec. A.2. Assuming that the solution at the iteration j is
known, the hinge virtual work at the iteration j + 1 is

δW int
Hj+1

= −δθTj+1

[
KH

j

(
θj+1 −∆θ0

)
+ CH

j θ̇j+1

]
, (A.23)

where
θj+1 = θj + δθj+1 = θj + Jθεj(εj+1 − εj). (A.24)

The contribution due to the Jacobian Jθb is neglected in Eq. (A.24), because only relative motions
between the parent and control-surface members create hinge moments. Moreover, the sum of all
these moments in the model cancels out, so that the contribution due to the Jacobian Jθb is neglected
when rewriting δθTj+1 as a function of the independent DOFs using Eq. (2.13). Considering these
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properties and substituting Eq. (A.24) into Eq. (A.23), one obtains the equations of motionMFFj
MFBj

0

MBFj
MBBj

0

0 0 0

 q̈j+1 +

C̃FFj
CFBj

0

CBFj
CBBj

0

0 0 0

 q̇j+1 +

K̃FFj
0 KT

hcj

0 0 0

Khcj 0 0

 qj+1 =


R̃Fj

RBj

Rhcj

 ,

(A.25)
where

C̃FFj
= CFFj

+
(
JT
θε C

HJθε
)
j
,

K̃FFj
= KFF +

(
JT
θεK

HJθε
)
j
,

R̃Fj
= RFj

+
(
JT
θε K

HJθε
)
j
εj −

(
JT
θε K

H
)
j

(
θj −∆θ0

)
.

(A.26)

Flexible control surfaces affect the generalized mass, damping, and stiffness matrices in Eq. (A.25)
through the equivalent beam properties of each control-surface member and also through the ad-
ditional terms due to the hinge in Eqs. (A.17) and (A.26). Control-surface flexibility also affects
the generalized loads both through the external loads applied directly on the control surfaces (for
instance, due to aerodynamics) and through the hinge terms in Eqs. (A.17) and (A.26). All the ma-
trix blocks and right-hand side column vector in Eq. (A.25) are updated at every time step, except
for KFF .

A.4 Hinge Point Projections at Arbitrary Reference Beam Axis
Locations

In Secs. A.1 to A.3, the projections of the hinge connection points are assumed to intersect the
reference axes of the parent member and of the control surface at points mu and nv coincident
with nodes. However, these points will generally be at arbitrary locations within the mth and nth
elements with offsets ∆smu and ∆snv from the first element nodes. This situation is shown in
Fig. A.2 and can be treated using the kinematic relations presented.

The h vector at a generic location within a beam element is given by Eq. (2.22). Considering
Fig. A.2, the hinge kinematic recovery laws in Eq. (A.5) are modified as

hH
mu = DHw

mu hmu = DHw
mu e

Gmuhm1, hH
nv = DHw

nv hnv = DHw
nv eGnvhn1, (A.27)

where Gmu = Km∆smu and Gnv = Kn∆snv, Km and Kn are the matrices evaluated at the element
m (fixed member) and n (control surface), respectively, and hm1 and hn1 are the h vectors at the
first nodes of the elements m (fixed member) and n (control surface). The Jacobians associated
to Eq. (A.27) can be still written as in Eq. (A.7), provided that the Jacobians Jhεmu and Jhεnv are
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Figure A.2: Equivalent beam-type representation of a wingbox with a flexible control surface
(general geometry).

evaluated as

Jhεmu =

[
eGmu

∂hm1

∂ε1
, eGmu

∂hm1

∂ε2
, . . . , eGmu

∂hm1

∂εl
,
∂eGmu

∂εm
hm1, 0, . . . , 0

]
,

Jhεnv =

[
eGnv

∂hn1

∂ε1
, eGnv

∂hn1

∂ε2
, . . . , eGnv

∂hn1

∂εm
,
∂eGnv

∂εn
hn1, 0, . . . , 0

]
.

(A.28)

All the terms but the quantities Gmu, Gnv, ∂eGmu/∂εm, and ∂eGnv/∂εn are known from Eq. (2.13).
The θ column vector at a generic location within a beam element can be written as a linear

combination of the nodal values because the strain-based formulation assumes constant curvatures
along the element [97]. Therefore, one has

θHmu = θmu =

(
1− ∆smu

∆sm

)
θm1 +

∆smu

∆sm
θm3 = ηm3 θm1 + ηm1 θm3,

θHnv = θnv =

(
1− ∆snv

∆sn

)
θn1 +

∆snv
∆sn

θn3 = ηn3 θn1 + ηn1 θn3.

(A.29)

The quantities ∆sm and ∆sn are the lengths of the elements m and n, respectively, while
ηm1 = ∆smu/∆sm, ηm3 = 1 − ∆smu/∆sm, ηn1 = ∆snv/∆sn, ηn3 = 1 − ∆snv/∆sn are the
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nondimensional offsets of the projected points mu and nv from the first and third nodes of the
elements m and n, respectively. From Eq. (A.29) one obtains the Jacobians

JH
θεmu

= Jθεmu = ηm3 Jθεm1 + ηm1 Jθεm3 ,

JH
θεnv

= Jθεnv = ηn3 Jθεn1 + ηn1 Jθεn3 ,
(A.30)

where Jθεm1 , Jθεm3 , Jθεn1 , and Jθεn3 are the 3 × 4N blocks of the model Jacobian Jθε, Eq. (2.13),
associated with the nodes m1, m3, n1, and n3, respectively.

Based on the above kinematic relations, the hinge boundary conditions lead to the same form
of the equations of motion in Sec. A.2 provided that the hinge stiffness matrix is evaluated as

Khcj =

BH
h

(
DH

mue
GmuJhεmu −DH

nve
GnvJhεnv

)
BH

θ (Jθεmu − Jθεnv)


j

, (A.31)

where the Jacobians Jhεmu , Jhεnv , Jθεmu , and Jθεnv are computed as in Eqs. (A.28) and Eq. (A.30).
Substituting Eqs. (A.29) and (A.30) into the hinge virtual works Eq. (A.19), the total virtual

work due to all the hinge connection points can be still written as in Eq. (A.22). However, ap-
propriate weights consistent with Eq. (A.29) are needed when assembling the contributions due
to the hinge stiffness and damping matrices at each connection point into the full-model matrices.
The same remarks applies to the Jacobians used for rewriting the total virtual work in terms of
independent DOFs, which need to be computed as in Eq. (A.30).
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APPENDIX B

Fuselage Aerodynamics

Aerodynamic loads on UM/NAST wing-type members subject to transonic flow conditions are
currently computed using the method of segments and kriging surrogates [91, 65]. In this ap-
proach, the circulatory loads on each spanwise cross section (corresponding to a UM/NAST node)
are computed using aerodynamic lift, drag, and pitching moment coefficients given by a kriging
surrogate model as functions of the instantaneous Mach number M , local instantaneous effective
angle of attack αeff , and control-surface deflection δCS. Multiple control surfaces can be defined
on the same cross section.

The aerodynamic loads at a point along the beam reference axis of a UM/NAST wing-type
member are given in the local wind axes (a1 frame, see Fig. B.1) by:

L = πρb2(−z̈ + ẏα̇− dα̈) + ρb ẏ2 cL(M,αeff , δCS),

D = ρb ẏ2 cD(M,αeff , δCS),

M =
πρb3

2
[z̈ − 2ẏα̇− (0.25b− d)α̈] + 2ρb2 ẏ2 cM(M,αeff , δCS),

(B.1)

where L is lift per unit length (aerodynamic force component along a1z ), D is drag per unit length
(aerodynamic force component along −a1y ), and M is the aerodynamic pitching moment per unit
length about the quarter-chord point (aerodynamic moment component about a1x), ρ is the air
density, b is the local half chord, d is the forward-positive dimensional offset of the beam reference
axis from the half-chord point, ẏ and ż are the local horizontal and vertical velocity components
in the airfoil chord frame (a frame, see Fig. B.2), α̇ is the local pitch velocity in that frame, and
cL, cD, and cM are the airfoil lift, drag, and pitching moment aerodynamic coefficients. The local
instantaneous effective angle of attack in Eq. (B.1) is given by

αeff =
−ż + (0.5b− d)α̇

ẏ
(B.2)

and is measured between the local velocity along a1y and the airfoil chord along ay as shown in

167



Fig. B.1. Equation (B.2) does not include the unsteady effects due to the wake or compressibility
lags.

A UM/NAST fuselage member is originally defined as a purely structural member that does not
develop aerodynamic loads. In this work, UM/NAST is enhanced with the capability to account for
fuselage aerodynamics. This is done under two assumptions: 1) the aerodynamic coefficients are
given for each fuselage station that will be associated with a fuselage beam element, and 2) aero-
dynamic loads account for steady effects only. Moreover, while only the three aerodynamic load
components (L, M , and D) are considered for wing-type members, fuselage members experience
all six aerodynamic force and moment components.

The aerodynamic loads at a point along the fuselage stations are given in the local aerodynamic
axes (a frame, see Fig. B.2) by

Fx =
ρrf ẋ

2

2
cFx(M,αeff) ,

Fy =
ρrf ẋ

2

2
cFy(M,αeff) ,

Fz =
ρrf ẋ

2

2
cFz(M,αeff) ,

Mx =
ρr2f ẋ

2

2
cMx(M,αeff) + dyFz − dzFy ,

My =
ρr2f ẋ

2

2
cMy(M,αeff) + dzFx ,

Mz =
ρr2f ẋ

2

2
cMz(M,αeff)− dyFx ,

(B.3)

where rf is the local radius of a particular fuselage station, ẋ is the local velocity component along
the fuselage beam reference axis in its local frame (w frame, see Fig. B.3), dy and dz are the y and
z offsets of the point of load calculation to the fuselage beam reference axis as shown in Fig. B.3;
cFz , cFx , and cMy are the aerodynamic coefficients associated with longitudinal load components
(analogous to the lift, drag, and pitching moment aerodynamic coefficients), while cFy , cMx , and
cMz are the remaining aerodynamic coefficients associated with lateral load components.

The aerodynamic coefficients in Eq. (B.3) are functions of the local instantaneous effective
angle of attack that for fuselage members is defined as

αeff =
−ż

ẋ
. (B.4)

Other than on αeff , the coefficients in Eq. (2.59) are also dependent on the local Mach number
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Figure B.1: Orientation of the local wind frame (a1 frame) with respect to the global B frame for
a generic UM/NAST wing node.

M . These dependencies are provided by a kriging surrogate model defined for each node along
the fuselage beam reference axis and trained on a database of local aerodynamic coefficients from
three-dimensional steady rigid CFD solutions obtained for different conditions of body angle of
attack and Mach number. The aerodynamic coefficients in Eq. (B.3) for fuselage members would
also depend on the instantaneous effective angle of sideslip βeff .

To create the kriging surrogate models for a UM/NAST fuselage member, CFD solutions ob-
tained for the training sets of body angle of attack and Mach number are “sliced” at the spanwise
locations corresponding to the UM/NAST nodes for computing the aerodynamic coefficients at
those locations.

These aerodynamic coefficients are fitted using the kriging technique [109] to create the nodal
surrogates. The inputs to each nodal surrogate are the local M and αeff values while the outputs are
the nodal aerodynamic coefficients. The methodology is further described in Refs. [91, 65] and its
application to modeling the XRF1 wing and horizontal tail aerodynamics is described in Ref. [90].
Note that each nodal surrogate takes the local angle of attack αeff as the input during a simulation,
which is generally different from the body angle of attack α because of the local incidence and the
effect of flexible motion.

For giving correct results, the kriging nodal surrogates must be created consistently with
Eq. (B.3). This means that each surrogate must return aerodynamic coefficients defined in the
a frame at the corresponding UM/NAST node (see Fig. B.2), that is,

cFx =
2Fx

ρrf ẋ2
, cFy =

2Fy

ρrf ẋ2
, cFz =

2Fz

2ρrf ẋ2
,

cMx =
2Mx

ρr2f ẋ
2
, cMy =

2My

ρr2f ẋ
2

cMz =
2Mz

2ρr2f ẋ
2
,

(B.5)

where ρẋ2/2 is the local dynamic pressure.
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Local
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(f) Fuselage (side view)

Figure B.2: Orientation of the local aerodynamic frame (a frame) when (dy, dz) = (0, 0) and its
connection with the global B frame for a generic UM/NAST wing and fuselage node. For the case
of the fuselage, the a frame coincides with the w frame (structural frame).

Bx

Bz

wy

wz
ay

az

dy

dz

Figure B.3: Fuselage beam reference axis typically located at the fuselage station area centroid.
While the aerodynamic coefficients should be also calculated at the fuselage area centroid, in gen-
eral they could be given about a point offset from the beam reference line by (dy, dz). Regardless,
the two coordinate frames, i.e., a and w frames, remain aligned to each other.
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APPENDIX C

Enhanced FEM2Stick

The University of Michigan’s Enhanced FEM2Stick (UM/EF2S) is being developed to improve the
evaluation of the equivalent beam stiffness properties by including the extraction of axial stiffness
and corresponding coupling terms. The previous version of FEM2Stick (F2S) evaluates only a 3×3

cross-sectional stiffness matrix and hence only terms related to bending and torsion are calculated.
Axial stiffness was not computed with F2S and was assumed infinite. On the other hand, the EF2S
evaluates the complete 6 × 6 cross-sectional stiffness matrix. Terms related to axial stiffness are
also evaluated. However, the 6 × 6 stiffness matrix is reduced to a 4 × 4 matrix as required by
UM/NAST which includes the terms related to bending, torsion and axial stiffness.

C.1 Theoretical Formulation

It is required to reduce a given finite element method (FEM) model into an equivalent beam repre-
sentation. Given a FEM model, we want to find out the stiffness properties of a beam which can
model the behavior of the FEM model. In our case, the FEM model comes from MSC Nastran and
the equivalent beam representation is to be modeled in UM/NAST. We want the stiffness of the
beam in the UM/NAST compatible format. This requires the user to find the stiffness parameters
in local coordinate frame for each beam element. In this FEM to beam stiffness reduction process,
we will be doing the following major steps:

1. Defining the beam reference axis and number of reference nodes. Let’s say the total number
of beam reference nodes are n+ 1, then the total number of elements will be n.

2. Apply six different static load cases at the tip of the FEM structure given by a force vector
F t. Using MSC Nastran’s interpolation elements in the FEM, measure the displacement
vector U for each reference node for the different load cases. Both F t and U are in the
global reference frame.
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3. Using the information from the above steps, determine the following element stiffness matrix
k for each element in its local beam reference axis.

This 6× 6 stiffness matrix for each element is given by:

f i =



f i
x

f i
y

f i
z

mi
x

mi
y

mi
z


= kϵ, (C.1)

where f i, is a vector of internal force resultants withing an element in the local frame as a result of
applied tip forces and ϵ is the strain vector in the element local frame.

Hence knowing the displacement vector u for the two ends of the element and using finite
difference to calculate the derivatives, strain vector for the element can be calculated. It’s important
to note that the shear strains are not constant for an element and vary with the position along the
element.

C.1.1 Evaluating the Local Internal Force Resultant Vector for an Element

We have the vector F t, which for each six different static load case is given by:

F t =
{
F T
x 0 0 0 0 0

}
, (C.2)

F t =
{
0 F T

y 0 0 0 0
}
, (C.3)

F t =
{
0 0 F T

z 0 0 0
}
, (C.4)

F t =
{
0 0 0 MT

x 0 0
}
, (C.5)

F t =
{
0 0 0 0 MT

y 0
}

(C.6)

and
F t =

{
0 0 0 0 0 MT

z

}
. (C.7)

C.1.1.1 Load Cases Involving Tip Moments

For transforming the tip force vector F t, involving moments, the transformation from F t to f i is
given by:

f t = [G2L]F t, (C.8)
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where G2L is the transformation matrix between the FEM’s global frame and element local frame.
Also the Eq. (C.9) holds for tip forces involving moments:

f i = fB = f t, (C.9)

where F t is the applied tip force vector in the FEM model’s global frame, f t is the applied tip
force vector in the element local frame, fB is the force vector at the element end B in element
local frame and, f i is the internal force resultant vector in the element local frame.

C.1.1.2 Load Cases Involving Tip Forces

For the load cases involving the tip forces, the transformation works a different way as the moments
induced by the tip forces need to be accounted for as well. The resultant forces at the element end
B would involve moments as a results of the applied forces which is given by:

fB = r × f t, (C.10)

where r is the position vector from the element end B to the point of applied tip force. Therefore,
using vector f t which is given by the Eq. (C.9), the vector fB can be evaluated using the equation
Eq. (C.10). Now, the vector f i can be evaluated using the vector fB:

f i =



f i
x

f i
y

f i
z

mi
x

mi
y

mi
z


= [T ]fB =



1 0 0 0 0 0

0 1 0 0 0 0

0 0 1 0 0 0

0 0 0 1 0 0

0 0 −(l − x) 0 1 0

0 (l − x) 0 0 0 1


, (C.11)

where l is the length of the element in consideration. The Eq. (C.11) is evaluated by knowing the
fact that for any forces in the y and z direction, there would be induced internal moments which
would be a function of the distance x along the length of the element in consideration.

C.1.2 Evaluation of the Local Element Stiffness Matrix

The evaluation of the element stiffness matrix k, follows the approach given by Malcolm [110].
It starts with first evaluating the 6 × 6 stiffness matrix K, which is still a local element stiffness
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matrix but related the forces with the displacements and is given by:

fB = K∆u, (C.12)

where ∆u is the displacement of the end B relative to the end A in the local element reference
frame and is given by:

∆u =



uB
x − uA

x

uB
y − uA

y − lθAz

uB
z − uA

z + lθAy

θBx − θAx

θBy − θAy

θBz − θAz


= kϵ. (C.13)

Hence using Eq. (C.13), we can evaluate the matrix K. Malcolm [110] derives a relation be-
tween the matrix K and matrix k which is given by:

K−1Q−1 = k−1HQ−1 + Ek−1. (C.14)

Equation (C.14) is the Lyapunov’s equation and can be solved in MATLAB for k−1. Inverting
the same would give us the k matrix. The final step is to reduce the 6 × 6 matrix into 4 × 4 as
required by UM/NAST.

It is important to note that the matrices E, Q and H in Eq. (C.14) are all functions of the length
of an element and are constant for a given element. The formulation in the paper [110] was given
for a different local coordinate frame. Therefore, the equations have been re-derived to calculate
the matrices E, Q and H for the local reference frame that is used in UM/NAST.

C.2 Derivation of the Local Element Stiffness Matrix

Element stiffness matrix k can be calculated by Eq. (C.14). Since, Eq. (C.14) involve constant
matrices E, Q and H which are dependent on the type of the local reference frame that is used for
an element, we need to derive the equation again as per the UM/NAST local coordinate system. To
derive the same, we need to start with expressing the stiffness matrix k in terms of stiffness matrix
K. For this the first step is to start with expressing the vector ∆u in terms of strains, such that
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strains can be related to the stiffness matrix k. Hence starting with Eq. (C.15), we have

∆u =

∫ l

0



∂ux

∂x
∂uy

∂x
∂uz

∂x
∂θx
∂x
∂θy
∂x
∂θz
∂x


dx. (C.15)

But using Eq. (C.27), we can write

∫ l

0



∂ux

∂x
∂uy

∂x
∂uz

∂x
∂θx
∂x
∂θy
∂x
∂θz
∂x


dx =

∫ l

0



ϵx

γy + θz

γz − θy

κx

κy

κz


dx. (C.16)

Hence, using Eq. (C.15) and Eq. (C.16), we can write

∆u =

∫ l

0



ϵx

γy + θz

γz − θy

κx

κy

κz


dx =

∫ l

0



ϵx

γy

γz

κx

κy

κz


dx+

∫ l

0



0

θz

−θy

0

0

0


dx. (C.17)

Further, using Eq. (2.59) and Eq. (C.27), we have

f i = k



ϵx

γy

γz

κx

κy

κz


dx. (C.18)

175



Inverting Eq. (C.18), we can substitute in the Eq. (C.17), to get

∆u =

∫ l

0

k−1f i dx+

∫ l

0



0

θz

−θy

0

0

0


dx. (C.19)

Also, we can use Eq. (C.11), to substitute for f i in the Eq. (C.19), to get

∆u = k−1

∫ l

0



1 0 0 0 0 0

0 1 0 0 0 0

0 0 1 0 0 0

0 0 0 1 0 0

0 0 −(l − x) 0 1 0

0 (l − x) 0 0 0 1


fB dx+

∫ l

0



0

θz

−θy

0

0

0


dx. (C.20)

Next, using Eq (C.27), we can write

0

−θz

θy

0

0

0


=

∫ x

0



0

−κz

κy

0

0

0


dx. (C.21)

But we can write Eq. (C.21) in terms of strain as

0

−θz

θy

0

0

0


=

∫ x

0



0

−κz

κy

0

0

0


dx =

∫ x

0



0 0 0 0 0 0

0 0 0 0 0 1

0 0 0 0 −1 0

0 0 0 0 0 0

0 0 0 0 0 0

0 0 0 0 0 0


ϵ dx =

∫ x

0



0

−κz

κy

0

0

0


dx =

∫ x

0

Eϵ dx.

(C.22)
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Further, inverting Eq. (C.18), we have

0

−θz

θy

0

0

0


=

∫ x

0

Ek−1f i dx. (C.23)

Now, again using Eq. (C.11), we have

0

−θz

θy

0

0

0


= Ek−1

∫ x

0



1 0 0 0 0 0

0 1 0 0 0 0

0 0 1 0 0 0

0 0 0 1 0 0

0 0 −(l − x) 0 1 0

0 (l − x) 0 0 0 1


fB dx. (C.24)

On integrating the above, we have

0

−θz

θy

0

0

0


= Ek−1



x 0 0 0 0 0

0 x 0 0 0 0

0 0 x 0 0 0

0 0 0 x 0 0

0 0 −x(l − x/2) 0 x 0

0 x(l − x/2) 0 0 0 x


fB = Ek−1Gxf

B. (C.25)

Now, we can substitute Eq. (C.25) in Eq. (C.20) to get

∆u = k−1

∫ l

0



1 0 0 0 0 0

0 1 0 0 0 0

0 0 1 0 0 0

0 0 0 1 0 0

0 0 −(l − x) 0 1 0

0 (l − x) 0 0 0 1


fB dx+ Ek−1

∫ l

0

Gxf
B dx. (C.26)
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Next, integrating Eq. (C.26), we have

∆u = k−1



l 0 0 0 0 0

0 l 0 0 0 0

0 0 l 0 0 0

0 0 0 l 0 0

0 0 −l2/2 0 l 0

0 l2/2 0 0 0 l


fB + Ek−1



l2/2 0 0 0 0 0

0 l2/2 0 0 0 0

0 0 l2/2 0 0 0

0 0 0 l2/2 0 0

0 0 −l3/3 0 l2/2 0

0 l3/3 0 0 0 l2/2


fB

(C.27)
or,

∆u = k−1HfB + Ek−1QfB. (C.28)

But, using Eq. (C.12), we can write Eq. C.27 as

∆u = K−1fB = k−1HfB + Ek−1QfB, (C.29)

which gives us on simplification

K−1 = k−1H + Ek−1Q. (C.30)

Post multiplying by Q−1, we finally get:

K−1Q−1 = k−1HQ−1+Ek−1

(C.31)

where,

E =



0 0 0 0 0 0

0 0 0 0 0 1

0 0 0 0 −1 0

0 0 0 0 0 0

0 0 0 0 0 0

0 0 0 0 0 0


, (C.32)

H =



l 0 0 0 0 0

0 l 0 0 0 0

0 0 l 0 0 0

0 0 0 l 0 0

0 0 −l2/2 0 l 0

0 l2/2 0 0 0 l


(C.33)
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and

Q =



l2/2 0 0 0 0 0

0 l2/2 0 0 0 0

0 0 l2/2 0 0 0

0 0 0 l2/2 0 0

0 0 −l3/3 0 l2/2 0

0 l3/3 0 0 0 l2/2


. (C.34)
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